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Flow-induced vibrations (FIV) of bluff bodies subjected to cross-flow have 
historically been problematic phenomena responsible for fatigue damage and 
performance and safety issues in a wide range of areas, including, but not limited to, 
risers in the oil and gas industry, tall buildings, bridges, heat exchanger tubes, 
lighting towers and suspended power cables. 
The present work views FIV phenomena from a different perspective and 
examines two of the various FIV processes, namely vortex-induced vibration (VIV) 
and the galloping phenomena, in regard to their viability for extraction of useful 
energy from fluid cross-flows. 
To this end, the vibration response of a rigid circular cylindrical structure, 
pivoted about one end, with and without attached inline-to-flow splitter-plates along 
its length was experimentally investigated with the intention of identifying the 
system settings and body geometry that optimises the energy extraction capability 
of such a system.  
Tests were performed using a towing carriage running along a quiescent water 
tank. The cylinder structures were mounted to the travelling carriage and traversed 
the length of the tank at controlled travel velocities. Instrumentation was employed 
in order to capture the oscillatory response of the cylinder throughout the tank 
traverse. All cylinders were pivoted about an axis located at the towing carriage and 
were constrained to a single degree-of-freedom, free to oscillate throughout the 
plane normal to the incident direction of the relative flow only. 
To determine the efficiency with which the aforementioned cylinder 
configurations can extract energy from a cross-flow a power-take-off mechanism 
was necessary. This was achieved through use of an adjustable eddy-current 
damper, characterised by a linear relationship between the angular velocity of the 
cylinder and the damping torque. 
The present work builds on a broad body of literature in regard to FIV of circular 
cylinder cross-sections subjected to cross-flows where the general effects of both 
the fluid and structural properties on the vibration response characteristics of the 
body are well established. However, the majority of studies in this field are 





structure, not one of the structure constrained to pivot about an end. Furthermore, 
while the understanding of FIV under conditions of negligible to low damping of 
the structure is extensive, knowledge in regard to the FIV characteristics of the 
structure at higher levels of damping is relatively limited. 
An intent of this work is to contribute to understanding of the damped response 
of rigid cylinders undergoing flow-induced vibration, specifically for pivoted 
nominally circular cylinders. To this end the effects of the cylinder mass properties, 
aspects of the cross-sectional geometry and the level of applied damping on the 
response characteristics of the pivoted circular cylinder system were identified. In 
regard to the primary focus of this study, the settings for the set of parameters that 
define the structural properties and geometry of the rigid pivoted cylinder system 
that lead to enhanced energy extraction performance have been identified. 
The cylinder Reynolds number and the inertia ratio of the pivoted cylinder 
structure have been identified as the two most influential parameters in regard to 
both the angular magnitude of the vibration response and the efficiency of energy 
extraction obtained for the rigid pivoted circular cylinder. Within the range of 
Reynolds numbers tested herein for this particular cross-section of the cylinder, 
increase in the magnitude of the angular vibrations along with improvement in the 
efficiency of energy extraction was identified to occur with increase in the Reynolds 
number. Moderate efficiencies were obtained in the laboratory experiments and the 
means of improving on these levels have been identified. In contrast to the bare 
cylinder case the energy extraction efficiency of the pivoted cylinder with a single 
wake splitter-plate was found to be independent of the Reynolds number within the 
Reynolds number range tested and the energy extraction efficiency is significantly 
lower than that of the circular cross-section case. The relatively low efficiency has 
been identified as an inherent characteristic when using galloping-type vibrations, 
which the cylinder with single wake splitter-plate exhibits, to extract energy from a 
cross-flow. When, in addition to the single wake splitter-plate, a splitter-plate is 
included on the upstream side of the cylinder the magnitude and characteristics of 
the vibration response and the obtained efficiencies have been found to be similar to 





The fundamental reason for the higher efficiency of energy extraction of the bare 
cylinder and the cylinder with both upstream and downstream attached splitter-
plates is found to be due to the inherent characteristic of both these cross-sections to 
oscillate at a larger ratio of the angular magnitude to oscillation wavelength when 
operating at the point at which peak efficiency occurs. This behaviour is identified 
as due to the geometry of the cylinder cross-section and is therefore fundamentally 
associated with the mode of flow-induced vibration that inherently occurs as a 
consequence of the cross-sectional shape. The mass properties of the system have 
no influence in regard to the ratio of the angular magnitude to the reduced-velocity. 
The ratio of the angular magnitude to the reduced-velocity is identified as a useful 
means for assessing the degree to which a particular cross-section will perform 
when used to extract energy from a cross-flow. With the knowledge of the 
relationship between the vibration magnitude relative to the reduced-velocity the 
operational objectives of a flow-induced vibration device applied to extracting 
energy from cross-flows are clear. The efficiency of a FIV system will be improved 
by using cross-section modification that results in:  
i. Larger magnitude of vibration at the same reduced-velocity, or 
ii. Maintained magnitude of vibration with shifting of the peak efficiency 
operating point to a lower reduced-velocity, or 
iii. Ideally, larger magnitude of vibration at lower reduced-velocity. 
This research has implications for development of renewable energy 
technologies designed to exploit the excitation of bluff bodies by the mechanisms of 
VIV or galloping. A key outcome is confirmation regarding the viability of the rigid 
pivoted circular cylinder structure at laboratory scale for harnessing energy from a 
cross-flow. The dependence of the vibration response and energy extraction 
efficiency of these systems on the structural and geometric properties that constitute 
the system have been identified enabling modification and control of the system 
behaviour through tuning of the system parameters. The outcomes of the present 
work have significance for further investigation and development of this potential 
technology. 
The extent to which the cylinder Reynolds number may influence the energy 





beyond the limit achievable in the laboratory facilities used for the present work is a 
question requiring future investigation. Nevertheless, some pertinent factors in 
regard to the application of larger-scale cylinders to harnessing energy from cross-
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𝐴𝑥 Inline amplitude of cylinder vibration  [m] 
𝐴𝑥
∗  Nondimensional inline amplitude 𝐴𝑥/𝐷    - 
𝐴𝑦 Transverse amplitude of cylinder vibration  [m] 
𝐴𝑦
∗  Nondimensional transverse amplitude 𝐴𝑦/𝐷    - 
Ca Added inertia coefficient  - 
𝐶𝐷 Steady drag coefficient    - 
𝐶𝐷
′  Fluctuating drag coefficient    - 
𝐶𝐿 Steady lift coefficient    - 
𝐶𝐿
′  Fluctuating lift coefficient    - 
𝐶𝑝 Coefficient-of-performance (i.e. peak εfr-s)    - 
𝑐𝜃 Angular damping coefficient  [N.m.s/rad] 
D Cylinder diameter  [m] 
f Response frequency of structure subjected to FIV  [Hz] 
fex Frequency of structure from forced vibrations  [Hz] 
fn Natural frequency of structure  [Hz] 
fnd Damped natural frequency of structure  [Hz] 
fnw Natural frequency of structure in quiescent water  [Hz] 
fSt Strouhal frequency of vortex shedding  [Hz] 
fvs Frequency of vortex shedding  [Hz] 
f*  Frequency-ratio f/fn     - 
f˜ Reduced-frequency of cylinder oscillation     - 
Fs Frequency-stiffness parameter     - 






Icyl Rotational inertia of cylinder about the cylinder pivot  [kg.m
2] 
Id Rotational inertia about the cylinder pivot of the fluid volume 
displaced by the cylinder  [kg.m2] 
I* Inertia ratio  - 
k Stiffness of spring  [N/m] 
kθ Overall angular stiffness of pivoted cylinder  [N.m/rad] 
l Splitter-plate length in the streamwise direction  [m] 
L Cylinder length  [m] 
md Mass of fluid volume displaced by cylinder  [kg] 
m* Mass ratio  - 
m*crit Critical mass ratio  - 
M* Moment ratio  - 
?̅? Time-averaged power extracted by PTO  [W] 
𝑃𝑅𝑀𝑆 RMS power extracted by PTO  [W] 
rd Distance from cylinder pivot to mass centroid of fluid 
volume displaced by cylinder   [m] 
rgy Radius-of-gyration of the fluid volume displaced by 
pivoted cylinder   [m] 
Re Reynolds number UD/ν  - 
St Strouhal number  - 
Tu Turbulence intensity of free stream  [%] 
T* Torque ratio  - 
U Free stream velocity  [m/s] 
Ur Reduced-velocity U/(fnD)   - 






α Angle of attack of cross-section relative to flow direction  [rad] 
εfr Efficiency based on flow energy incident on cylinder  
 frontal-area  - 
εfr-s Efficiency based on flow energy incident on the sum of cylinder 
 frontal-area and the area swept by the cylinder axis  - 
 Average of the peaks of cylinder angular oscillations  [rad] 
̇  Angular velocity of cylinder angular oscillations  [rad/s] 
ν Kinematic viscosity  [m2/s]  
ξ Squared peak-to-mean difference  - 
ρ Density  [kg/m3] 
ρeff Effective density of hollow structure  [kg/m3] 
ρf Density of fluid  [kg/m3] 
ρw Density of water  [kg/m3] 
 
DOF Degree-of-freedom 
FIV Flow-induced vibration 
PTO Power-take-off 
RMS Root-mean-square 













Chapter 1  Introduction 
Global population and modern practices are placing enormous demands on the 
resource base of our planet and bringing about accelerated anthropogenically caused 
climate change. The rate of growth of global population has slowed compared to 
recent decades. However, numbers are still increasing and the UN Population 
Division estimates present world population to be 7.3billion (United Nations, 2015). 
Not only is our planet occupied by such a vast number of individuals but the 
standard of living in some of the regions with the largest population densities is on 
the improve (United Nations, 2015). Clearly, the benefits in regard to health and 
general well-being this represents for the inhabitants of these regions is welcome 
improvement. Hopefully it will not result in the increased waste generation typically 
associated with transition to urbanisation (Hoornweg et al., 2013) and excessive 
consumption of material goods and energy. On a per capita basis, the greatest 
degree of energy consumption is associated with the more developed regions of the 
world and, furthermore, there exists an apparent link between income and energy 
use (Fig.1-1 & Fig.1-2). The energy–and material–consumption associated with our 
culture of consumer materialism is a significant contributor to the environmental 
issues we face (Semmler and Bobby, 2013). 
Globally, our energy supply systems are predominantly reliant on fossil fuels as 
the input source, and vast amounts of CO2 emissions (ACIL Allen Consulting, 
2013; OECD/IEA, 2016) occur as a consequence of this dependency. Considered on 
a per capita basis Australia is one of the principal sources of global CO2 emissions 
(Fig.1-3) and Australians should therefore consider themselves, overall, as 
significant contributors to climate change. In addition to CO2 the composition of the 
emissions from fossil fuel based energy supply plants includes particulate matter 
and other substances known to impact on human health and development 
(Mohorovic, 2004; O'Connor and Roy, 2008; Perera, 2008; Pala et al., 2012; 
Xiaopeng et al., 2012) and to affect ecological systems generally (Kumari and Giri, 
2009; Bajpai et al., 2010; Kaldellis and Kapsali, 2014; Mandzhieva et al., 2016; 







Figure 1-1: Energy use according to a) World region and b) income, 1990 and 2013. 




































Figure 1-2: GNI, World and regions 2015. Source of data: The World Bank (2016). 
 
Figure 1-3: Emission of CO2 per capita from fuel combustion, World, regions and 
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Presently, non-renewable based electricity supply accounts for approximately 
77% of global demand (IEA, 2016). A breakdown of the contributions of different 
sources to global electricity supply is shown in Fig.1-4. 
 
Figure 1-4: Contributions by source to global electricity supply in 2014. Source: 
International Energy Agency (2016). 
Peak-oil, at which point in time global production of oil reaches its maximum 
and reduces thereafter, is forecast to occur prior to 2030 (with some modelling 
generating predictions of up to a decade or more earlier) and perhaps of even more 
significance is the broad consensus regarding oil production to have exceeded 
discoveries during the last 2-3 decades (Maggio and Cacciola, 2009; Owen et al., 
2010; Sorrell et al., 2010). We therefore face two intertwined issues: security of 
energy supply and climate change. Failure of the global community to address these 
pressing issues will see increased likelihood and/or intensity of a number of key 
issues, including for example, loss of livelihood (Myers, 1997; Barnett, 2007; 
Detraz and Windsor, 2014) driving migration; geo-political tension (Adger, 2014); 
conflict (Barnett and Adger, 2007); and challenges to national security (Dupont, 
2006). There can be no understating the complexity of the energy security and 
climate change issues.  
The energy supply challenges the world community faces throughout the coming 





to continue developing renewable energy technologies with the goal of expanding 
the contribution of renewables to overall global supply beyond that which exists 
presently (see Fig.1-4). In addition, paradigm-breaking societal change and 
abandonment of our growth-driven economic structures–grown out of access to 
financially cheap energy (fossil fuels)–that are unfit for a finite planet are necessary 
if the energy and climate problems are to be addressed. 
Our persistence with growth driven economic structures in developed global 
regions will very likely be correctly viewed by future generations as unjustified, 
foolish and thoughtless. Unmitigated growth is in direct conflict with the finite 
resource base of our planet (Alexander, 2012; Magnuson, 2013) and incompatible, 
for example, with the Sustainable Development Goals (United Nations, United, 
2015) articulated by the UN. Growth has now become so synonymous with 
successful modern life that it is taken for granted to be a measure of societal health 
and economic wellbeing. Unlike the concept of growth, fossil fuels are, of course, a 
finite resource. Hence, our growth-based economic structure and the finite energy 
source that has thus far–not without environmental and other consequences–largely 
underpinned it are by their very nature, incompatible; and the unbounded 
continuance of such is illusory. 
Although renewable energy technologies are vital to the establishment of 
sustainable energy supply, no technology will ever exist capable of rerouting our 
present imbalanced and unsustainable path back toward one of ecological 
permanence and sustainability in the presence of a financial system based 
exclusively on the model of growth. A planned transition of dissociation from 
fossil-fuel dependence is needed. The types of roles, influence and interplay of the 
various societal elements in this necessary sustainability transition has been 
explored (Grin et al., 2010; Hargreaves et al., 2011) and influencing factors that 
either support or limit success are considered to include lifestyle and behaviour, 
change in energy networks including decentralisation and microgeneration and 
public attitudes (Skea et al., 2011). 
Without the necessary changes in our behaviour and values that would 
precipitate the delegitimisation of our growth-consumer way of life we will 





storage (CCS) and attempts at pollution clean-up–all aptly described as ‘end-of-
pipe’ solutions–that by their very nature do not eliminate the root causes of the 
climate and environmental issues (Princen et al., 2015). Indeed, that a carbon-tax or 
similar pricing mechanisms are often advocated by more “accommodating” or 
“progressive” mainstream economists should serve as a warning in regard to their 
incompatibility in the long-term to lasting energy transition and ecological 
sustainability and permanence. 
To transition towards the ultimate goal of a predominantly renewable based 
society a “…normative shift on the order of abolition, industrialisation, 
democratisation, international peace, suffrage, and civil rights…” is needed 
(Princen et al., 2015). Transitioning renewable energy technologies into the 
mainstay of 21st century energy generation is indissoluble from this normalising 
process and a crucial element in the overall strategy toward tackling the climate 
change and energy challenges we face. When fully realised, this technological 
transition will be comprised of existing commercially proven technologies (e.g. 
wind and solar) combined with those that succeed beyond their present 
developmental stages in laboratory and field-test environments to form the ‘new 
normal’ energy supply landscape of modern civilisation. This transition will differ 
from the historical path of its source and technology precedents–wood and fire, coal 
and controlled combustion, uranium and nuclear power, and so on. Rather, it will 
signify an epochal societal shift marking a reestablishment of the existential bonds 
between humankind and the life supporting earth we all inhabit–a reflection of a 
new value system, coupled with the right energy supply technologies. 
What are the right technologies for the energy transition, and beyond? Arguably, 
they are those that fit the prescriptive definition of a post fossil-fuel (dominant) 
future. However, exceptions are likely. For example, the high energy density and 
easy transportability of liquid fuels makes them hard to see substituted for in 
applications such as aviation. When the abstaining from using fossil fuels as the 
resource is both technically feasible and practical renewables are the right 
technologies; and our planet is abundant in renewable sources of energy and 
practical locations for installation of devices (see e.g. Iglesias and Carballo, 2010; 





Ouliaris, 2016; Chambefort et al., 2016; Hemer et al., 2016; Hernández-Escobedo 
et al., 2016). This is not to say renewable energy technologies can be considered 
free from impacts on the environment and ecosystems (Gill, 2005; Copping et al., 
2014; Wang and Wang, 2015; Laws and Epps, 2016). Nevertheless, the 
significantly lower emissions associated with renewables compared to fossil fuel 
based alternatives (Bessa and Prado, 2015; Clancy et al., 2015; Pfenninger and 
Keirstead, 2015; Kumar et al., 2016) ensures their compatibility with achieving 
sustainability goals. 
A foreseeable post-transition energy generation landscape is one populated by 
more numerous and smaller scale technologies individually suited to the 
surrounding local environment, such as regional towns/centres with solar thermal 
plants, city buildings and suburban residences with solar PV and farm lands with 
wind turbines providing energy. The key point is that the form of renewable energy 
technology employed is that most suited to the available resource at the 
country/region/location in question. Such an approach is necessary in order to 
enable the transition away from fossil fuels (Laws and Epps, 2016) and is a point 
opponents of renewable energy technologies often fail to appreciate when decrying 
the shortcomings of any one renewable energy technology in particular. 
As has been discussed throughout the preceding paragraphs, the use of 
renewable energy technologies in the absence of meaningful societal change 
towards sustainable values and practices is insufficient to address the serious energy 
climate challenges we face. However, technologies are an indispensable link in the 
solution chain. With the importance of the right energy supply technologies in 
mind, the present work has sought to add to the technological options available for 
consideration. The specific field of application of the present study is the marine 
energy environment. 
The fundamental mechanism underlying the technology explored in the present 
work is the vibrations of structures caused by fluid cross-flow passing over a body 
(for many industries, including construction, aviation, power transmission and oil 
and gas, the occurrence of flow-induced structural vibrations is problematic see e.g. 
Furnes and Berntsen, 2003; Marsden and Price, 2005; Trim et al., 2005; Chu et al., 





induced vibration of cylindrical structures, investigated through laboratory-scale 
experiments for their potential to form the basis of a renewable energy device 
extracting energy from water flows, in the form of marine currents, tidal streams or 
river flows.  
The body geometry and flow-structure orientation investigated is the pivoted, 
rigid (inflexible along its length), circular cylinder subjected to fluid cross-flow in 
the direction perpendicular to the cylinder axis. In all cases the motion constraint 
considered was one of a single degree-of-freedom (SDOF) with the cylinder 
constrained such that it could ‘swing’ about the pivot point located at one end of the 
cylinder. In the experiments the swing of the cylinder was in-plane with the vertical 
and in all but the tests of Chapter 7 the swing-plane was aligned perpendicularly to 
the direction of the incident flow. Inclination angle has been observed to affect the 
flow-induced vibration response of slender bluff body structures, with variation in 
the magnitude of the response found to be dependent on both the inclination 
direction (i.e. into or away from the flow) and the magnitude of the inclination of 
the body relative to the vertical (see e.g. Matsumoto et al., 1990; Cheng et al., 2003; 
Franzini et al., 2009; Gang Hu et al., 2015). Variation in the inclination angle of the 
cylinders tested in the present work may form part of a future study with the goal of 
further enhancing the energy extraction performance of the pivoted cylinder 
structure above the levels reported herein. However, this variable was intentionally 
not considered in the present work in order to focus on understanding the vibration 
characteristics and energy extraction performance of the zero-inclination angle case. 
In exploring the flow-induced vibration response and the energy extraction 
efficiency of the pivoted cylinder structure two general types of cylinder cross-
section were considered: 1. Bare cylinder (i.e. plain circular cylinder); and 2. 
Circular cylinder with attached non-rotating wake splitter-plate, or plates. Other 
types of structures which also experience vibrations when subject to cross-flows 
such as the fluttering piezo-leaf arrangements of Li et al. (2011a) and the vane 
energy harvester positioned in cylinder wake of Li & Sun (2015) were not 
considered. This constraint on the investigated structural form was adopted to 
ensure the response and energy extraction performance of the structure under 





geometrically efficient load bearing cross-section and its simplicity is appealing for 
application in the marine environment wherein device survivability is highly 
challenging. 
For the first of the cylinder cross-sectional configurations tested herein, the bare 
cylinder structure undergoes a flow-induced vibration due to the alternating nature 
of the pressure field in the immediate wake of the cylinder that occurs as a result of 
vortex shedding from the cylinder surface, know widely as vortex-induced vibration 
(VIV). In the second case, the attachment of a fixed wake splitter-plate to the 
cylinder forces the vibration response to take the form of a galloping-type vibration. 
In the third, the addition of a second splitter-plate to the upstream side of the 
cylinder was made which resulted in a mixed vibration response exhibiting 
characteristics of vortex-induced vibration and of galloping-type flow-induced 
vibration.  
For both vortex-induced vibration and galloping-type vibrations the literature is 
generally focussed on either the dependence that the vibration amplitude and 
frequency have on the various parameters that define these types of systems or on 
the nature of the cylinder wake under various flow-structure operational conditions. 
The predominantly investigated structural constraint in the literature is the 
archetypal case of the cylinder (or bluff body) restricted to uniform amplitude of 
vibration at all points along its span and constrained to only vibrate in the direction 
perpendicular to the incident flow (see e.g. Khalak and Williamson, 1997a, 1999; 
Govardhan and Williamson, 2000; Willden and Graham, 2006; Morse and 
Williamson, 2009a; Zhao et al., 2012; Sorribes-Palmer and Sanz-Andres, 2013). 
Significant differences have been identified to exist between the uniform spanwise 
amplitude case and that of cylinders constrained to pivoted motion about one end. 
For example, unlike the archetypal translating cylinder arrangement which exhibits 
a high degree of uniformity in the mode of vortex shedding along the cylinder axis, 
both the mode and the frequency of vortex shedding have been found to vary at 
particular regions along the axis of pivoted cylinders and, furthermore, the along-
axis locations of transition appear to have a dependence on the angular magnitude 
of the cylinder vibrations (Balasubramanian et al., 2000; Flemming and 





has bearing on the spanwise forces that act on the cylinder given there is a direct 
link between the overall characteristics of the vortex shedding and the pressure field 
in the immediate wake region of the cylinder. Consequently, owing to the variation 
in the timing and nature of the vortex shedding that can occur along a pivoted 
cylinder the overall nature of the fluid-structure interaction is not directly 
comparable to that of the translating cylinder case. Studies of the flow-induced 
response of pivoted cylinders in addition to the relatively limited number of works 
that exist on the topic (for examples, see Balasubramanian et al., 2000; Flemming 
and Williamson, 2005; Voorhees et al., 2008; Kheirkhah et al., 2012; Kheirkhah et 
al., 2013; Stappenbelt and Johnstone, 2014) are therefore necessary to improve 
understanding and provide a clearer picture of the similarities and differences of the 
flow-induced vibration responses of the translating and pivoted cylinder cases. 
A key goal of the present work was to determine which out of the three cylinder 
cross-sectional geometries considered herein (i.e. bare cylinder, cylinder with wake 
splitter-plate or cylinder with both wake and upstream splitter-plates) has associated 
with it the better efficiency of energy extraction from a fluid cross-flow. In order to 
explore the efficiency with which each of the three different cylinder cross-sections 
has the capacity to extract energy from the cross-flow a form of power-take-off was 
necessary. This was achieved using eddy-current damping (see e.g. Weinberger, 
1977; Nagaya et al., 1984; Tonoli, 2007; Ebrahimi et al., 2008). This form of non-
contact damper is characterised by a linear relationship between velocity and 
damping force, or as realised by the constructed apparatus used in the experiments 
of this work, between angular velocity of the cylinder and the damping torque. The 
damping ratio, calculated based on the structural properties of the cylinders, was 
varied in the experiments undertaken, up to a general maximum of ζ ~ 0.1 with 
higher values obtained in some instances (the maximum achievable was constrained 
by the operational limits of the laboratory equipment). Each test conducted was 
simultaneously an assessment of the cylinder vibration response, in the form of the 
magnitude of the angular oscillations and the oscillation frequency, and the energy 
extraction efficiency at the selected level of applied damping, with the damping 





The principle of using flow-induced vibrations to extract energy from a cross-
flow has been considered analytically (Barrero-Gil et al., 2010; Meliga et al., 2011; 
Sorribes-Palmer and Sanz-Andres, 2013) and in some cases the models incorporate 
experiment results from other works as inputs (see e.g. Barrero-Gil et al., 2012; Xu-
Xu et al., 2016). For the case of vortex-induced vibration, the results of Barrero-Gil 
et al. (2012) indicated the characteristics of the energy extraction performance to be 
dependent on the mass ratio m*, the Reynolds number and the damping ratio ζ. This 
contrasts well to the finding of Morse & Williamson (2009b) that maximum energy 
transfer from the fluid to the cylinder takes place at a particular level of mass-
damping m*ζ. In the present work, the identification of the parameters influencing 
the energy extraction performance of the pivoted cylinder structure was a primary 
objective. It will be seen in the following chapters that for the bare cylinder the 
inertia ratio I* (ratio of the cylinder inertia to the notional inertia of the fluid volume 
displaced by the cylinder), the cylinder Reynolds number and the damping ratio ζ 
are important parameters when designing for efficient energy extraction 
performance.  
The structural and geometric properties of the pivoted rigid cylinder systems 
explored in this work are defined by a broad set of parameters, including, but not 
limited to, the inertia ratio I*, the torque ratio T* and the ratio of the splitter-plate 
length l (measured in the direction in-line with the incident flow) to the diameter D 
of the cylinder i.e. the ratio l/D. For the experiment cylinders the values of these 
parameters were varied in order to evaluate the effects these parameters have on the 
vibration response and the energy extraction performance. In the course of this 
work, novel governing parameters, the torque ratio T* and the Frequency-stiffness 
Fs, have been formulated to express the stiffness and the frequency response, 
respectively, for all three cylinder cross-sectional configurations considered as part 
of this work. The torque ratio accounts for all of the moments acting about the 
cylinder pivot due to body, buoyancy and any additional applied stiffness (due to 
springs) and is the ratio of the moments acting to stabilise (i.e. return to angular 
centre) the cylinder to those acting to destabilise the cylinder. The Frequency-
stiffness Fs parameter collapses the frequency response data at the operating point 





composite parameter, consisting of a number of individual parameters that express 
different elements of the structural properties of the system. Furthermore, it 
accounts not only for the presence of splitter-plates attached to the cylinder but also 
their length in the streamwise direction. The Fs parameter is coupled to the torque 
ratio and monotonically increases with increase in the torque ratio T*. The validity 
of the Frequency-stiffness parameter is not only limited to the operating point of 
peak efficiency. The reasons for its validity in the immediate vicinity of the peak 
magnitude of the vibration motion for the bare cylinder case and for any point in the 
galloping-type response of the cylinders with 1-sided splitter-plate attached are 
shown in the relevant chapter. 
The present work is entirely focussed on the dynamics of the cylinder response 
and the energy extraction performance. It was not, therefore, within the scope of the 
study to investigate the characteristics of the flow field in the immediate proximity 
of the cylinder. However, at times throughout this work the discussion does lead to 
postulation that a particular characteristic of the observed cylinder response is 
associated with, or is directly a consequence of, the state of the flow field, such as 
the transitional state of the shear layers or the nature of the vortex shedding pattern 
in the cylinder wake. Confirmation of these assertions in regard to the probable link 
between the cylinder response and the state of the flow would require study of the 
flow field using, for example, methods as employed in the wake topology study of 
Kheirkhah et al. (2016). 
Both upstream turbulence and cylinder surface roughness have similar effects in 
regard to the cylinder forcing, the rougher surface resulting in a more energised 
state of the cylinder boundary layer, thus forcing the local flow into a similar state 
as would exist due to turbulence in the incident flow. In the present work, 
turbulence was at negligible levels owing to the still water condition of the free 
surface water tank through which the experiment cylinders were dragged. In 
addition, for all the experiment cylinders a smooth surface was ensured by careful 
surface preparation. In any future research that includes turbulence and/or surface 
roughness effects into the study of pivoted rigid cylinders, researchers have many 
works with which to refer to that have explored the effects of turbulence on the 





of cylinder surface roughness on the flow regime (Achenbach, 1971; Guven et al., 
1980; Buresti, 1981; Nakamura and Tomonari, 1982; Rooney and Peltzer, 1982; 
Farell and Arroyave, 1990) and the effects of surface roughness on the flow-
induced vibration response (Raghavan and Bernitsas, 2008; Kiu et al., 2011). 
This work is specifically an experiment based study. Accordingly, no numerical 
flow or flow-structure interaction simulations, such as Kawai (1990), Nakayama & 
Noda (2000), Shiels et al. (2001), Tiwari et al. (2005), Li et al. (2011b) and Zhao et 
al. (2012), were undertaken. The entire set of vibration response and energy 
extraction performance data of the present work was obtained through laboratory-
scale physical experiments. However, one section of the work does feature an 
analytic expression derived for the vibration response of the pivoted cylinder with 
wake splitter-plate at the operating point of peak efficiency. 
Within the constraints of the available laboratory equipment, the experiments 
were conducted with the goal of approximating a large-field flow regime. That is, 
the experiment cylinders were constrained to a diameter typically of order 1/20th of 
the width of the free surface water tank used for the experiments. For one particular 
larger diameter cylinder, however, this value was reduced to approximately 1/10th, 
necessitating the obtained results to be considered with regard to blockage effects. 
Aside from the unavoidable proximity of the free end of the experiments cylinders 
to the bottom wall of the test facility water tank the outcomes of the present 
experiments are considered to be free from the effects near-cylinder geometries 
(wake-galloping, downstream objects, etc.) have on the cross-flow induced 
vibration of slender structures (Ozono, 1999; Jung and Lee, 2011; Wang et al., 
2013; Li et al., 2016). 
Overall, the outcomes of this research have implications for the development of 
renewable energy technologies designed to exploit the excitation of bluff bodies by 
the mechanisms of vortex-induced vibration or galloping. A key finding is that the 
rigid pivoted circular cylinder structure does have the potential to form the basis of 
an energy harvesting system sited within a fluid cross-flow provided the system 
parameters are set at appropriate design values. The dependency of the vibration 
response and energy extraction efficiency of the pivoted rigid cylinder on the 





enabling the modification and control of the system vibration response and energy 
extraction performance through tuning of the system parameters. 
In the remainder of the Introduction an outline of the structure and contents of 
the main body of the study is provided. 
Firstly, in Chapter 2 the flow past a fixed circular cylinder is discussed. The 
focus is on the fundamental aspects of fluid flows past the circular cylinder and the 
relationships that exist between the parameters that govern and influence the 
dynamics of the fluid-structure interaction. The cylinder boundary layers and the 
shear layers of the cylinder wake are covered as are the general characteristics of 
the vortex shedding from the cylinder and the wake flow. The Reynolds number 
dependence and corresponding changes in the state of the aforementioned features 
of the flow past the cylinder is also included throughout the chapter.  Chapter 3 is 
concerned with the vortex-induced vibration response of translating circular 
cylinders with a single degree-of-freedom in the direction transverse to an incident 
flow. The typical response behaviour is outlined, including the effect on the 
response of the mass ratio m* and the combined mass-damping parameter m*ζ. 
Discussion regarding hysteresis effects and the dependence of the response on the 
Reynolds number is also included. The dimensionless parameters generally used to 
characterise the system are outlined. In regard to the vortex-induced vibration of the 
pivoted rigid circular cylinder relatively little work exists in the literature. Based on 
the limited amount of material available, the last part of Chapter 3 is a review of the 
general characteristics of the angular vibrations and frequency response observed 
for the pivoted cylinder structure. The modes of vortex shedding observed along the 
span of the pivoted cylinder are considered and comment in regard to the apparent 
influence of the structural properties on the response is made where possible. 
Chapter 4 provides background on the circular cylinder with included wake 
splitter-plate. Firstly, the chapter deals with the fully constrained cylinder with 
wake splitter-plate and consideration is given to the characteristics of the flow, 
including the shedding frequency and pressure distribution about the cylinder 
surface. Secondly, the effect of the wake splitter-plate on the vibration response 
when the cylinder is afforded a single degree-of-freedom transverse to the incident 





vibration response that typically occurs due to the presence of the wake splitter-
plate and the nature of the corresponding fluid-structure interaction are discussed. In 
addition, the effect that different forms of splitter-plate configuration, including the 
splitter-plate being free to rotate about the cylinder axis, on the flow-induced 
vibration response of the cylinder is considered. 
In Chapter 5 the experiment methodology is outlined. Details of the laboratory 
apparatus, the test cylinders and instrumentation are provided. The definitions and 
analytic expressions used to describe and quantify the pivoted cylinder system are 
outlined along with the data collection method, the metrics used in the data analysis 
and the approach to presentation of results. The multiple linear regression technique 
employed at a stage in the data analysis is discussed and the sources, estimation and 
quantification of error are addressed. 
Chapter 6 is the first of four chapters reporting on the laboratory experiments. It 
is concerned with the flow-induced vibration response of the pivoted circular 
cylinder with attached splitter-plates, attached on either the downstream or on both 
the downstream and upstream sides of the cylinder. The effect the splitter-plate 
length has in regard to the magnitude of the angular vibrations and the frequency at 
which they occur is explored. Similarly, Chapter 7 investigates the vibration 
response of the pivoted cylinder with a splitter-plate attached on the downstream 
side. However, in Chapter 7 it is the particular case of non-perpendicular alignment 
of the cylinder swing-plane to the direction of the incident flow that is investigated. 
The vortex-induced vibration response of the pivoted bare cylinder is the focus 
of the experiments reported in Chapter 8. The characteristics of the vibration 
response, including the magnitude of the cylinder angular oscillations, the excitation 
frequency and the oscillation wavelength, are discussed in addition to the influence 
of the Reynolds number. The effect of various levels of applied damping on the 
response of the bare pivoted cylinders is explored and the apparent link between the 
ratios of the cylinder natural frequencies in air and water and specific points in the 
overall response is discussed. In Chapter 9, the last of Part II, the experiment 
outcomes, respectively, for the efficiency of energy extraction from cross-flows of 
the pivoted cylinder with and without attached splitter-plates are presented. The 





version of the efficiency equation. The added inertia coefficient and reduced-
velocity at the operating point of peak efficiency is considered for the bare cylinder 
and also for those with splitter-plates attached. 
Part III considers system design of the pivoted cylinder system for use as a 
renewable energy technology. The first chapter, Chapter 10, discusses the 
development of the Frequency-stiffness Fs parameter that collapses the frequency 
responses at the operating point of peak efficiency for all the cylinder cross-sections 
considered in the experiments undertaken throughout this work i.e. the bare cylinder 
and the cylinders with 1-sided splitter-plate (downstream splitter-plate attached) or 
2-sided splitter-plate (both an upstream and downstream splitter-plate attached). 
Model equations are obtained for the bare cylinder configuration through 
application of the method of multiple linear regression to the corresponding 
experiment data. These model equations pertain to the average magnitude of the 
cylinder angular vibrations θ/θcyl, the oscillation frequency f˜ (i.e. the dominant 
response frequency expressed in a dimensionless form) the energy extraction 
efficiency εfr and the coefficient-of-performance Cp. An overview is provided in 
regard to the parameter settings of the pivoted cylinder system that lead to enhanced 
efficiency of energy extraction from cross-flows. To complete Chapter 10, a method 
is outlined for maintaining the operation at the operating point of peak energy 
extraction efficiency under conditions of variable cross-flow velocity, such as is 
encountered in tidal streams. 
In Chapter 11 a new approach to presenting the coefficient-of-performance Cp is 
outlined. It will be seen that by using the coefficient-of-performance map presented 
therein that for the case of the bare cylinder the inertia ratio of the system I*, the 
Reynolds number and the damping ratio are clearly the parameters governing the 
efficiency performance. The x-axis parameter Q* of the Cp map is a measure of the 
dimensionless volume of water effectively passing through the swept-area of the 
cylinder every oscillation cycle. For the cylinder cross-sections investigated in the 
present work (i.e. bare cylinder, cylinder with 1-sided splitter-plate and cylinder 
with 2-sided splitter-plate), two distinct coefficient-of-performance regimes are 
identified in the Cp-Q
* space, wherein the response is largely characterised by either 





frequency vibrations. The combined effect of these two factors is inherently 
accounted for in the Q* term given that both the angular magnitude of the response 
and the vibration frequency feature in its composition. 
In the Conclusions section of Part IV a summary discussion on the outcomes of 
the present study and their implications in regard to the use of the pivoted cylinder 
structure as the basis for a technology that extracts energy from cross-flows is 
provided. Particular emphasis is given to the influence that the mass properties of 
the cylinder, the Reynolds number and the cylinder cross-sectional geometry have 
in regard to the flow-induced vibration response and the energy extraction 
performance. Also emphasised are the design settings necessary for the system 
parameters in order to achieve decent efficiency of energy extraction. 
Lastly, in the final section recommendations for further inquiry are given that the 
outcomes of the present work have indicated to be important next steps for 
deepening understanding of the performance, and thereby the design requirements, 












PART I FLOW DYNAMICS AND RESPONSE OF CYLINDERS 
SUBJECTED TO CROSSFLOWS 
Chapter 2 Flow past a circular cylinder: background and fundamentals  
2.1 Steady flow past a circular cylinder 
Flows passing over and interacting with objects in a flow path is one of the classical 
problems studied in fluid mechanics. Many examples exist in engineering practice. 
Broadly speaking, such phenomena fall within the category of fluid-structure 
interactions and are governed by the fundamental physics of fluid flows and 
structural mechanics. The presence of the structure forces the flow to diverge 
around the body resulting in fluid forces being imparted on the structure. This, in 
turn, forces a response from the structural system. The characteristics of the 
structural response include resistance by the material to deformation (stress 
response), material strain within the elastic region (or the plastic region if yield 
stress of the material is exceeded). Under certain conditions, fluid-structure 
interaction may bring about potentially destructive structural vibration.  
The purpose of the present section is to concentrate on the fundamental aspects 
of fluid flows past the circular cylinder, which is a bluff body ‘…characterised by a 
region of negative base pressure…’ (Unal and Rockwell, 1988), and the 
relationships that exist between the parameters that govern and influence the 
dynamics of the fluid-structure interaction.  
The presence of a body in the path of a fluid flow represents a localised blockage 
and interruption to the flow field. The fluid approaching the body is forced to 
diverge about the structure and fluid particles are subjected not only to changes in 
their path but also to localised accelerations and decelerations. Energy is required to 
alter the path and velocity of the fluid particles and this is imparted to the fluid by 
the body. Hence, a force is necessary to restrain the body relative to the flow. The 
restraining force is dependent on numerous factors, including the properties of the 
fluid, such as the fluid density and viscosity, the free stream velocity, the area the 
body presents to the flow and its cross-sectional shape (in-line with the flow 





depending on the characteristics of the flow that result from the fluid-structure 
interaction the force may have, in addition to a steady component, a time varying 
component. 
2.1.1 Flow regimes for a smooth cylinder 
As mentioned above, the flow characteristics downstream of a body are dependent 
on the properties and geometry, respectively, of the flow stream and the body itself. 
It is well established that the boundary layer development and separation are highly 
dependent on the Reynolds number. Furthermore, the wake characteristics are 
coupled to the state of the boundary layers and the location of the separation points 
of the flow from the body and, consequently, the nature of the wake flow 
downstream of a bluff body is also Reynolds number dependent. 
At cylinder Reynolds numbers > ~ 40 the flow interaction with a fixed bluff 
body results in well defined and oscillatory shedding of vortices from the body. It 
has been established that a number of distinct Reynolds number ranges, known as 
flow regimes, exist within which the character and features of the vortex shedding 
are particularly unique. Transition from any one particular vortex shedding regime 
to another takes place with increase (or decrease) of Reynolds number in the 
vicinity of the Reynolds number value that delineates the two neighbouring 
regimes. 
Throughout the literature there are differing opinions on the Reynolds number 
values at which the transition between the various regions of vortex shedding 
patterns occurs for a fixed smooth circular cylinder. However, the differences are 
typically small and usually can be attributed to experiment conditions, such as 
blockage effects, free-stream turbulence, cylinder end conditions, surface finish, 
and so on. In any event, the transition from one vortex shedding pattern to another 
is not an instantaneous event and the transition takes place across a finite Reynolds 
number range. Accordingly, the transition Reynolds numbers quoted from various 
sources are perhaps best considered not as precise values, but as indicative of when 
wake flow transition should be expected to take place. 
Unlike the differences of opinion regarding the Reynolds numbers at the 





widespread agreement regarding the patterns and characteristics of the vortex 
shedding in each distinct Reynolds number dependent flow regime. 
Before proceeding with descriptions of the various Reynolds number flow 
regimes, it is worthwhile noting that a selection of the references in the following 
discussion are from work investigating cylinders with surface roughness. However, 
they are included only where the general character of the flow exists for both 
smooth and rough cylinders and the primary difference between the two is a shift in 
the occurrence of the flow phenomena to lower Reynolds numbers. Again, in the 
following section the quoted Reynolds numbers at the boundaries of the various 
flow regimes are those for smooth cylinders. Throughout the following discussion 
the Reynolds number values delineating each of the various flow regimes are those 
as given in Sumer & Fredsoe (1999), considered herein to be largely representative 
of the values generally accepted within the field. 
Although two-dimensional descriptions and models are extremely useful for 
understanding the characteristics and regimes of vortex shedding phenomena, it is 
well understood that vortex shedding is inherently three-dimensional in nature. 
Only for Reynolds number less than approximately 2x102 does the vortex shedding 
along the cylinder correlate well, exhibiting closely matched patterns, shedding 
frequency and phase, and thus strong spanwise two-dimensionality. For larger 








Figure 2-1: Flow regimes for a smooth circular cylinder. Source: Sumer & Fredsoe 
(1999). 
At very low Reynolds numbers i.e. Re < 5 the flow over a smooth circular 
cylinder is steady with no separation of the flow from the cylinder surface (Fig.2-
1a). At the boundary between the fluid and the body the fluid follows the cylinder 
profile through 180 degrees, starting from the stagnation point to the trailing side of 





difference, to the flow conditions of the upstream flow. This regime is typically 
referred to as creeping flow. 
As Reynolds number is further increased to within the range 5 < Re < 40, 
separation of the boundary layers from the cylinder surface occurs and a symmetric 
pair of vortices of opposite sign circulate in the immediate wake of the cylinder. 
The vortices remain in the immediate vicinity of the cylinder, enclosed within a 
flow envelope that effectively forms an additional boundary to the main body of the 
flow passing the cylinder (Fig.2-1b). Thus, in a sense the flow no longer ‘sees’ a 
circular cylinder, but one elongated into a quasi-elliptical form tapered toward the 
downstream direction. The vortices become increasingly elliptical as their length 
grows, almost linearly with Reynolds number, up to a limit of around two cylinder 
diameters (Takami and Keller, 1969; Nishioka and Sato, 1978). The points of 
separation of the boundary layers depend on the Reynolds number value and occur 
at locations on the flow-facing side of the cylinder surface. Within the range 5 < Re 
< 40, separation of the flow from the surface occurs early with the angle to the 
separation points on the surface being less than 80 degrees from the stagnation point 
location. 
The stable pair of symmetric vortices that occur within the Reynolds number 
range 5 < Re < 40 become unstable with further increase in the Reynolds number to 
values greater than 40. Beyond Re ~ 40, small perturbations cause the shear layers 
of the flow past the cylinder to become unstable. The instability of the two shear 
layers results in unsteady vortex shedding (Bearman, 1969), characterized by the 
vortices on the opposing sides of the cylinder breaking away from their stable 
positions and shedding in an alternating and periodic fashion. While the flow is 
within the range 40 < Re < 200 the resulting vortices downstream of the cylinder are 
laminar and their interaction and pattern follows that of the regular von Kárman 
vortex street (Fig.2-1c). Such behaviour of the vortex wake at this low Reynolds 
number range has been known for some time (Jones et al., 1969). During this flow 
regime the boundary layers at the cylinder surface are also laminar for Re < 200. 
Transition to the next Reynolds number dependent regime is marked by a 
progression to turbulence in the vortex field, occurring across a narrow Reynolds 





increases the locations where turbulence initiates in the cylinder wake migrates 
upstream toward the trailing surfaces of the cylinder and thus the proportion of 
laminar to turbulent flow in the wake is reduced. On both sides of the cylinder the 
boundary layers and points of separation remain laminar. 
The next regime of the Reynolds number dependent vortex shedding occurs 
within the broad Reynolds number range 300 < Re < 3x105, known as the 
subcritical regime (Fig.2-1e). Within the subcritical range the vortex field is 
completely turbulent and the vortex shedding is strong (Blevins, 1990) and well 
defined. In contrast to the turbulence of the cylinder wake, the separation points on 
the cylinder surface remain laminar, as do the boundary layers between the points of 
separation and the forward stagnation point. Throughout the majority of the 
subcritical regime the flow separation locations are approximately 80degrees from 
the forward stagnation point. Subsequently, increase in the Reynolds number 
beyond roughly 1x105 sees the separation points migrate, finally reaching around 
100degrees at the upper-end of the subcritical flow regime (Re = 3x105). 
In addition to the complete progression to turbulent wake flow in the subcritical 
regime, for all Re > 300 the vortex shedding is no longer well defined as simply a 
two-dimensional phenomenon. It is now inherently three-dimensional (Blackburn, 
1995; Sumer and Fredsoe, 1999) and parameters such as the vortex shedding 
frequency, angle and strength vary in the spanwise direction. 
Whilst acknowledging the three-dimensionality of the vortex shedding for Re > 
300, the purpose of the present section is to outline the fundamentals of the vortex 
shedding from a cylinder. To this end, the simplified two-dimensional description 
of the flow is considered sufficient. However, some aspects of the 3-dimensionality 
of the flow are at times included where appropriate. 
Increase in Reynolds number to beyond the subcritical regime (i.e. above 3x105) 
results in the transition from laminar to turbulent flow at the separation points. This 
is followed by progression to turbulence in the boundary layers with continued 
increase in the Reynolds number (Fig.2-1f–i). 
In the narrow Reynolds number region 3x105 < Re < 3.5x105, the flow is referred 
to as the critical flow regime. Two sub-regions exist within the critical region. The 





flow reattachment (Higuchi et al., 1989), remains symmetrical and features 
diminishing vortex shedding strength along with a reduction in the spanwise 
uniformity and the loss of a dominant vortex shedding frequency as Reynolds 
number is further increased (Farell and Arroyave, 1990). Significant narrowing of 
the wake also occurs during the onset of the critical flow region (Almosnino and 
Mcalister, 1984; Norberg and Sunden, 1987). Upon reaching the critical Reynolds 
number (at approximately the middle of the critical region) the flow then progresses 
into the second sub-region with further increase in Reynolds number. The second 
sub-region retains the broadband shedding characteristics of the first sub-region 
(Farell and Arroyave, 1990), however now the wake becomes an unstable, 
oscillating asymmetric flow (Bearman, 1969; Farell and Blessmann, 1983; Schewe, 
1983; Almosnino and Mcalister, 1984; Farell and Arroyave, 1990; Sumer and 
Fredsoe, 1999). Without preference for side, laminar separation and turbulent 
reattachment occurs (Higuchi et al., 1989; Farell and Arroyave, 1990) on one side 
of the cylinder; the corresponding separation point that follows reattachment is 
turbulent. The separation point on the opposite side remains laminar whilst the 
angle to the turbulent separation point is significantly larger. Hence, the flow 
asymmetry. Both boundary layers continue to remain laminar (Fig.2-1f). 
Interestingly, intermittent switching of the flow asymmetry also occurs (Farell and 
Blessmann, 1983; Almosnino and Mcalister, 1984).  
Following on from the second critical flow sub-region is the supercritical flow 
regime, ranging between 3.5x105 < Re < 1.5x106. The state of the flow at both 
separation points is now completely turbulent, and the boundary layers are partially 
laminar, partially turbulent. Forward migration of the laminar/turbulent transition 
locations of the boundary layers towards the stagnation point occurs with ongoing 
increase in the Reynolds number (Fig.2-1g). The angle to the flow separation points 
within the super-critical range is roughly constant at approximately 140 degrees on 
both sides of the cylinder, although marginal asymmetry of the flow has been 
observed (Almosnino and Mcalister, 1984) at higher Reynolds numbers within the 
region. In contrast to the broadband shedding spectra of the critical region there is a 





the subcritical flow, the vortex shedding strength of the supercritical flow regime is 
very weak.  
The next stage in the flow regimes is the so-called upper-transition regime, 
occurring within 1.5x106 < Re < 4x106. The boundary layer on one side of the 
cylinder is completely turbulent whilst the other is partially laminar and partially 
turbulent (Fig.2-1h). In contrast to the lower Reynolds number regimes (subcritical 
and supercritical) the vortex shedding of the wake is now irregular and 
disorganised. As an example, the effects of this disorganisation can be seen in the 
work of Schewe (1983), where significant frequency scatter is present in the power 
spectra at the higher Reynolds number end (Re = 3.7x106) of the upper-transition 
regime. 
Finally, when the Reynolds number is further increased to greater than 4x106 the 
flow progresses into what is known as the transcritical regime (Fig.2-1i). The 
boundary layers are now turbulent at almost every location about the cylinder, and 
in contrast to the disorganisation of the upper-transition regime there is a return to a 
regular and well-structured vortex shedding, as demonstrated by the sharp peaks 
present in vortex shedding spectra for the transcritical region (Schewe, 1983; Farell 
and Arroyave, 1990). Furthermore, there is significant recovery in the strength of 
the vortex shedding compared to that of the supercritical region. 
2.1.2 Boundary layers and flow separation 
In the preceding section, the fundamental characteristics of the wake downstream of 
a fixed cylinder across a wide range of Reynolds number were discussed. Attention 
now turns to a more detailed discussion of the boundary layer itself, including the 
flow mechanism at the boundary layer separation locations. 
The various vortex shedding regimes of the previous section and details of the 
boundary layer are treated separately herein. However, it should be noted that in 
terms of the flow dynamics about a bluff body they are inseparable; the features and 
properties of the cylinder wake are intimately linked to the characteristics and 







The boundary layer 
The initiation of vortex shedding from a circular cylinder when the Reynolds 
number reaches approximately 5 has been discussed (see 2.1.1 Flow regimes for a 
smooth cylinder). It was mentioned that during the lead-up to the onset of shedding 
at Re ~ 5 the boundary layer is completely laminar and adheres to the cylinder 
surface through a full 180degrees. The thickness of a laminar boundary layer can be 
expressed as inversely proportional to the square root of the Reynolds number using 







where 𝛿 is the boundary layer thickness, and 
           l is a characteristic length. 
In the case of a circular cylinder, the diameter D can be substituted as the 
characteristic length l in Eq.2-1. The boundary layer thickness 𝛿 is the distance 
from the surface to a boundary conceptualised as ‘separating’ the inner rotational 
flow immediately adjacent to the surface (where viscous effects are significant) 
from the outer flow field. 
Eq.2-1 highlights that the boundary layer thickness becomes increasingly 
thinner, relative to the cylinder diameter, as the Reynolds number increases. Of 
course, the limits of applicability of Eq.2-1 are Reynolds numbers for which the 
boundary layer flow remains laminar. 
When sufficiently large Reynolds numbers are reached, the entire attached 
boundary layer is no longer completely laminar and transition from laminar to 
turbulent flow occurs at some point in the boundary layer. At the point of laminar-
to-turbulent transition the boundary layer thickness grows sharply, becoming 
significantly larger than that for laminar flow. Further increase of Reynolds number 
to above a particular threshold value results in the boundary layer at the cylinder 
surface becoming fully turbulent, and therefore, thicker, at almost all locations. 
Boundary layer separation 
The location and dynamics of the flow at the separation points influences the 





of the cylinder wake. The wake characteristics that result from the particulars of the 
boundary layer separation then affect performance parameters such as the lift and 
drag forces acting on the cylinder. 
The boundary layer separation occurs when an adverse pressure gradient at the 
cylinder surface is of strength sufficient to overcome the curve-following effects of 
the fluid momentum at the surface. This condition for boundary layer separation to 






= 0, (2-2) 
where u is the fluid velocity tangential to the surface, and 
y = 0 corresponds to the surface location. 
The above condition for can also be found, for example, in Achenbach (1968) 
and Schlichting & Gersten (2003). It is equivalent to the statement given by 
Achenbach (1971) that the point where boundary layer separation occurs is 
indicated by the location of zero skin friction at the cylinder surface. 
Achenbach (1968) carried out experiments on smooth circular cylinders in air up 
to Re = 5x106 to determine circumferential static pressure and skin friction 
distributions. The results obtained were clearly in accord with the boundary layer 
separation condition of Eq.2-2. Furthermore, due to the flow direction sensitivity of 
the skin friction probe used in the experiments the condition of a positive velocity 
gradient as being necessary for boundary layers to remain attached was obvious. 
This could be seen in the sign change either side of the separation points in the plots 
for skin friction about the cylinder circumference at different Reynolds numbers. 
The smallest angle to the separation point linked to the shear layer of the near 
wake on a circular cylinder occurs during laminar boundary layer flow, typically 
around 𝑠 = 80degrees when measured from the forward stagnation point (Bearman, 
1969). The more recent results of Huang et al. (2006) further confirm that laminar 
separation (without reattachment) occurs within the majority of the subcritical 
region, and indicated an upper limit for this separation state to be Re < 5.5x104. The 
corresponding angle to separation within this subcritical range was found to be 
roughly constant at around 𝑠 = 77degrees. In the narrow Reynolds number range 





reattachment, followed by secondary (final) separation. The initial laminar 
separation occurred at a smaller separation angle (~74degrees) than for the lower 
subcritical flow i.e. Re < 5.5x104. However, the angle to the secondary separation 
point 𝑠𝑓 (the final point of boundary layer separation prior to the shear layer of the 
near wake) reduced monotonically from 𝑠𝑓 ~ 120degrees at Re = 6.0x10
4 to 𝑠𝑓 = 
96degrees at Re = 1.8x105. 
Associated with the relatively small angle to separation (i.e. 𝑠 ~ 77-80degrees) 
of the subcritical flow regime at Reynolds numbers less than 5.5x104, and thus early 
onset of flow separation, is a wide downstream wake. Consequently, the 
characteristic length (or diameter) of the cylinder presented to the flow is effectively 
increased by the fluid envelope bounded by the two opposing shear layers which 
have their origin in their respective flow separation locations either side of the 
cylinder. Hence, pressure drag dominates and, furthermore, the value of the overall 
drag coefficient is relatively high. 
Generally, turbulence in the boundary layers delays the onset of boundary layer 
separation and thus the angle to the separation points is increased above that of 
laminar boundary layer flow. In the absence of such turbulence an adverse pressure 
of only small magnitude is sufficient to cause boundary layer detachment 
(Schlichting and Gersten, 2003). Compared to the laminar boundary layer, there is a 
significant increase in the transverse velocity component adjacent to the surface and 
the velocity profile of the turbulent boundary layer flow is more fully developed. 
Therefore, an even stronger adverse pressure gradient is required to overcome the 
additional flow momentum inherent in turbulent boundary layers (Cengel and 
Cimbala, 2006) for boundary layer separation to occur. 
For the above reason, the angle to boundary layer separation significantly and 
sharply increases as the flow progresses from the subcritical to the critical flow 
regime. The change in the mean drag coefficient correlates strongly with this 
change in the separation angle.  
As an example, Fig.2-2 shows experiment results (Achenbach, 1968) of 
separation angle for air flow over a smooth cylinder as a function of Reynolds 
number. The various data points of Fig.2-2 correspond to tests carried out in a low 





HP (up to 40bar static pressure) for two length-to-diameter cylinder ratios. The 
separation point is clearly seen to increase sharply from around 80degrees within 
the majority of the subcritical flow regime up to a value of about 135degrees 
throughout the supercritical regime. With further increase in Reynolds number it 
then steps down to approximately 116degrees within the upper-transition regime 
1.5x106 < Re < 4x106. It must be noted that in contrast to the values previously 
presented (2.1.1 Flow regimes for a smooth cylinder) the Reynolds numbers of 
Fig.2-2 at the transitions from subcritical-to-critical flow and critical-to-
supercritical flow were roughly Re = 2.5x105 and Re = 3x105, respectively, and 
similar values were found in Achenbach (1981). However, a Reynolds number 
range for the boundaries of the critical flow regime with values slightly dissimilar to 
the nearly identical ranges of Achenbach (1968) and Achenbach & Heinecke (1981) 
can be found in the work of Schewe (1983) on air flow past a smooth circular 
cylinder (i.e. 2.8x105 < Re < 3.5x105). These values are almost identical to those of 
Sumer and Fredsoe (1999). 
 
Figure 2-2: Angular position of the boundary layer separation point for a smooth 
circular cylinder as a function of Reynolds number. ▲, L/D = 3.33 LP; ∆, L/D = 
3.33 HP; O, L/D = 6.66 HP. Source: Achenbach (1968). 
In the three experiment studies just mentioned, no modification of the results to 
account for blockage effects was made. The blockage effects, relative cylinder 
lengths and upstream turbulence levels, respectively, were: Achenbach (1968), 





Tu = 0.7% (1000mm long cylinder); Achenbach & Heinecke (1981), 16%, L/D = 
3.38 and Tu = 0.45% (500mm long cylinder); and Schewe (1983), 10%, L/D = 10 
and Tu < 0.4% (600mm long cylinder). Thus, there are a number of notable 
differences in the experimental arrangements and conditions. Therefore, it is likely 
that the earlier onset of the critical flow regime present in the work of Achenbach 
(1968) and Achenbach & Heinecke (1981) as compared to Schewe (1983) is 
attributable to these differences, and perhaps the dissimilarity in the level of free-
stream turbulence intensity in the experiments by the different authors is the most 
significant factor. In spite of the aforementioned conflict in the Reynolds numbers 
that define the boundaries of the critical flow regime, the general distribution of the 
separation angle data points of Fig.2-2 is valid for smooth circular cylinders 
independent of the experiment arrangement. However, any differences in 
experiment arrangement and flow conditions will potentially shift the distribution of 
the data points in amplitude and/or Reynolds number to some extent. 
The presence of surface roughness affects the behaviour of the near wake. 
Furthermore, the origin of its effect on the wake can be found in the influence of 
surface roughness on the boundary layer development and subsequent boundary 
layer separation (Guven et al., 1980). Both the location of transition from laminar to 
turbulent flow in the boundary layers and the points where separation of the 
boundary layers takes place can be affected. 
With the exception of the transcritical flow regime and to some extent the upper-
transition flow, a significant portion of the boundary layer at the cylinder surface 
remains laminar for all Reynolds numbers. For surface roughness to affect the 
development of the boundary layer a threshold Reynolds number corresponding to 
the particular level of nondimensional surface roughness ks/d must be reached. 
Otherwise the boundary layer develops as for a smooth surface. This can be 
understood through Eq.2-1, in that for a given value of the nondimensional surface 
roughness the roughness effectively becomes larger relative to the laminar boundary 
layer thickness as the Reynolds number increases, thus heightening the influence of 
surface roughness on the boundary layer. Above the threshold Reynolds numbers 
the roughness asperities interact with the laminar boundary layer and bring about 





Reynolds number larger surface roughness has the effect of reducing the angle 
between the forward stagnation point and the location of the laminar/turbulent 
transition in the boundary layer (Achenbach, 1971).  
Owing to the influence described above of the surface roughness on the 
boundary layer development and subsequent separation the roughness has the effect 
of shifting the Reynolds numbers corresponding to particular stages of the various 
flow regimes to lower values. The critical Reynolds number is one such case where 
surface roughness affects the Re value at flow transition (Cheng et al., 2003). For 
example, a typical value for the Reynolds number corresponding to minimum drag 
coefficient for smooth circular cylinders is Re ~ 3x105. This compares to Re ~ 9x104 
for a circular cylinder with equivalent sand-grain roughness ks/d = 400x10
-5. 
For the onset of the critical flow regime, Achenbach & Heinecke (1981) 
approximated the relationship between equivalent sand-grain roughness ks/d and 
critical Reynolds number Recrit in the drag coefficient data for rough cylinders of 







Within the critical flow region the presence of surface roughness reduces the 
angle to boundary layer separation compared to the smooth cylinder case. As a 
consequence, a greater distance separates the shear layers of the immediate cylinder 
wake. Across a finite range of surface roughness significant reduction in the 
frequency of vortex shedding, associated with the widening of the near wake, 
occurs and, correspondingly, the value of the Strouhal number (see 2.2 
Nondimensional parameters) is lower (Achenbach and Heinecke, 1981). Achenbach 
and Heinecke (1981), observed the most significant reductions in the frequency of 
vortex shedding to occur within the range of equivalent sand-grain roughness 
75x10-5 < ks/d < 300x10
-5. 
Influence of the surface roughness effects also extends to the Reynolds number 
breadth of the critical and supercritical regimes (Achenbach, 1971; Achenbach and 
Heinecke, 1981; Buresti, 1981) whereby the breadth is reduced at higher degrees of 
surface roughness (Fig.2-3). When the surface is characterised by sufficiently high 





and the flow transition from the subcritical to the transcritical regions exhibits very 
little, if any, of the flow phenomena associated with the supercritical region (Fig.2-
3). 
It is notable that the bi-stable flow configurations seen to occur during the 
critical flow regime for smooth circular cylinders have been absent in results for 
cylinders with surface roughness, see e.g. Farell & Arroyave, (1990). This has also 
been the case in results for single cylinders in cross-flow with significant levels of 
free-stream turbulence (Norberg and Sunden, 1987). 
 
Figure 2-3: Strouhal number for a circular cylinder as a function of Reynolds 
number for various values of equivalent sand-grain roughness. Solid line, smooth; 
− ⋯ −, ks/d = 75x10-5; − −, ks/d = 300x10-5; − ∙ −, ks/d = 900x10-5; − − − −, ks/d = 
3000x10-5. Source: Achenbach and Heinecke (1981). 
Variation in the wake width and Strouhal number within the transcritical flow 
region as a function of surface roughness is limited. Experiments across a broad set 
of surface roughness (i.e. ks/d = 75x10
-5, 300x10-5, 900x10-5 and 3000x10-5) 
identified angle to separation of the boundary layer flow from the cylinder surface 
to be bound by the range 90-110degrees and accompanied by Strouhal number 
largely independent of surface roughness (Achenbach and Heinecke, 1981). 
Free-stream turbulence effects on the flow over a circular cylinder are similar to 
those of cylinder surface roughness. The similarity is a consequence of the 





in the earlier onset of laminar-to-turbulent transition within the boundary layer, as 
already mentioned. Turbulence in the flow upstream brings about flow conditions at 
the boundary layers that are comparable to those that result from the interaction of a 
non-turbulent (upstream) flow with the asperities at a rough surface. Thus, both the 
upstream turbulence and surface roughness energise the boundary layer and allow it 
to overcome larger adverse pressure gradients. 
The similarity in effects of the surface roughness and free-stream turbulence on 
the boundary layer and separation points is demonstrated by the shift to a lower 
Reynolds number at the onset of the critical flow regime when the level of turbulent 
intensity of the free-stream is increased, as is also the case for increased surface 
roughness. 
Norberg & Sunden (1987) tested a smooth, rigid circular cylinder in air cross-
flow and found free-stream turbulence intensities of 0.1% and 1.4% to correspond 
to Reynolds numbers at the onset of the critical region of 2x105 and 1x105, 
respectively. The authors did acknowledge the influence of blockage effects on their 
results for measured quantities (e.g. Strouhal number and mean base pressure 
coefficient). However, in spite of this, their argument that the influence of turbulent 
intensity on their observed change in critical Reynolds number was independent of 
the cylinder diameter (i.e. blockage ratio) appeared substantiated by their results. So 
& Savkar (1981) carried out an experimental study into the effects of free-stream 
turbulence on the lift and drag forces acting on a fixed, smooth circular cylinder at a 
high level of free-stream turbulence Tu = 9.5%, generated by passing the upstream 
flow through grids of various sizes. The generated free-stream turbulence 
consistently shifted the Reynolds number corresponding to the subcritical-critical 
transition to lower values. 
2.2 Nondimensional parameters 
In the preceding section the fundamental aspects of the flow about a circular 
cylinder and the dependence of the various flow regimes on the Reynolds number 
were presented. Some discussion was given to the effects of surface roughness and 
free stream turbulence. In this section the dimensionless parameters relevant to 





galloping phenomena, are outlined along with other relevant notation and 
definitions. Although some of the dimensionless parameters listed here are not 
utilised in the present work they are included since they are oftentimes employed in 
the literature for quantifying the response of structures undergoing flow-induced 
vibration and provide insight to the general relationships between variables and the 
system response. 
2.2.1 Strouhal number 
The Stouhal number St is a nondimensional constant relating the predominant 
vortex shedding frequency to the free stream velocity and the cylinder diameter. 




where, fs is the rigid body vortex shedding frequency, 
 D is the cylinder diameter, and 
 U is the free stream velocity. 
 
 
Figure 2-4: Strouhal number as a function of Reynolds number for smooth circular 
cylinders. Source: Achenbach and Heinecke (1981). 
It is well established that within the subcritical range (Re < 2x105), with the 
exception of Reynolds number less than approximately 3x102, the Strouhal number 
for smooth cylinders remains at a relatively constant value of St ~ 0.2. Under 
conditions where the Strouhal number is roughly constant and the free stream 






cylinder diameter. For Reynolds number below roughly 3x102 the Strouhal number 
has been found to quickly diminish toward a value of St ~ 0.1 (Roshko 1955; 
Nishioka and Sato 1978; Williamson 1989). Strouhal number is also influenced by 
blockage effects that can be significant in confined flows (see 2.4 Blockage effects 
and implications for laboratory results), as is often the case in laboratory 
conditions. 
When the effects of surface roughness are considered there are some significant 
differences, at particular Reynolds numbers, in the Re-St relationship, compared to 
the smooth cylinder case. The general shifting of the Reynolds number at flow 
regime transitions to lower values has already been discussed. A notable effect of 
the surface roughness is the lack of the large St peak as exhibited by smooth 
cylinders within the supercritical flow regime when surface roughness values 
greater than ks/d ~ 300x10
-5 are present (see Fig.2-3). 
An ongoing challenge within the field of vortex-induced vibration is the search 
for consistent quantifying parameters for VIV dynamics. Towards this end, the 
Strouhal number has proven to be one of the most reliable parameters (Sarpkaya, 
2004). In terms of reliable parameters, the lift force has also emerged from the past 
century of work as a ‘…likely quantifier of the combined effect of the influencing 
parameters…’ and, furthermore, coupling of the lift force with phase angle ‘…could 
serve as suitable identification cards for the integrated effects of some of the 
important parameters…’, including the surface roughness (Sarpkaya, 2004). 
2.2.2 Reduced-velocity 
The reduced-velocity is the dimensionless ratio of the free stream velocity to the 
product of vibration frequency and cylinder diameter. It is a parameter describing 
‘…the relative importance of the convective acceleration to the local acceleration of 





where, U is the free-stream velocity, 
 f is the frequency of vibration of the structure (the cylinder), and 





Alternatively, reduced-velocity is often expressed in regard to the natural 
frequency of the structure in the fluid of interest (e.g. air or water). Accordingly, it 





where, fn is the natural frequency of the cylinder structure in quiescent fluid. 
2.3 Fluid forces acting on a cylinder in steady flow 
A bluff body in the path of an incident fluid flow is subjected to forcing from the 
fluid. Overall, the forcing consists of steady and fluctuating components and that 
experienced by the body is a consequence of the spatio-temporal characteristics of 
the flow passing over the body. 
The Reynolds number dependence of the near wake characteristics for a fixed 
circular cylinder in steady flow have been previously discussed (see 2.1.1 Flow 
regimes for a smooth cylinder). Within that section the focus was on the vortex 
shedding characteristics for the various flow regimes (i.e. subcritical, critical, 
supercritical, upper-transition and transcritical) with each regime noted to exhibit 
unique patterns across their respective Reynolds number ranges. Associated with 
these unique flow characteristics are differences in the strength and regularity, or 
lack thereof, of the vortex shedding and this directly affects the magnitude, 
frequency and mean direction of fluid forcing on the cylinder. 
The general nature of the fluid forcing in the lift and drag directions 
corresponding to each of the Reynolds number bounded flow regimes mentioned 
previously is now considered. Both steady and fluctuating forces are addressed. In 
addition, towards the end of this section the effects surface roughness and 
turbulence have on the forces acting on a fixed cylinder are included.  
There are two components contributing to the total force acting on a body in a 
flow: 1. Drag force due to skin friction and 2. A force resulting from pressure 
difference across the body, commonly referred to as form (or pressure) drag. The 
relative contributions of the two force components vary depending on the Reynolds 
number. Generally, for flow over a fixed circular cylinder the relative contributions 





pressure drag dominants; and for 10 < Re < 5x103, both friction and pressure drag 
contribute (Cengel and Cimbala, 2006). Thus, for most engineering applications 
involving circular cylinder bluff bodies the contribution of friction drag is 
considered negligible, and total drag is accepted as being based on pressure drag 
alone. 
For a cylinder in cross-flow, there is associated with the vortex shedding ongoing 
changes in the pressure distribution about the cylinder. Significant variation occurs 
in the time history of the pressure distribution, and thus the fluid forces (both lift 
and drag). In regard to the lift force, Jones et al. (1969) state: 
‘The time history of unsteady lift acting on a stationary cylinder in a 
flow may be completely random, periodic, or some mixture of 
random and periodic.’ 
The nature of the unsteady drag force is similar. It is seen that the degree of 
regularity (i.e. random, periodic or random/periodic combination) of the pressure 
distribution about the cylinder is largely dependent on the Reynolds number, or 
more precisely, on the flow regime e.g. subcritical, critical and transcritical.  
By integration of the pressure distribution over a cylinder surface at a particular 
moment in time the magnitude of the instantaneous lift and drag forces acting on the 
cylinder can be found. Furthermore, repetition of the above procedure over a 
sufficiently number of vortex shedding cycles can be incorporated into a procedure 
to determine the mean transverse and inline forces. If the time histories of the 
unsteady lift and drag forces are investigated it is seen that for the majority of 
Reynolds numbers the frequency of fluid forcing in the inline direction due to the 
vortex shedding is, generally, twice that of the transverse direction. However, there 
are circumstances where the inline/transverse fluid forcing frequency relationship 
differs from that above. For instance, throughout the critical flow regime, which is 
characterised by intermittent side-switching of a non-zero lift force, the inline and 
transverse forces acting on the cylinder–associated with the occurrence of vortex 
shedding–are observed to occur at the same frequency (Schewe, 1983). 
In spite of the existence of a fluctuating fluid force acting on the cylinder 
transverse to the flow direction, for the majority of flow regimes (i.e. subcritical, 





transverse (lift) force is zero. An exception to this result is the critical flow regime, 
and to a lesser extent, the upper-transition flow regime. These exceptions are 
discussed shortly. However, unlike the lift component of the fluid forcing on the 
cylinder, to a lesser or greater degree all flow regimes are associated with a non-
zero steady drag force component, due primarily to pressure drag. Throughout the 
various flow regimes the mean drag coefficient correlates strongly with changes in 
the angle to separation of the boundary layer (Guven et al., 1980). 
Within the subcritical flow region significant changes in the fluctuating lift 
occur. The discrete Reynolds number ranges over which these changes occur 
largely correspond to the further subdivisions of the subcritical region as outlined in 
the flow classification scheme of Zdravkovich (1997) i.e. the three ‘transition-in-
shear-layer’ sub-regions: TrSL-1, TrSL-2 and TrSL-3. These changes in the 
fluctuating lift during the subcritical region are associated with the transitional 
conditions of the shear layers and their influence on the vortex wake. Fig.2-5 shows 
the changes in the fluctuating lift and drag coefficients and the steady lift up to a 
Reynolds number of ~1x106. 
 
Figure 2-5: Fluctuating lift CL’ and drag CD’ coefficients and steady lift CL 
coefficient for a fixed circular cylinder as a function of Reynolds number. Flow 






During the TrSL-1 (lower-subcritical, 350-500 < Re < 1x103-2x103) the cylinder 
wake is in the earlier transition from laminar to turbulent vortex shedding and the 
fluctuating lift force is negligible. 
When the flow is within the TrSL-2 (mid-subcritical, 1x103-2x103 < Re < 2x104-
4x104) almost linear growth in the fluctuating lift occurs as the Reynolds number 
increases. The increase in oscillating lift corresponds to the transition from laminar 
flow to turbulence in the shear layers of the near wake with increased Re. At larger 
Re the small-scale turbulence of the shear layers increases. The increased small-
scale turbulence feeds, and thus strengthens, and better correlates the large-scale 
vortex shedding (Raghavan and Bernitsas, 2011); the entrainment capability of the 
shear layers is enhanced during shear layer transition (Anderson and Szewczyk, 
1997). Hence, due to the combined effects of the enhanced strength of the shear 
layers and the coincident reduction in the vortex formation length-scale of the large-
scale vortices of the near wake, that both occur with increased Re across the TrSL-2 
sub-region, there is significant increase in the magnitude of the fluctuating lift force 
CL’. 
At the onset of the TrSL-3 (i.e. Re = 2x104-4x104) flow sub-region the transition 
to turbulence of the shear layers is complete. The shear layers remain fully turbulent 
throughout TrSL-3 and, owing to the relationship described above between the 
small-scale turbulence and large-scale vortices of the wake, the magnitude of the 
oscillating lift is large. Throughout almost the entire TrSL-3 sub-region (i.e. up to 
Re = 1x105-2x105) the fluctuating lift coefficient remains constant at the maximum 
value attained for the subcritical region of CL’ ~ 0.6 (Fig.2-5).  
Qualitatively, similar changes occur in the fluctuating drag coefficient CD’ across 
the subcritical flow regime (i.e. 350-500 < Re < 1x105-2x105) as for the fluctuating 
lift coefficient. However, the beginning of growth in CD’ is delayed to a larger 
Reynolds number (Re ~ 6x103) and the maximum magnitude attained, also 
relatively constant throughout the TrSL-3 region, is substantially smaller than that 
of the fluctuating lift coefficient. 
Across the narrow Reynolds number range of the critical flow regime the 
Strouhal number and streamwise drag of smooth circular cylinders experience 





the mid-critical and the second from the mid-critical to late-critical (or early 
supercritical) region. The results of Schewe (1983) for fixed, smooth circular 
cylinders in air cross-flow are an example of this characteristic (Fig.2-6). Note that 
in Fig.2-6 the frequency of the unsteady lift force fluctuations is used in calculating 
the Strouhal number. Other examples of this behaviour include Bearman (1969) and 
Almosnino & McAlister (1984), where the stepped change in the Strouhal number 
described above was also observed. The presence of sufficient levels of either 
surface roughness or free-stream turbulence (or both) prevents these changes in the 
Strouhal number and streamwise drag from occurring (2.1.2 Boundary layers and 
flow separation). 
 
Figure 2-6: Strouhal number (based on frequency of lift force fluctuations) and drag 
coefficient as functions of the Reynolds number. Source: Schewe (1983). 
(Additional part of original plot showing RMS value of the lift force fluctuations 
omitted). 
In Fig.2-6, in addition to the occurrence of the sudden jumps, it is clear that the 
sharp increase in the Strouhal number and the rapid decline in the inline drag 





correlates well with the narrowing of the near wake at the onset of the critical flow 
regime as indicated by the sudden increase in the angle to the location of the 
boundary layer separation from the cylinder surface (see Fig.2-2).  
The near wake narrowing occurring simultaneously with the sudden increase of 
the Strouhal number at the onset of the critical flow regime results principally from 
the rearward migration of the boundary layer separation point on one side of the 
cylinder. As a consequence of the wake narrowing, there is rapid reduction in the 
area of the low pressure region acting on the downstream side of the cylinder and, 
consequently, the magnitude of the form drag decreases. It is worthwhile to reiterate 
that the dramatic increase in the angle to boundary layer separation in the critical 
flow regime occurs on one side of the cylinder only while the other remains 
relatively unchanged (see 2.1.1 Flow regimes for a smooth cylinder). However, as 
already discussed in regard to the critical flow regime, side-switching of this flow 
structure does occur. 
Due to the flow asymmetry that results from the migration of the boundary layer 
separation point a non-zero mean lift force occurs (Bearman, 1969). For a fixed 
circular cylinder maximum lift coefficients corresponding to the non-zero lift force 
of approximately CL = 1.2 are attained (Bearman, 1969; Almosnino and Mcalister, 
1984). 
The step changes of the Strouhal number and drag coefficient for a smooth 
circular cylinder within the critical flow region occur for either increase or decrease 
of the Reynolds number. However, the process does exhibit hysteresis. The 
hysteretic behaviour of the flow of the critical region has often been observed, for 
example, Schewe (1983) and Almosnino & McAlister (1984).  Furthermore, the 
stepwise changes of the Strouhal number and the drag coefficient within the critical 
flow regime are widely apparent in the literature on flow over circular cylinders e.g. 
Bearman, (1969); Achenbach and Heinecke, (1981); Almosnino & McAlister, 
(1984). 
As the flow enters the supercritical regime there is a return to a stable and 
symmetric pressure distribution about the circumference of the cylinder (Farell and 
Blessmann, 1983). Consequently, the non-zero mean lift force that is a feature of 





direction only. The mean drag coefficient drops to a minimum and thereafter rises 
gradually with increase in Reynolds number across the supercritical range. 
In addition to a dependence on the Reynolds number and the fluid properties of 
the flow, the forces acting on a cylinder in cross-flow are also influenced by the 
presence of cylinder surface roughness. Within the subcritical regime the drag is 
largely insensitive to the cylinder surface roughness. The boundary layer flow is 
this region is laminar and thus masks the presence of the surface irregularities to the 
near-surface flow. 
As Reynolds number increases and the flow reaches the onset of the critical 
region the presence of surface roughness begins to affect the character of the 
boundary layer flow and, consequently, the behaviour of the near wake and thus the 
forces acting on the cylinder. As is the case for a smooth cylinder, the drag 
coefficient drops sharply. However, the extent of the drop in drag coefficient is 
limited by the surface roughness and, generally, increased surface roughness 
corresponds to a smaller drop in the drag coefficient value. The surface roughness 
also has the effect of bringing about the onset of the critical flow region at a lower 
Reynolds number (2.1.2 Boundary layers and flow separation). 
In the early part of the supercritical region the mean drag coefficient increases 
slightly with Reynolds number increase before settling on an almost constant value. 
The rate at which the drag coefficient increases with Reynolds number and the final 
drag coefficient value obtained (nearly constant across the mid-to-upper 
supercritical region) are dependent on the level of cylinder surface roughness. 
Drag coefficient is seen to decrease slightly and gradually as the flow progresses 
into the transcritical flow region, irrespective of the degree of surface roughness; 
the same occurs for smooth cylinders. Up to a limit, the value of the drag coefficient 
increases with surface roughness within the transcritical region of the flow 
(Achenbach and Heinecke, 1981) and becomes independent of Reynolds number at 
sufficiently high Reynolds number values (Guven et al., 1980). 
Below the Reynolds number corresponding to subcritical-critical transition 
‘…free-stream turbulence has little or no effect on the steady and unsteady 
forces…’ acting on a circular cylinder (So and Savkar, 1981). As previously 





number to lower values (2.1.2 Boundary layers and flow separation). In addition, 
the Reynolds number dependence of the fluctuating lift coefficient of circular 
cylinders in a cross-flow (see Fig.2-5) remains for cylinders subjected to flow with 
turbulence in the free-stream (So and Savkar, 1981). 
2.4 Blockage effects and implications for laboratory results 
Ideally, all experimental work would be conducted in a test environment of large 
scale relative to the size of the test artefact. However, owing to factors such as 
financial and space constraints this is not usually the case for laboratory test 
facilities. Under these conditions the presence of the test structure can be a 
significant blockage to the flow, altering the convection of the flow around it. The 
blockage forces localised flow acceleration and deceleration beyond that which 
would ordinarily occur. This poses problems for interpretation of experiment 
results, and when the blockage is of sufficient extent it ‘…greatly affect[s] the 
results obtained with circular cylinders placed in closed test-sections…’ (Buresti, 
1981). Experiments studying the effect of blockage on the forces acting on a fixed 
rigid circular cylinder clearly show the importance of giving due consideration to 
the effects of blockage when conducting studies within confined flow situations. 
Tests conducted across 2x104 < Re < 4x105 have found that for Reynolds numbers 
less than the subcritical-critical threshold both the mean drag and the fluctuating lift 
forces acting on a fixed rigid circular cylinder increase significantly as blockage 
becomes more pronounced (Barnett, 2007). Owing to such factors as the inherent 
constancy of the Strouhal number and the boundary layer conditions at subcritical 
Reynolds numbers, it is likely that the effects of blockage on the mean drag force 
and the fluctuating lift force also extend to Reynolds numbers below Re = 2x104. 
Indeed, at upstream Reynolds numbers in the range 2.4x103 < Re < 4x104 large 
increase in the spanwise correlation of surface pressure in the wake region of a 
circular cylinder has been measured as blockage increased from 5.6% to 40% 
(Blackburn, 1995). This is evidence of enhanced spanwise organisation of the 
vortex wake, well known to correspond to greater fluid force acting on the cylinder. 
In addition to the effects that blockage has in regard to the forces acting on the 





raises the value of the predominant vortex shedding frequency from the cylinder. 
For example, as Fig.2-7 shows, in the subcritical range (i.e. 2x104 < Re < ~1x105) 
the Strouhal number increases monotonically from St ~ 0.20 up to St ~ 0.33 as 
blockage is increased from ~16% to 50% (Barnett, 2007).  
 
Figure 2-7: Strouhal number versus cylinder Reynolds number for various levels of 
blockage. Source: Richter & Naudascher  (2007). 
Clearly, if one uses the upstream flow velocity under conditions of significant 
blockage as the reference velocity for calculating the reduced-velocity in VIV tests 





approach the natural frequency of the cylinder at a lower than typical value of 
reduced-velocity. 
This chapter has provided background on the characteristics exhibited by a flow 
when it encounters a fixed cylinder and the forces that the fluid imparts to the 
cylinder. The characteristics of the flow and associated state of the boundary layers 
of the various Reynolds number delineated flow regimes were outlined in 
connection with their significance to the mean and fluctuating lift and drag forces 
acting on the cylinder. Typical parameters used for quantifying the interaction of a 
cross-flow-with a static structure have been listed with brief descriptions of their 
meaning and the effects that blockage can have on experiment results, specifically 
for the cylinder in cross-flow, were considered. 
In the next chapter the response of translating (i.e. those characterised by 
uniform amplitude of motion at all locations along the cylinder span) circular 
cylinders undergoing flow-induced vibration with a single degree-of-freedom in the 
direction transverse to an incident flow is reviewed. The chapter is primarily 
concerned with addressing the general features of the amplitude and frequency 
response, the modifying effects that motion of the cylinder has on the cylinder wake 
flow–which in turn results in forcing of the cylinder different to the static cylinder 
case, the influence of the mass ratio m*, the effects of applied damping and the 










Chapter 3 Vortex-induced vibration: circular cylinder with 1 degree-of-
freedom 
The previous chapter addressed the fundamental aspects of fluid flows past bluff 
bodies and discussed the various states of the cylinder boundary layers and the 
cylinder wake that exist at different Reynolds numbers and their sensitivity to 
factors such as surface roughness and free-stream turbulence. This chapter is 
concerned with the flow-induced vibration response of translating circular cylinders 
with a single degree-of-freedom in the direction transverse to an incident flow and 
the corresponding nature of the cross-flow. The typical response behaviour is 
outlined, including the effect of the mass-damping on the response. Discussion 
regarding hysteresis effects and the dependence of the response on the Reynolds 
number are also included. The dimensionless parameters generally used to 
characterise the system are outlined. 
Vortex induced vibration of elastic structures are driven by the oscillating 
pressure distributions associated with the vortex field and potentially large 
magnitude forces can act on vibrating elastic structures when synchronisation of the 
vortex shedding and body oscillation frequencies occurs (Bearman and Luo, 1988). 
It is the potential destructive nature of the induced vibration that has typically been 
of practical importance in design and maintenance of infrastructure and equipment 
such as heat exchanger tubes, support risers and drilling shafts, for example, in 
offshore engineering applications, bridges and towers (Blevins, 1990).  
Unlike the concept of a completely restrained structure, real elastic structures 
forced to vibrate as a consequence of vortex shedding are coupled to the vortex field 
and the characteristics of the vortices and the structural response are mutually 
dependent phenomena. The oscillating pressure distributions, occurring due to the 
periodic vortex shedding, acting on the surface of a body force a motion response of 
the structure. This motion in turn interacts with and disturbs the flow, imparts or 
removes energy to or from the flow, and modification of the vortex shedding regime 
results. Under the right conditions ‘…the interaction of the body and the flow… 






3.1 Free-oscillation and forced-oscillation experiments 
For free-oscillation, the response of structures is pseudo-harmonic and characterised 
by modulations in the amplitude of the structure response, the phase angle of the 
displacement to the fluid forces acting on the body and the frequency of both body 
oscillation and vortex shedding. For example, peak amplitudes of displacement and 
force may vary by around ±10%. The modulation in free-vibration is distinctly 
different to forced oscillation experiments, which ordinarily control the amplitude 
and frequency of the structure oscillation to follow simple harmonic motion. 
Moreover, unlike forced-motion, the free-oscillations at a particular instant are 
causally linked to the time history of the motion of the structure and the forces 
acting on it (Sarpkaya, 2004). 
Unfortunately, these incongruities between free-oscillation and forced motion 
experiments present significant hurdles to the findings of the latter being directly 
applied to the former. More recently however, Morse & Williamson (2009a) have 
stated to have found consistency between their results for free- and forced-vibration 
experiments. Clearly this would require careful control of the experiment 
parameters and, by necessity, matching of the amplitudes of the forced-vibration 
experiments to that occurring in the free-vibration case. Forcing the Reynolds 
number at the occurrence of peak amplitude to be equal, as done by Morse & 
Williamson (2014), appears to aid agreement between the amplitude response 
predicted from forced-motion tests and free-vibration test data, at least for data 
close to the maximum predicted/measured amplitude. 
The variation–or modulation–of the amplitude response in free-vibration is 
coupled to the variation of the ‘effective’ mass properties of the oscillating structure 
(Vikestad et al., 2000). This is a principal reason for the challenges faced when 
attempts to accurately predict the response of a cylinder undergoing VIV from 
forced-vibration data are made. 
3.2 Amplitude and frequency response 
Two general types of amplitude response are characteristic of vortex-induced 
vibrations: 





2. Low mass ratio, 3-branch response. Consisting of initial, upper & lower 
branches. 
Although these two types specifically occur at Reynolds numbers of the lower 
subcritical flow regime i.e. ~103 < Re < ~104 they are useful in outlining the general 
characteristics of a VIV response. The two response types are presented in Fig.3-1 
and Fig.3-2 (see 3.7.1 Mass ratio m* for the definition of the mass ratio and 
discussion on the effect of m* on the VIV response characteristics). 
In each of these general response types the initial branch is associated with the 
2S mode of vortex shedding and both the upper and lower branches are associated 
with the 2P mode of shedding. However, the secondary vortex of the upper branch 
2P shedding is significantly reduced in strength compared to that of the 2P shedding 
of the lower-branch (Govardhan and Williamson, 2000; Lillemo, 2014). The 
coinciding of the various vortex shedding states just described with the various 
sections of the dynamic response has been well established in the VIV literature.  
 
Figure 3-1: Frequency and 2-branch amplitude response typical of vortex-induced 






Timing of the vortex shedding relative to the body motion depends on the wake 
state. As does ‘…the pressure distribution and consequently [the] forces…’ acting 
on the cylinder (Maggio and Cacciola, 2009). The general topographical structures 
of the 2S and 2P vortex shedding modes are depicted in Fig.3-5.  
It should be mentioned that in addition to the two types of response mentioned 
above a ‘super-upper-branch’ characterised by even larger peak amplitude has been 
observed for particular values of the structural parameters. 
 
 
Figure 3-2: Frequency and 3-branch amplitude response typical of vortex-induced 






3.3 Synchronisation (lock-in) 
For a cylinder undergoing vortex-induced vibrations the magnitude of the vibration 
response is maximised when both the frequency of body oscillation and the vortex 
shedding frequency closely coincide around a common frequency. In other words, 
when f /fvs ~ 1. This ‘synchronisation’ frequency is, generally, close to the natural 
frequency at which the body will ordinarily oscillate in the fluid in question. The 
parameters that influence the onset and range over which synchronisation occurs 
include the body mass, structural damping, material damping and fluid density. 
During synchronisation the system is characterised by strong coupling between the 
vortex shedding and the cylinder motion, and at low mass ratios the vortex shedding 
and cylinder motion remain ‘locked-in’ throughout a significant reduced-velocity 
range. The phase relationship that exists during synchronisation between the body 
motion and the fluid force acting on the body plays a significant role in promoting 
the large increase in the motion of the structure. 
As noted earlier, in vortex-induced vibration the flow characteristics and 
structure motion are not independent features of the phenomenon but are coupled, 
and therefore, mutually influential. Thus, there is more than just the phase 
relationship between motion and force working to enlarge the amplitude response 
within the synchronisation region. For example, at the onset of the synchronisation 
region the significant and ongoing increase in structure oscillations affect the 
qualitative features of the vortices and significantly increase the vortex shedding 
strength. This vortex shedding at close to the body oscillation frequency leads to 
increased correlation length of the vortex shedding along the cylinder (Xu-Xu et al., 
2016) and thus increase in the fluid force acting on the body. 
An important feature of the force-motion phase relationship during 
synchronisation is the very rapid–but not instantaneous–180degree transition in 
phase that occurs over a finite number of vortex shedding cycles. A requirement for 
oscillation excitation, or amplification, is 0 < 𝜙 < 180o (Cheng and Zhou, 2008). 
Thus, the fact that the increases in oscillation amplitude that occur during the ‘lead-
in’ part of the VIV synchronisation region take place across a reasonable reduced-





The rapid phase shift is associated with the dramatic variations in the inertia and 
drag components of fluid force that act on the body throughout the synchronisation 
region (Vikestad et al., 2000). Fig.3-3 shows results obtained from forced 
oscillation experiments, which outline the change in the inertia and drag coefficients 
together with the phase angle for a circular cylinder as a function of the reduced-
velocity (Sarpkaya, 2004). 
 
Figure 3-3: Phase angle and the inertia and drag coefficients across a range of 
reduced-velocity from forced oscillation experiments. D = 50mm, L/D = 7, Re = 
4.5x104 and A/D = 0.5. Source: Sarpkaya (2004). 
The force acting on the body in-phase with velocity becomes increasingly 
dominant as U/(fexD) increases from around 5 up until the point of perfect 
synchronisation–unique to the forced oscillation cases–at approximately U/(fexD) = 
5.8. From that point on, in the forced oscillation experiment, further increase in 
U/(fexD) resulted in rapid decay of the influence of the drag component of fluid 
force. In terms of increasing the kinetic energy and, correspondingly, the amplitude 
response of the oscillating structure, the drag coefficient is important given it is the 
regions where positive values for the drag coefficient occur that correspond to 





Overall, the ‘lock-in’ phenomenon in vortex-induced vibration is characterised 
by striking concomitant changes in the vortex shedding strength and spanwise 
correlation and the phase relationship between the forcing and the cylinder velocity. 
To complete the present discussion on the synchronisation phenomenon 
equations from the work of Sarpkaya (2004) that highlight the relationships 
between key parameters governing synchronisation are reproduced herein. 
Firstly, the mass properties are expressed in relation to the natural frequencies, 
(1 + 𝐶𝑎/𝑚
∗) = (1 + 𝐶𝑎𝜌𝑓/𝜌𝑚) = (𝑓𝑣𝑎𝑐/𝑓𝑒𝑥)
2, (3-1) 
where fvac is the natural frequency of the system in vacuo, and 
Ca is the added mass coefficient of value particular to the operating point. 
The substantial difference that exists between the natural frequencies of the 
system in a vacuum compared to that in the fluid allows the approximation 
𝑓𝑣𝑎𝑐~𝑓𝑎𝑖𝑟 to be used in Eq.3-1 to a satisfactory degree of accuracy. Thus, for a 
system in water Eq.3-1 may be written 
(1 + 𝐶𝑎/𝑚
∗) = (1 + 𝐶𝑎𝜌𝑓/𝜌𝑚) ≈ (𝑓𝑎𝑖𝑟/𝑓𝑒𝑥)
2. (3-2) 
A notable feature of the relationships between the parameters of Eq.3-2 is the 
influence of the mass ratio on the excitation frequency of the body during 
synchronisation. Clearly, for large mass ratios the contribution of the term 𝐶𝑎/𝑚
∗ is 
diminished and the lock-in frequency of the body is close to the natural frequency 
of the system in air. Conversely, at small mass ratios the excitation frequency at 
lock-in will tend to be significantly lower relative to the in-air natural frequency of 
the system. 
3.4 Hysteresis and switching between VIV response branches 
Hysteretic behaviour is often observed in the response of systems undergoing VIV, 
and its effects are commonly present at the transitions between the various branches 
of the amplitude response. Hysteresis between the upper and lower branches is 
typical of low (m*+Ca)ζ experiments (Raghavan and Bernitsas, 2011) and the 
character and the width of the hysteretic region depend on the level of damping (see 





potentially be a consequence of, change between the 2S and 2P modes of vortex 
shedding (Williamson and Govardhan, 2004). 
In experiments performed at low and high mass-damping m*ζ for an elastically 
mounted rigid circular cylinder the initial⟷upper branch transition of the 3-branch 
response low-m*ζ case has been found to exhibit hysteresis, while the upper⟷lower 
branch transition is characterised by intermittent switching (Govardhan and 
Williamson, 2000). Using an energy analysis perspective, a later study (Lillemo, 
2014) presented results indicating an imbalance between the energy into and out of 
the system to be the cause of the intermittent switching between the upper⟷lower 
branches. In the work of Govardhan & Williamson (2000), the hysteresis of the 
initial⟷upper branch transition was coincident with the large jump observed in the 
timing of vortex shedding (a change of ~ 180˚ in phase) and change from the 2S to 
the 2P mode of vortex shedding. At the higher mass-damping m*ζ 2-branch 
response case hysteretic behaviour was no longer observed and the initial⟷lower 
branch transition exhibited long period switching. As the authors noted, their result 
differs from that of  Feng (1968) who did observe hysteresis to occur for the 
initial⟷lower branch transition. This suggests that the mass-damping alone is not 
sufficient for predicting the occurrence of hysteretic behaviour, or lack thereof, 
given that both these works had a similar mass-damping value (m* + CA)ζ ~ 0.25. 
There is the likelihood, therefore, that the presence, or absence, respectively, of 
hysteretic behaviour at the initial⟷lower branch transition in the high m*ζ 
experiments of Govardhan & Williamson (2000) and Feng (1968) was related to the 
value of the mass ratio m* and/or differences in experiment arrangement, including, 
but not limited to, the blockage ratio, end effects, turbulence in the free-stream and 
the aspect ratio of the cylinders. 
3.5 Nondimensional parameters 
3.5.1 Dimensionless amplitude 
The ratio of the cylinder excursion from the origin in the direction transverse to the 
flow to the characteristic dimension (diameter) of the cylinder is known as the 









.  (3-3) 
The same form of dimensionless amplitude applies for displacement in the 






For the pivoted cylinder architecture, Eq.3-3 and Eq.3-4 are not necessarily the 
most appropriate measures of the vibration response. At different locations along a 
pivoted (rigid) cylinder the local amplitude varies linearly with the span location. 
Accordingly, for quantifying the angular response of the cylinders in the present 
work a metric based on the aspect ratio of the cylinder is adopted, see 5.3.2 Angular 
excursion of cylinder. 
3.5.2 Damping ratio 
The damping ratio is a measure of the rate of decay of oscillatory system and 
represents the degree to which energy is lost from the system due to processes such 
as friction and pressure drag. For a critically damped system the level of damping is 
just sufficient to prevent any overshoot of the origin from which it was initially 
perturbed. The damping ratio value ζ is a measure of the level of damping relative 
to that corresponding to a critically damped state of the system.   
The degree of damping applied to (or inherently part of) a system is categorised 
using: 
ζ < 1, underdamped 
ζ = 1, critically damped 
ζ > 1, overdamped 
For the majority of engineering structures exposed to flows with the potential to 
induce FIV the level of structural damping is low, and typically ζ << 1. 
In the literature on flow-induced vibrations most attention has been given to the 
response of bluff bodies under conditions of low damping, and predominantly at 





3.5.3 Reduced damping (Scruton number) 
2𝑚(2𝜋 )
𝜌𝐷2
 = reduced damping,  (3-5) 
where, m is mass per unit length of the structure (kg/m), 
 𝜌 is the density of the fluid surrounding the structure (kg/m3), and 
 D is the structure (cylinder) diameter (m). 
Generally, increasing the reduced damping results in smaller amplitudes of 
structure motion. Inspection of the reduced damping expression (Eq.3-5) highlights 
some means for achieving a reduction in the amplitude of motion. Firstly, by 
increasing the mass ratio m*, either by use of greater density material for the 
structure or lower density fluid (if possible) and secondly, through application of 
greater damping on the system. 
3.5.4 Skop-Griffin response parameter 
The Skop-Griffin parameter SG is proportional to the product of mass and damping. 
Generally, peak amplitude responses for different structural arrangements 
undergoing vortex-induced vibration collapse reasonably well when plotted against 
SG, where 
𝑆𝐺 = 2𝜋3𝑆𝑡2(𝑚∗ ),  (3-6) 
where, St is the Strouhal number, defining the frequency of vortex shedding from a 
fixed body. 
The degree of scatter typical of a Skop-Griffin parameter plot is for the peak 
amplitude response of various structures is associated to some extent on the 
different vibrational modes of the different structures and can also be due to 
Reynolds number (Vandiver, 2012). 
3.5.5 ‘True’ reduced-velocity 
Response data for different m* are found to collapse well when using what is 
referred to as ‘true’ normalised velocity (Khalak and Williamson, 1999; Govardhan 
and Williamson, 2000), which is based on both the vortex shedding frequency and 





velocity Ur, the frequency ratio of the natural frequency of the structure in quiescent 
fluid fn to the oscillation frequency of the structure f and the Strouhal number St. 
Combined, these simplify to the ratio of the vortex shedding frequency and the 

















  (3-7) 
where fSt is the Strouhal frequency of vortex shedding from a fixed cylinder. 
 
Figure 3-4: Collapse of amplitude response data when plotted against ‘true’ 
reduced-velocity. ● ○, m* = 1.19 and (m* + Ca)ζ = 0.0110; ▲ ∆, m
* = 8.63 and (m* + 





As discussed in 3.7.1 Mass ratio m* the amplitude response of lower mass ratio 
systems is significant up to higher reduced-velocity Ur (where Ur = U/(fnD)). 
Accordingly, at lower mass ratios m* the (Strouhal) frequency of vortex shedding 
just prior to desynchronisation is greater. Also, the ratio f/fn increases due to 
reduction in m* (Govardhan and Williamson, 2000) and occurs such that there is 
consistency in the ratio fvs/f for different m
* systems across the lower-branch region 
of synchronisation. As a consequence of the consistency in fvs/f the data points of the 
amplitude response for various m* collapse when plotted against ‘true’ reduced-
velocity. In Fig.3-4 the response data for two different m* systems are seen to 
collapse well when plotted against Eq.3-7. Although the width of the responses in 
Fig.3-4 are equal when presented in terms of Eq.3-7 the collapse does not extend, of 
course, to the magnitude of the upper-branches; the upper branch magnitude 
exhibits dependence on the mass-damping m*ζ, which is different between the two 
systems. 
3.6 The fluid dynamics of the near wake of structures with 1-degree-of-
freedom 
In Chapter 2 the characteristics and Reynolds number dependency of the flow past a 
stationary circular cylinder was discussed. Attention now turns to the flow structure 
of the near-cylinder wake when it is now influenced by the oscillations of the 
cylinder itself. 
Within the vortex-induced vibration region of reduced-velocities dramatic 
changes in the magnitude of pressure oscillations about the cylinder and the phase 
of these oscillations relative to the body displacement occur (Cheng and Zhou, 
2008). The cylinder oscillations and the character of the flow are mutually 
dependent. Furthermore, ‘[t]he vortex shedding, the character and timing of 
vortices, and the amplification of the driving force are inextricably related’ 
(Sarpkaya, 2004), and the phase of the lift force and therefore the energy transferred 
to the cylinder from the flow is influenced by the character of the vortex shedding 
(Xu-Xu et al., 2016). 
Despite the added complexity of the flow as a consequence of the cylinder 





number regime for fixed cylinders, within which the fluctuating lift acting on the 
cylinder is at a maximum, that large amplitudes for vortex-induced are seen to 
occur.  
3.6.1 Complexity of the near wake structure 
As discussed in section 2.1.1 Flow regimes for a smooth cylinder the strength of the 
cylinder wake oscillations are a function of the Reynolds number and undergo 
dramatic changes at different Re across the lower-subcritical to transcritical range. 
Although short time-scale oscillations, associated for example with free-stream 
turbulence and shear layer eddies, do occur, the wake oscillations are dominated by 
fluctuations at the Strouhal frequency and the value varies between different 
Reynolds number regimes. 
Further complexities to the wake characteristics are introduced when the body is 
no longer fixed in place and allowed freedom to vibrate transverse to the direction 
of the incident flow. Then, owing to the oscillation of the body an additional 
fluctuation is introduced to the wake at the same frequency as the oscillation of the 
body (Magnuson, 2013). The relative strengths of these two wake structures (i.e. at 
the fundamental wake frequency and at the body oscillation frequency) varies with 
changes in the flow conditions, most easily perceived by considering two states of 
the wake flow for a freely vibrating body: 1. Within the synchronisation region of 
VIV; and 2. At reduced-velocity well beyond the VIV desynchronisation. 
Firstly, within the synchronisation region of vortex-induced vibration the 
frequency of the fundamental wake is coupled with the body oscillation frequency 
and consequently the ratio of the two associated frequencies is close to unity. The 
dominant of the two wake structures is that associated with the body oscillation 
frequency. It is noteworthy that within the synchronisation region the ‘…motion of 
the cylinder can take control of the instability mechanism that leads to vortex-
shedding’ (Xu-Xu et al., 2016). Secondly, at sufficiently high reduced-velocities the 
fundamental wake decouples from the body motion; its frequency is no longer 
governed by the body oscillations. As a consequence, the predominant oscillatory 
wake structure is then that corresponding to the Strouhal frequency, as is the case at 





corresponding to the transitions between these dissimilar states the wake 
fluctuations are still present. However, the strength of the fluctuations is at levels 
diminished from when they are the dominant fluctuation signal of the cylinder 
wake. 
3.7 Influence of mass and damping on circular cylinder response to vortex-
induced vibration 
The mass ratio m* and the damping ratio ζ are important parameters when 
considering the vortex-induced vibration response of circular cylinders. With 
knowledge of the values of these two governing parameters one may predict the 
response of a system to vortex-induced excitation. However, despite the consensus 
that damping is influential the overwhelming majority of VIV study explores the 
system response under conditions of low damping. There is consequently a 
relatively limited amount of literature for non-negligible damping levels (for 
examples see e.g. Bernitsas et al., 2006; Lee & Bernitsas, 2011). A noteworthy case 
in which very high levels of damping were employed is the study of Blevins & 
Coughran (2009). Their investigation of the VIV response at damping levels as 
large as 40% of critical damping showed the transverse VIV response amplitude of 
the synchronisation region to reduce to negligible magnitude at the larger damping 
levels attained within their study. 
In addition to the mass ratio and the structural damping parameters, the influence 
of other factors such as the surface roughness, free-stream turbulence, cylinder end 
conditions, cylinder aspect ratio and the Reynolds number can also be significant in 
terms of the cylinder response. Although these additional factors are important, this 
section concentrates on the influence that the mass ratio and the level of damping, 
or to be more precise, the influence of the combined mass-damping parameter m*ζ, 
have on the amplitude and frequency response of a circular cylinder in cross-flow.  
During vortex-induced vibration of a cylinder ‘…low values of the mass and 
mechanical properties [can result in] significant oscillations…[being]…induced on 
the body.’ (Barrero-Gil et al., 2012). Moreover, it is seen that for a given level of 
damping when the mass ratio m* is reduced the amplitude response increases, and 





the structural damping…the more prevalent the vortex-excited oscillations…’ are as 
a consequence (Sarpkaya, 1995). Increased mass-damping (i.e. the product of mass 
ratio and damping m*ζ) works to limit vibrations, and the system during ‘…lock-in 
becomes characterised by a decreasing peak structural amplitude’ (Xu-Xu et al., 
2016). Changes in the values of mass ratio and damping are, therefore, clearly 
associated with both qualitative and quantitative differences in the amplitude 
response of a system undergoing vortex-induced vibration. 
Opinion has generally been that the two typical forms of amplitude response (2-
branch and 3-branch) as shown in Fig.3-1 and Fig.3-2 are dependent on the 
combined mass-damping parameter m*ζ, whilst being unaffected by other 
parameters. Accordingly, the large and small amplitude responses are considered 
attributable to low and high levels of m*ζ, respectively. Govardhan & Williamson 
(2000) point to the results of Khalak & Williamson (1999) that for m* as low as m* 
= 𝒪(2) and mass-damping down to (m*+CA)ζ ~ 0.006, and, furthermore, even for 
independent variation of m* and ζ, that peak amplitude data collapses well when 
using the combined mass-damping parameter to characterise the response. There is 
the risk, however, that lumping the two parameters together into the one combined 
mass-damping parameter m*ζ may ‘mask’ the individual effects of m* and ζ; they 
may actually be independent of each other in their influence on the response. In 
addressing this point Sarpkaya (1995) argues that plots, covering an extensive range 
of data from different oscillating systems, using the parameter (𝑚 (𝜌𝐷2)⁄ )𝛿𝑛 
wherein the exponent n is seen to vary widely is evidence in support of the 
independence of mass and damping as governing parameters. As an alternative to 
the combined parameter m*ζ a parameter c* is proposed by Vandiver (2012) who 
argues that it does not mask the individual effects of the two components m* and ζ. 
In spite of uncertainty regarding the legitimacy of using the combined mass-
damping parameter to characterise a system, peak amplitude response results for a 
wide array of vortex-induced vibration arrangements (e.g. translating cylinder, 
pivoted cylinder, cantilever, etc.) are frequently presented on the Skop-Griffin SG 
plot i.e. as a function of the combined mass-damping. When plotting results on the 
SG response parameter plot, where SG = 2𝜋3𝑆2(𝑚∗ ), peak amplitudes collapse 





the scatter is attributable to differences in the peak amplitude associated with the 
inherently different mode shapes of the different cylinder arrangements.   
The difference in the response amplitude of the high and low mass-damping 
cases can sufficiently alter the fluid-structure interaction such that significant 
change in the flow dynamics, and therefore the forces acting on the cylinder, can 
result. The two typical types of ‘branch’ response (see Fig.3-1 & Fig.3-2) seem 
connected to ‘…changes in the wake vortex shedding patterns…’ (Shiels et al., 
2001). Furthermore, at low mass-damping, the step present in the 3-branch 
amplitude response regime between the initial and upper branches appears to be 
associated with transition between the 2S and 2P vortex shedding regimes 
(Govardhan and Williamson, 2000).  
(a)  
(b)  
Figure 3-5: Vortex shedding modes (a) 2S and (b) 2P. Adapted from Williamson & 
Roshko (1988). 
3.7.1 Mass ratio m* 
The mass ratio is a dimensionless measure of the density of a structure relative to 




,  (3-8) 
where m is the structural mass and md is the mass of the displaced fluid. 
The mass ratio is a well-established governing parameter for the response of a 
system undergoing vortex-induced vibration. Variation in the mass ratio influences 
the width of the synchronisation region, with increase in the reduced-velocity range 





sensitivity of the system to change in the added mass is directly associated with the 
magnitude of the mass ratio. 
The characteristics of the frequency response of the structure are also affected by 
m*. Systems with m* ≥ 𝒪(10) exhibit f* ~ 1 throughout the synchronisation region 
and as m* is further reduced towards m* = 𝒪(1) the frequency response tends to 
values for f* significantly above unity. An interesting feature of the response of 
cylinder structures characterised by mass ratio values below a ‘critical-mass’ (see 
3.7.2 Critical mass ratio m*crit) is that the frequency response following the initial 
transient phase exhibits a linear relationship to reduced-velocity and theoretically 
continues to increase linearly as reduced-velocity reaches larger and larger values 
(Fig.3-6). Thus, structure oscillation frequencies can theoretically attain very large 
values if the condition m* < m*crit is satisfied. In Fig.3-6 the influence of the mass 
ratio on the amplitude, the reduced-velocity breadth and the frequency of the 
cylinder response at different values of the mass ratio m* = 10.3, 1.2 and 0.52 is 
shown. The value of the mass-damping is equal for the cases m* = 10.3 and m* = 1.2 
and slightly less for the m* = 0.52 case. 
Fig.3-6 also highlights the relative insensitivity to m* of the peak amplitude of 
the lower-branch amplitude response during synchronisation for low mass-damping 
systems. At the constant mass-damping value (m* + CA)ζ = 0.011, the reduction 
from m* = 10.3 to m* = 1.2 brought about only marginal increase in the amplitude of 
the lower branch response, however, the effect on the frequency was significant. 
The peak amplitude of the upper branch remained unchanged (Fig.3-6). 
In addition to the oscillation frequency of systems with low m*ζ reaching higher 
values during synchronisation as m* is reduced, the frequency also remains 
relatively constant throughout the synchronisation region (see e.g. Fig.3-6, m* = 
1.2). This is a general feature of low m*ζ systems (Govardhan and Williamson, 
2000). However, at mass ratios m* ≤ m*crit the frequency response no longer exhibits 
the plateau and increases linearly as the reduced-velocity is further increased (Fig.3-






Figure 3-6: Amplitude and frequency response for various m* at roughly constant mass-damping. ‘+’, computed response by Govardhan & 







3.7.2 Critical mass ratio m*crit 
The two typical types of system response in vortex-induced vibration with one 
degree-of-freedom are depicted in Fig.3-1 and Fig.3-2. Although the amplitude and 
Ur width are affected by m
* and ζ, these typical response curves, centred about Ur ~ 5, 
are qualitatively representative for a wide range of mass ratio and damping 
combinations. It has been established, however, that dramatic divergence from the 
two typical modes of cylinder response occurs when a lower threshold for m* is 
reached (2002). 
To investigate the effect of low m*, Govardhan & Williamson (2002) carried out 
experiments on a rigid circular cylinder free to move transverse to the flow in the 
range 4x103 < Re < 2.2x104 at low levels of structural damping and zero stiffness 
i.e. overall k = 0N/m. Tests were repeated for incremental changes in m* within the 
vicinity of m* ~ 1 and the amplitude and frequency responses of the cylinder 
observed and recorded. 
Owing to the natural frequency of the structure fn = 0Hz (due to k = 0N/m), and 
therefore Ur → ∞, the experiments were carried out at reduced-velocities well 
beyond the usual desynchronisation region that features in the two typical response 
types (i.e. the 2-branch or 3-branch responses). The negligible amplitude responses 
observed for the experiments with m* = 𝒪(1) and greater are therefore as expected. 
However, further reduction in m* resulted in a sudden change to large amplitude 
responses (A* ~ 0.8) with the transition occurring at a particular value of m*, 
denoted by the authors, ‘critical mass ratio’. A critical mass ratio of m*crit ~ 0.54 
marked the point in their low m*ζ experiments at which the transition from 





Figure 3-7: Existence of a critical mass ratio in VIV. Source: Govardhan & 
Williamson (2002). 
To substantiate the experiment result for m*crit, Govardhan & Williamson (2002) 
also performed an analysis based on a linear model for vortex-induced vibration 
employing the assumption of sinusoidal force and displacement during 
synchronisation. Through this analysis, they identified the effective added mass CEA 
as the key parameter and stipulated that the condition [–CEA = m
*] must be satisfied 
in order for body vibration to occur. In addition, they noted, ‘…[t]he numerical 
value of CEA is defined by the wake vortex dynamics’. Furthermore, transition in the 
response across the critical mass threshold is associated with a marked change in 
the mode of vortex formation (Morse and Williamson, 2009a). This relationship 
between the wake and the effective added mass indicates that one may use an 
understanding of the relative strength of the vortex shedding of the near wake to 
make a rough estimate for the value of m*crit. Accordingly, the actual value of m
*
crit 
is likely to be Reynolds number dependent. 
In view of the established existence of a critical mass ratio for systems 
characterised by uniform amplitude along the span it is not unreasonable to expect a 
similar threshold condition (for example, critical inertia or moment ratio) to also 






3.8 Reynolds number dependence of cylinder response in vortex-induced 
vibration 
In the discussion of the preceding section it was seen that the effects of the cylinder 
mass and the damping are usually combined together forming the mass-damping 
parameter m*ζ. The combined form is then utilised as a descriptive parameter for the 
system response when reporting experiment results (Bearman, 2011). Although the 
use of the mass-damping parameter is widely accepted it is likely that Reynolds 
number effects must also necessarily be taken into account if complete 
characterisation of a system across a broad range of flow conditions is to be 
achieved. It has been noted that due to the significant differences between the 
vortex shedding and the resulting forces of the subcritical and critical regimes the 
response of a structure may be very different between the two regimes (Sarpkaya, 
1995). This factor often plays a part in the design of marine structures. There is a 
scarcity of VIV data at large Reynolds numbers (United, 2015) and thus test results 
of models at subcritical Reynolds numbers are often used as the basis for design. 
The subsequent test results are considered to be conservative when used as design 
conditions for full-scale structures that once installed will experience flows at 
supercritical Reynolds numbers (Owen et al., 2010).  
Experiment results indicate that the response of a circular cylinder at relatively 
low m*ζ is highly sensitive to Reynolds number (Klamo et al., 2006), and most 
notably within the subcritical flow region. The observed dependency of the 
response on the Reynolds number is linked to changes taking place in the vortex 
wake as the Reynolds number is increased. The dynamics of the fluid-structure 
coupling between the cylinder motion and the vortex shedding as Reynolds number 
is increased into the upper-subcritical region appear to further strengthen and 
organise the vortices and, consequently, significantly affect parameters 
characterising the fluid-structure interaction, such as the magnitude of the 
oscillating lift coefficient. 
It is useful at this point to briefly summarise the various states of the shear layers 
bounding the wake throughout the subcritical regime of flow for a fixed circular 
cylinder. As detailed in the flow classification of Zdravkovich (1997), the 




occur in the shear layers. The three stages of the shear layer development within the 
subcritical regime are: 
a. TrSL1: development of transition waves, 3.5-4.0x102 < Re < 1-2x103. 
b. TrSL2: formation of transition eddies, 1-2x103 < Re < 2.0-4.0x104. 
c. TrSL3: burst to turbulence, 2.0-4.0x104 < Re < 1.0-2.0x105. 
As Reynolds number increases and the shear layers of the subcritical regime 
transition to turbulence during the TrSL-3 sub-region between 2-4x103 < Re < 1-
2x105 the formation of vortices in the near wake moves closer to the cylinder. 
Associated with the close proximity of vortex formation, the fluctuating lift 
coefficient 𝐶𝐿
′  reaches the maximum value that is attained throughout the entire 
subcritical region. 
Assessment of the influence of Reynolds number has not often formed part of the 
scope of experiment work. However, when studies are conducted for vortex-
induced vibration at high Reynolds number distinct differences in the response have 
been observed, such as increased amplitude of vibration and increased reduced-
velocity range over which synchronisation is maintained in the upper branch 
(Raghavan and Bernitsas, 2011). 
Klamo et al. (2006) carried out an experimental investigation of the amplitude 
and frequency response of a rigid, smooth, elastically mounted circular cylinder in 
water cross-flow up to Reynolds numbers of 𝒪(103). The cylinder was constrained 
to move only in the direction transverse to the flow. Variable damping control was 
implemented by means of an electromagnetic damping apparatus, and in this way 
the effects of damping on the amplitude and frequency response were explored. 
Reynolds number dependent hysteresis was found for the lower branch at the region 
of desynchronisation for low Reynolds number experiments (where the Reynolds 
number at the point of peak amplitude Re|A*max of the amplitude response curve was 
Re|A*max ~ 525). This effect was limited to cases of low damping at slightly larger 
Reynolds number (i.e. with Re|A*max ~ 1000) until finally in the higher Reynolds 
number experiments (i.e. with Re|A*max ~ 2600) no hysteresis of the 
desynchronisation region was observed. 
In addition to the hysteresis of the desynchronisation region the upper response 




Klamo et al. (2006). In Fig.3-6 two amplitude response curves selected from their 
work are reproduced herein by measuring the data points directly off their figures. 
The two curves were selected because they have roughly equal values of the 
combined mass-damping parameter (m*ζ ~ 0.12) and each curve corresponds to a 
different Reynolds number range (Re|A*max ~ 525 and Re|A*max ~ 1000). With the 
exception of Run 3b in the reduced-velocity range 5.13 < 𝑈𝑟 < 5.58 all data points 
of Fig.3-8 are for increasing U. In other words, only the three largest A* values of 
Run 3b are for decreasing U.  
 
Figure 3-8: Effect of Reynolds number on the amplitude response for a given value 
of m*ζ. Data from Klamo et al. (2006). m*ζ ~ 0.12. A* = Ay/D. fn is the natural 
frequency of the system in air. 
From inspection of Fig.3-8 it is apparent that the amplitude response of Run 1b 
and Run 3b are generally well matched in amplitude and in the breadth of the 
reduced-velocity range. There is, however, a prominent difference between the two 
curves; the upper branch of the higher Reynolds number experiment is not present 
in the lower Reynolds number test. The relative difference between the mass-
damping values of Run 1b and Run 3b is approximately 5% and this small variance 
in the mass-damping value undoubtedly contributed to the difference in amplitude. 
Indeed, it may be the sole cause of the difference. It is plausible, however, that 
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Run 3b. Re|A*max ≅ 1000. 
m*ζ = 0.118.





of the TrSL2 region, that the presence of the upper branch is a Reynolds number 
effect. 
The growth in the fluctuating lift coefficient CL’ across the subcritical regime for 
fixed circular cylinders appears to be a useful predictor for the vibration magnitude 
of a freely oscillating circular cylinder at a given Reynolds number within the 
subcritical regime. The study of Blevins & Coughran (2009) clearly shows a steady 
increase in the amplitude of the VIV response throughout the subcritical range 
(Fig.3-9). One possible interpretation of this result is that the changes that take 
place in the boundary layers and in the free shear layers for the flow past a 
stationary cylinder are also a feature when the cylinder is undergoing flow-induced 
oscillations. 
 
Figure 3-9: Reynolds number dependency of transverse response amplitude for 
cylinder undergoing vortex-induced vibration. m/ρD2 = 5.02, 2m(2πζ)/ρD2 = 1.24. 
Source: Blevins & Coughran (2009). 
At upper subcritical Reynolds numbers, the shape of the VIV amplitude response 
has been observed to differ notably from the usual form, exhibiting ongoing near-
linear growth in the amplitude response following on from the reduced-velocity that 
typically corresponds to the peak in the amplitude response (United, 2015). Such 
character in the VIV amplitude response is unusual and arguably caused by the 
highly energised nature of the flow at the upper subcritical Reynolds numbers. The 




numbers (i.e. TrSL3 flow sub-region), and the consequent effect on fluid 
entrainment into the near wake, has been discussed earlier. 
It is noteworthy that the general effect of Reynolds number appears to be on the 
magnitude of the cylinder response, although other effects including broadening of 
the synchronisation region have been reported. In many cases, however, the general 
features of the response (e.g. initial branch, lower branch) are not lost. Accordingly, 
there exists, at least qualitatively, a degree of transferability for the general 
understanding of the system behaviour at one Reynolds number to another. 
Obviously, caution must be exercised. Perhaps the fluctuating lift coefficient will 
prove to be a useful predictor of response similarity at different Reynolds numbers.  
3.8.1 Peak amplitude response 
Maximum amplitude response for circular cylinders has generally been considered 
limited to around Ay/D = 1.5. In relatively recent results, however, amplitude 
responses that significantly exceed this value have been reported. In these cases, the 
larger amplitude responses coincide with operation at higher Reynolds number. 
Experiments conducted in a water channel using a nominally smooth circular 
cylinder free to move transverse to the flow only and with relatively low m* have 
exhibited large amplitudes (Raghavan and Bernitsas, 2011). In Fig.3-10 the peak 
amplitude attained of Ay/D ~ 1.9 occurred for the experiment conducted over the 
highest range of Reynolds number. The authors assert that increased small scale 
turbulence of the shear layers at the higher Reynolds numbers (such as the upper-
subcritical versus the lower-subcritical regions) feeds, and thus strengthens and 
better correlates the large scale vortices of the near wake, and, in addition, they 
hypothesised that the large amplitude response Ay/D ~ 1.9 may have been due to 
increased stability and strengthening of the 2P vortex shedding mode (which they 
state were continually observed throughout the tests). 
The Reynolds number range 4.53x104 < Re < 1.03x105 of the peak amplitude 
Ay/D ~ 1.9 case corresponds to the TrSL-3 sub-region (i.e. upper-subcritical) in the 
static cylinder flow classification scheme of Zdravkovich (1997). Overall, it is 




energy of the shear layers and thereby enhancing the strength of the near wake 
vortices that the conditions exist for a large amplitude response to occur.  
 
Figure 3-10: Reynolds number dependency of the transverse amplitude response of 
smooth circular cylinder undergoing vortex-induced vibration. Source: Raghavan & 
Bernitsas (2011).  
3.8.2 Critical mass ratio m*crit and the Reynolds number 
In 3.7.2 Critical mass ratio m*crit the concept of critical mass was discussed. It was 
seen that for m* < m*crit large amplitude response occurs and can be theoretically 
sustained for Ur approaching infinite values. For relatively low values of combined 
mass-damping a value for the critical mass ratio of m*crit ~ 0.54 has been identified 
based on experiments conducted in the range 4x103 < Re < 2.2x104 (Govardhan and 
Williamson, 2002). The authors stated that m*crit ~ 0.54 appeared to be independent 
of Reynolds number in the region tested i.e. 4x103 < Re < 2.2x104 and ascribed this 
to the Reynolds number range of the experiment corresponding to the turbulent 
vortex shedding regime for a fixed cylinder. The correctness of the experimentally 
obtained value of m*crit ~ 0.54 was supported by the results of an analysis based on 
the assumption of sinusoidal force and body displacement during synchronisation 
and the assessment of the peak value of |-CEA| using experiment data sets from 
Govardhan & Williamson (2000) and Shiels et al. (2001). 
To investigate the possible dependence of the critical mass ratio on the Reynolds 




et al. (2001) was undertaken by Govardhan & Williamson (2002). A critical mass 
ratio of m*crit ~ 0.25 was identified for the low Reynolds number regime, 
considerably lower than the value m*crit ~ 0.54 previously obtained in the higher 
Reynolds number range 4x103 < Re < 2.2x104. This result for the two different m*crit 
values was stated as being expected, given that for 
 ‘…the laminar vortex formation regime (Re = 49-190)…the 
response amplitudes, vortex formation modes, and Strouhal numbers 
are quite different from the turbulent shedding regime…’ 
(Govardhan and Williamson, 2002). 
Through utilising various data sets of different authors, the dependence of 
critical-mass on the Reynolds number was collectively assessed by Morse & 
Williamson (2009a) throughout the range 4x103 < Re < 3x104. In doing so, a clear 
trend in the critical-mass value was identified (Fig.3-11). Starting from m*crit ~ 0.38 
at Re ~ 4x103, the critical mass ratio value then approaches an asymptotic limit of 
m*crit ~ 0.54 at greater Re. Beyond Re ~ 1.5x10
4 up to the maximum Reynolds 
number of the study the critical mass ratio was of negligible difference to the value 
m*crit ~ 0.54. 
 
Figure 3-11: Dependency of the critical mass ratio on Reynolds number. Source: 




The upper Reynolds number limit in the data presented in Morse & Williamson 
(2009a) was Re = 3x104. This Reynolds number falls within the TrSL3 sub-region 
of the subcritical regime for a fixed circular cylinder (Fig.2-5). This sub-region is 
characterised by minimisation of the vortex formation length and complete 
transition to turbulence of the free-shear layers. Correspondingly, the oscillating lift 
coefficient is stable and large i.e. CL’ ~ 0.6. This is congruous with the suggestion 
by Morse & Williamson (2009a) that the asymptotic increase in m*crit with 
Reynolds number is tied to the evolving nature of the near wake characteristics. In 
other words, the m*crit value attainable is dependent on the wake vortex dynamics 
(Govardhan and Williamson, 2002). The asymptotic limit of m*crit ~ 0.54 therefore 
appears linked to the stabilisation and strength of the cylinder wake in the range 
~1x104 < Re < ~1x105 (i.e. the TrSL3 sub-region). On this basis, at Reynolds 
numbers beyond the upper-subcritical the critical mass ratio should be expected to 
diverge from the value m*crit ~ 0.54 given that for a static cylinder the wake 
characteristics are distinctly different outside the subcritical regime. 
Evidently, there is a link between the value of m*crit and the Reynolds number. 
This is a direct consequence of the Reynolds number dependency of the vortex 
wake dynamics. This dependence of m*crit on the Reynolds number is considered 
herein as further evidence in support of the hypothesis that the vortex-induced 
vibration phenomenon, more generally, is intrinsically governed by the state of the 
wake flow as described by the Reynolds number. 
3.9 Efficiency of energy extraction: influence of mass ratio and damping  
Barrero-Gil et al. (2012) conducted an investigation into the effects on energy 
extraction efficiency of both the mass ratio and damping based on application of 
experimentally determined force coefficients to a linear model of a one-degree-of-
freedom system. The force coefficients used in their study were derived from forced 
oscillation experiments of smooth circular cylinders by Golpalkrishnan (1992) and 
Hover et al. (1998) corresponding, respectively, to Re = 1x104 and Re = 3.8x103. 
The results of the study of Barrero-Gil et al. (2012) are of particular interest for the 
consideration of system design for energy extraction performance. Obviously, the 




Furthermore, from the point of view of free-oscillations, the predictions of the 
study, which fundamentally are based on data from forced-oscillation experiments, 
are most likely to differ to some extent from the response expected in the case of 
free-vibration. 
The general results from Barrero-Gil et al. (2012) are: in terms of the reduced-
velocity the effect of the mass ratio on the efficiency was similar to its well known 
effect on the width of the amplitude response i.e. at lower values of the m* the range 
of the reduced-velocity over which significant efficiency could be obtained 
increased; for a given m* there is a corresponding value of ζ whereby the maximum 
efficiency for that particular mass ratio is obtained; peak attainable efficiency was 
higher at the larger of the two Reynolds numbers; and, at each of the different 
Reynolds numbers maximum possible peak efficiency corresponded to an optimal 
value of the combined mass-damping parameter m*ζ. In addition, the mass and 
damping parameters associated with peak amplitude response did not necessarily 
correspond to peak efficiency (Fig.3-12). This finding contrasts well to work by 
Morse & Williamson (2014) showing maximum energy transfer from the fluid to 
the cylinder to take place at a particular level of mass-damping that coincides with 
smaller than otherwise possible oscillation amplitude, the larger possible amplitudes 
being achievable for the same system at lower mass-damping. 
As Fig.3-12 shows, in the results for the Re = 1x103 calculations of Barrero-Gil 
et al. (2012) the bandwidth of significant efficiencies (approximately 5.5 < Ur < 
6.4) was narrower than that of the significant amplitude regions of the amplitude 
responses (approximately 5.3 < Ur < 7.5). 
Relative narrowing of the efficiency bandwidth is to be expected given the 
change in the phase angle between the body displacement and the fluid force that 
occurs within the synchronisation region, noting that 0 < φ < π is the general 
requirement for positive work to be done on the cylinder i.e. for energy transfer 
from the fluid to the cylinder. In Fig.3-12, for the significant amplitude response 
over the limited range of reduced-velocity values above Ur = 6.4 the corresponding 
phase angles are not likely compatible with attaining noteworthy efficiency of 
energy extraction in that Ur region. The low levels of efficiency that continue for Ur 




coefficient of the component of total instantaneous fluid force in-phase with 
cylinder velocity (for example, see Fig.3-3). 
 
Figure 3-12: Calculated (a) energy extraction efficiency and (b) amplitude response 
for 1-degree-of-freedom circular cylinder. Source: Barrero et al. (2012). 
3.10 The pivoted rigid circular cylinder 
Compared to the classical case of the vortex-induced vibration of the cylinder with 
uniform spanwise amplitude of motion the pivoted cylinder undergoing VIV has 
received very little research attention. Where this has been done, the arrangement 




the directions streamwise and transverse to the incident flow (see e.g. Flemming 
and Williamson, 2005; Kheirkhah et al., 2012). This 2-degree-of-freedom (2DOF) 
arrangement for the pivoted cylinder is not within the scope of the present work due 
primarily to the simplicity of a single degree-of-freedom transverse to the flow 
being extremely beneficial for minimising the complexity of an energy extraction 
system based on the pivoted cylinder structure. Furthermore, it is the viewpoint of 
the author that further understanding of the fundamental single degree-of-freedom 
structural configuration is important to establish as a base case against which the 
pivoted cylinder response with the additional degree-of-freedom may be compared. 
For example, for a pivoted cylinder of given mass and structural properties (e.g. 
inertia ratio, angular stiffness and length) the effect that the additional degree-of-
freedom has on the magnitude of the angular response in the transverse direction 
can be assessed relative to the single degree-of-freedom case, thereby improving the 
appreciation of the influence of the second degree-of-freedom in the streamwise 
direction for the 2DOF pivoted cylinder. Conversely, the results for motions in the 
transverse direction of the pivoted cylinder with the additional degree-of-freedom 
(2DOF) cannot be applied to the single degree-of-freedom case for various reasons, 
including the important link between the spanwise hydrodynamics of the wake and 
the motion of the cylinder, which significant differs between the 1DOF and 2DOF 
cases. Wake studies for the pivoted cylinder can be seen, for example, in Flemming 
& Williamson (2005) and Voorhees et al. (2008). The fact that under the right 
circumstances the transverse oscillation magnitude of the 2DOF cylinder can 
exceed that of the 1DOF case (Sarpkaya, 2004) is an example of the inapplicability 
of using 2DOF results to predict the response of the 1DOF cylinder. The 
investigations of Balasubramanian et al. (2000) and Voorhees et al. (2008) are rare 
examples of work specifically on the 1DOF pivoted cylinder case. 
3.10.1 Vortex-induced vibration response 
In the 1DOF study of Balasubramanian et al. (2000) a rigid cylinder of diameter 
0.0572m, length 0.601m and mass per metre length 0.77kg/m was constrained to 
motion in a swing plane perpendicular to the cross-flow direction. The tests were 




𝒪(1) and configured through the use of springs to a natural frequency in air of fn ~ 
20Hz. Measurements of the transverse displacement were taken at the cylinder tip 
with the peak magnitude between the peaks on either side of centre of 2A/D = 0.36 
observed at a reduced-velocity of Ur = U/(fnD) ~ 5.2 (Fig.3-13), and calculated 
herein to correspond at Ur ~ 5.2 to Re ~ 2x10
4. A notable feature of the vibration 
response is the narrow reduced-velocity range over which non-finite angular 
vibrations occurred. This is likely attributable to the high inertia ratio (cylinder in 
air cross-flow) of the experiment, as is the relatively small peak vibration 
magnitude. At lower Reynolds number than in Balasubramanian et al. (2000), the 
1DOF study of Voorhees et al. (2008) for a low inertia ratio cylinder was conducted 
in water cross-flow in the range 1.9x103  Re  6.8x103 and significantly larger 
response amplitudes were observed compared to those in Balasubramanian et al. 
(2000). Additionally, the response at the lower inertia ratio was observed to span a 
broader range of reduced-velocity. The inertia ratio is not quoted by Voorhees et al. 
(2008) but based on their experiment information an estimate can be calculated at I* 
~ 1.3. Thus, the contrasting magnitudes of the vibration response observed in these 
two 1DOF works appears linked to their different mass properties and Reynolds 
numbers: 
- Balasubramanian et al. (2000): High I* >> 1, upper-subcritical Reynolds 
number → small magnitude of angular vibrations, and 
- Voorhees et al. (2008): Low I* ~ 1, mid-subcritical Reynolds number → 





Figure 3-13: Vibration response of 1DOF pivoted rigid cylinder in wind tunnel. D = 
0.0572m, length 0.601m and mass per metre 0.77kg/m. Experiment data are shown 
by ‘○’ symbols. Source: Balasubramanian et al. (2000). 
In general, for the 2DOF pivoted cylinder myriad response trajectories have been 
observed including straight lines, figure eight paths and crescent shapes and the 
trajectory selection is influenced by the frequency ratio (or stiffness ratio) of the 
streamwise and transverse directions and the operating point in the overall reduced-
velocity range for which the vibration response of non-finite magnitude takes place 
(ex ref). A diverse range of response trajectories are also observed for the 2DOF 
uniform spanwise motion cylinder (see e.g. Dahl et al., 2006; Sanchis et al., 2008; 
Blevins and Coughran, 2009), similar in nature to those exhibited by the 2DOF 
pivoted cylinder case, and these are also known to be associated with the ratio of the 
natural frequencies in the x- and y-directions (Sarpkaya, 1995). An example of the 
complexity of the 2DOF response and the dependence the overall trajectory has on 





Figure 3-14: Example of the relationship between the response trajectory in 2DOF 
vortex-induced vibration and the system stiffness in the streamwise and transverse 
directions. ζ = 0.02, m/ρD2 = 5.02. Source: Blevins & Coughran (2009). 
Large angular oscillations have been observed in the direction perpendicular to 
the flow for the 2DOF pivoted cylinder, and an example where this was the case is 
the work of Leong & Wei (2008). Their system was configured such that the 
stiffness was equal in the streamwise and transverse directions and the mass 
properties of the cylinder were quantified using only the mass ratio m* = 0.45; the 
inertia ratio of the system was not stated. This is unfortunate as knowledge of their 
I* value would have been of interest in light of their sustained large amplitude 
response, as is seen for the 1DOF cylinder when below critical mass (see Fig.3-6 & 
Fig.3-7), observed to occur for the vibrations in the transverse direction from U* ~ 4 
and greater. Leong & Wei (2008) reported an amplitude at the mid-span location 
throughout U* > 4 of Ay/D ~ 2.0 (Fig.3-15). This type of large magnitude vibration 
in the transverse direction ongoing with U* is not present in the work of Kheirkhah 
et al. (2012) for a 2DOF pivoted cylinder at large inertia ratio of I* ~ 67 where the 
peak measured at the far-end of the cylinder ranged between Ay/D ~ 0.8-1.2 for their 




further increase in reduced-velocity. It must be noted that a mid-span amplitude of 
Ay/D ~ 2.0 as reported by Leong & Wei (2008) does correspond to extremely large 
tip amplitude–much greater than typically reported in the literature that does exist in 
regard to the pivoted cylinder undergoing VIV or, as will be seen, as observed in 
the 1DOF pivoted cylinder experiments of the present work. 
 
 
Figure 3-15: Large magnitude vibration response for 2DOF pivoted cylinder 
undergoing vortex-induced vibration. m* = 0.45, (m* + Ca)ζ = 0.084. Source: Leong 
& Wei (2008). Data points are the experiments of Leong & Wei (2008). 
In the 2DOF experiments of Flemming & Williamson (2005) in water cross-flow 
at low inertia ratio I* = 1.03 and equal natural frequency in the streamwise and 
transverse directions an upper branch in the transverse response was observed and 
coincided with the occurrence of significant streamwise motion (Fig.3-16). At the 
operating point at which the peak transverse vibration occurred the Reynolds 
number is stated to be Re ~ 1x103. Outside of the Ur range corresponding to the 
upper branch of the transverse response the streamwise motions were relatively 
small. Thus, the large transverse oscillations of the upper response branch appeared 




streamwise vibrations of the cylinder enhancing the fluid forcing in the transverse 
direction. The large magnitude of the vibration response in both the streamwise and, 
particularly, the transverse directions are a distinguishing feature of these low 
inertia ratio 2DOF experiments. 
 
 
Figure 3-16: Vortex-induced vibration response of low inertia ratio cylinder with 
equal natural frequency in the streamwise and transverse directions. Source: 
Flemming & Williamson (2005). 
An additional characteristic in the outcomes of Flemming & Williamson (2005) 




a narrowing of the reduced-velocity range over which significant vibrations occur 
as the inertia ratio was increased. The three values of their experiments were I* = 
1.03, 2.68 and 7.69. This behaviour is similar to that which is known to occur for 
the cylinder with uniform spanwise motion as the mass ratio is increased (see e.g. 
Khalak and Williamson, 1996, 1997a; Khalak and Williamson, 1997b; Khalak and 
Williamson, 1999; Govardhan and Williamson, 2000; Bahmani and Akbari, 2010). 
 
 
Figure 3-17: Influence of the inertia ratio on the vibration magnitude and reduced-
velocity range of 2DOF cylinder undergoing vortex-induced vibrations. Symbols: •, 





3.10.2 Vortex shedding modes associated with the vibrating pivoted cylinder 
The fluid-structure interaction of the pivoted circular cylinder is inherently a 3-
dimensional problem given the amplitude of the cylinder motion increases linearly 
along the cylinder length. The vortex shedding frequency and thus the timing of 
fluid forcing at different sections along the span of pivoted cylinders is not 
necessarily consistent. In the work of Balasubramanian et al. (2000) a distinct 
change in the predominant vortex shedding frequency along the span of pivoted 
circular cylinders was observed. In close proximity to the cylinder pivot the vortex 
shedding was identified to be primarily at the Strouhal frequency and, along the 
majority of the span, shedding frequency was controlled by the cylinder oscillation 
frequency during the VIV synchronisation region. This is an indication that for the 
pivoted cylinder a minimum magnitude of local amplitude of vibration is necessary 
in order for the cylinder body motions to control the frequency of vortex shedding. 
Accordingly, during a vortex-induced vibration response of a pivoted cylinder the 
percentage of the cylinder span at which shedding at the Strouhal frequency occurs 
can be expected to be less when the magnitude of the angular vibrations is larger. 
In addition to the predominant shedding frequency the mode of vortex shedding 
along the pivoted cylinder span has been found by Flemming & Williamson (2005) 
to differ between the various branches of the pivoted cylinder VIV response. For 
example, 2S and 2P modes where observed along the entire span of the cylinder 
during part of the initial and the entirety of the lower VIV response branches, 
respectively, while a 2S-2P hybrid mode was seen to occur during the larger 
vibrations of the initial response branch. The evidence of hybrid vortex shedding 
modes occurring along the pivoted cylinder span is a clear indication of difference 
in the spanwise hydrodynamics between the pivoted cylinder case and the classic 







Figure 3-18: Flow visualisations showing 2S and 2P vortex shedding modes 
existing simultaneously at different spanwise locations on a 2DOF pivoted cylinder. 
I* = 2.68, U* = 5.67 and Ay








Chapter 4 Cylinder with wake splitter-plate and the galloping-type 
instability 
Under particular combinations of fluid flow conditions and the structure geometry, 
damping and stiffness a highly unstable response characterised by indefinitely 
increasing amplitude of structure motion, known as galloping, can result. The 
galloping response of a body is characterised by ‘…large amplitude oscillations, 
mainly in the crosswind direction.’ (Luongo and Piccardo, 2005). 
For galloping phenomena to occur it must first be preceded by some perturbation 
that initiates motion of the structure. Phenomena such as non-uniformity of the flow 
and turbulence are examples of sources providing the starting perturbation for 
galloping to then occur. 
The magnitude of the amplitude response of a structure undergoing galloping can 
dramatically exceed that generated through vortex induced vibration, and for this 
reason the galloping phenomenon represents a mode of structural motion that has 
the potential to be particularly destructive; it is a mode of vibration essential to 
prevent, or at least mitigate against in typical engineering and industrial 
applications.  
It is well established that due to the uniformity of the cross-section it is 
impossible for a circular cylinder to exhibit a galloping response. Interestingly, 
however, more recent work (e.g. Cheng et al., 2003; Macdonald and Larose, 2006) 
indicates this condition may at times be contravened, and that under the right 
conditions (i.e. at/close to critical Reynolds number or 3-dimensional effects 
including inclination angle of the cylinder axis relative to the flow direction) 
galloping type responses are possible (a flow will ‘see’ a non-circular cross-section 
as a consequence of non-perpendicular alignment of the incident flow relative to the 
longitudinal axis of the cylinder). An example of critical Re effects is the more 
recently identified excitation mechanism known as ‘dry inclined cable galloping’, 
which has been described, for example, by Macdonald & Larose (2006) as 
‘…divergent self-excited vibrations in the critical Reynolds number range…’. 
Hence, unlike typical galloping that is well known to occur over a wide velocity 




flow velocity. Macdonald & Larose ascribe the dry inclined cable vibration 
phenomenon to the flow asymmetry of the critical Re range causing aerodynamic 
damping to be negative, and thus driving a galloping type response. 
Although generally employed as a device for passive control (i.e. suppression) of 
vortex shedding in the near wake of a cylinder (Kwon and Choi, 1996; Akilli et al., 
2005; Tiwari et al., 2005), controlling features of the near wake including the 
formation length and the strength of the shear layers (Anderson and Szewczyk, 
1997), a splitter-plate in the near wake region can, under certain conditions, lead to 
a galloping-type response. The necessary conditions for a galloping response of a 
circular cylinder with splitter-plate to occur are discussed throughout this chapter. 
Given its potential for large magnitude of the cylinder vibration response and, 
therefore, the implications for energy extraction from fluid flow fields, the vibration 
response and energy extraction performance of the circular cylinder with splitter-
plate located in the near wake has been explored in the present work. 
Throughout this chapter providing background to the cylinder with wake splitter-
plate, consideration is given to the characteristics of the flow, including the 
shedding frequency and pressure distribution, for a fixed cylinder with wake 
splitter-plate. The parameters relevant to the galloping phenomenon and the nature 
of the fluid-structure interaction during a galloping-type response of a cylinder with 
splitter-plate are discussed. In addition, the influence of different forms of splitter-
plate arrangement, including free-to-rotate splitter-plates, on the galloping response 
are considered. 
4.1 Circular cylinder with near wake splitter-plate 
4.1.1 Strouhal number 
The shedding frequency from a cylinder is related to numerous factors including the 
level of interaction of the shear layers, the wake width and the formation length, all 
of which can be affected by the presence of a splitter-plate placed in the cylinder 
near wake region. Thus, ‘[w]hen a splitter-plate is placed downstream of a circular 





In the experimental investigation of Apelt & West (1975) regarding the effect of 
immediately adjacent splitter-plates on the flow past circular cylinders the presence 
of the splitter-plates had only minimal influence on the vortex shedding frequency, 
with modulation between roughly 0.18 < St < 0.2 occurring, of the near wake when 
shorter splitter-plates were employed i.e. l/D ≤ 2.0 (see Fig.4-1). Fig.4-1 also 
highlights the influence of bluff body shape on the shedding frequency of the near 
wake; with ‘bullet’, flat-plate normal to the flow and circular cylinder, all with 
trailing splitter-plate, shown for comparison. In the circular cylinder case, as 
splitter-plate length was increased St dropped monotonically, reaching a minimum 
corresponding to the end of regular vortex shedding of St ~ 0.1 at l/D = 4.5. At 
longer splitter-plates still, the regular vortex shedding was no longer detectable, and 
by averaging over the broadband shedding occurring for the longer splitter-plates an 
average Strouhal number of St ~ 0.1 was determined for 4.5 < l/D < 7. 
Nakamura (1996) conducted experiments on circular cylinders with splitter-
plates extending from the cylinder surface in the range 3x102 < Re < 5x103. Both 
the cylinder and splitter-plates were fixed in place in all cases and base pressure 
measurements and hot-wire anemometry were used to analyse the flow about the 
cylinder and in the near wake. The Strouhal number was obtained based on the hot-
wire signals at a location 1D downstream of the tail edge of the splitter-plate and 
offset 1D from the plane parallel to the flow and coincident with the cylinder axis, 
where D is the cylinder diameter. For the circular cylinder with splitter-plate 
Nakamura found St to be relatively stable at St ~ 0.2 – and thus close to the value 
for a bare cylinder within the Reynolds number range of the experiments – up to a 
splitter-plate length of l/D ~ 2.5. Hence, there was relative independence of the 
shedding frequency from the presence of the splitter-plate for the shorter splitter-
plates. However, as the splitter-plate length increased above l/D = 2.5 St dropped in 
a near linear fashion reaching a minimum of St ~ 0.1 at close to l/D ~ 5.5. Thus, up 
to l/D ~ 5.5 the results of Apelt & West (1975) and Nakamura (1996) for shedding 





Figure 4-1: Strouhal number versus splitter-plate length. Source: Apelt & West 
(1975). 
At the lower Reynolds number of the data presented Re = 1.6x103 Nakamura 
(1996) observed a sharp jump in shedding frequency, returning to St ~ 0.2, to occur 
at l/D ~ 5.5. This jump was not present in the results of Apelt & West (1975). With 
further lengthening of the splitter-plate the earlier linear reduction trend for St was 
repeated, and the shedding frequency reached a second minimum of St ~ 0.16 at l/D 
~ 8. For Re = 1.6x103 no distinct shedding frequency was detected for the splitter-
plates of length l/D ≳ 8 and only broad banded frequency peaks were identified in 
the hot-wire data, as was the case for l/D ≳ 5.5 at the higher Reynolds number Re = 






Figure 4-2: Strouhal number versus splitter-plate length for fully restrained cylinder 
with stationary splitter-plate. ●, Re = 1.6x103; ○, Re = 5.3x103; ‘’, base pressure 
coefficient Cpb for Re = 5.3x10
3. Source: Nakamura (1996). 
Anderson & Szewczyk (1997) carried out experiments on the same type of 
cylinder/splitter-plate arrangement as Nakamura (1996) but at a higher Reynolds 
number range i.e. 2.7x103 < Re < 4.6x104. Flow visualisation, hot-wire anemometry 
and measurement of the pressure at the cylinder surface were performed to 
investigate the effects of the splitter-plates. The results of Anderson & Szewczyk 
(1997) for the Strouhal number at Re ~ 4x104 exhibit small variation at close to St ~ 
0.20 before increasing to a peak of St ~ 0.22 at a splitter-plate length l/D ~ 1.5 (see 
Fig.4-3) and thus compare well to the data at Re = 5.3x103 of Nakamura (1996). 
However, it is notable that the peak in Nakamura’s data occurred at a longer 





Figure 4-3: Strouhal number versus splitter-plate length for fully restrained cylinder 
with stationary splitter-plate. □, Re = 3.5x104; ‘+’, Re = 4.6x104. Adapted from 
Anderson & Szewczyk (1997). 
An explanation for the shift in the St data to lower splitter-plate lengths at the 
higher Reynolds number may possibly be found in the Reynolds number 
dependency of the state of the free shear layers and the near wake for a cylinder 
without splitter-plate i.e. cylinder with a ‘free-wake’. At the Reynolds numbers Re 
= 1.6x103-5.3x103 corresponding to the St data of Nakamura (1996) the shear layers 
for a cylinder without splitter-plate are in a state of laminar-to-turbulent transition 
characterised by roughly 2-dimensional transition waves and eddies. In addition, the 
vortex formation length-scale of the large-scale vortices of the near wake 
diminishes with increased Re and is yet to reach its minimum that occurs at around 
Re = 1x104. In comparison, at the higher Reynolds numbers Re ~ 4x104 
corresponding to the data of Anderson & Szewczyk (1997) shown in Fig.4-3 the 
free shear layers (for the cylinder without splitter-plate case) are completely 
turbulent, the formation length is at a minimum and the relative strength of the 
vortex shedding is greater (Zdravkovich, 1997). Anderson & Szewczyk (1997) 
explained their observed changes in St as a function of splitter-plate length to be the 
consequence of the interdependency of the oscillation amplitude of the free shear 
layers, fluid entrainment into the near wake region and diffusion of vorticity within 




number of the flow. Furthermore, the balance between these various factors differed 
across their range of splitter-plate lengths tested. 
Interestingly, the trends of the St-Re relationship at higher Reynolds numbers 
(i.e. 𝒪(103) < Re < 𝒪(104)) for circular cylinders with base-attached splitter-plate 
appear to extend to low Reynolds numbers. Kwon & Choi (1996) carried out a 2-
dimensional numerical investigation into the effects of rigid, immobile splitter-
plates attached to a circular cylinder, studying the shedding frequency and flow 
field. They considered the range 80 ≤ Re ≤ 160 and splitter-plates of length up to 
l/D = 8. In the range 120 ≤ Re ≤ 160 their numerical results for the shedding 
frequency as a function of splitter-plate length, Fig.4-4, exhibit trends qualitatively 
similar to physical experiment results at higher Re. That is, the local minimum at  
 
Figure 4-4: Shedding frequency St as a function of splitter-plate length l/D and 
Reynolds number;  ̵ ̵ ̵ ̵ ̵ , Re = 80; ∙∙∙, Re = 100; - - -, Re = 120;  ̵ ∙ ̵ , Re = 140;  ̵ ∙∙ ̵ , Re 
= 160. Adapted from Kwon & Choi (1996). 
l/D ~ 0.5-1.5 and local maximum at l/D ~ 1.5-2.5 observable in the previously 
discussed higher Reynolds number results of Apelt & West (1975), Nakamura 
(1996) and Anderson & Szewczyk (1997) are also apparent in the data of Kwon & 
Choi (1996). It is noteworthy that although the Re = 80 and Re = 100 results of 
Kwon & Choi (Kwon and Choi, 1996) exhibit the same sharp reduction in 




the local maxima in St at l/D ~ 2 that occurred for the later mentioned Reynolds 
numbers is not present for Re = 80 and Re = 100. 
In all the examples of the preceding discussion the presence of a wake splitter-
plate is seen to influence the frequency of vortex shedding in the near wake of the 
cylinder. This can be traced to the presence of the splitter-plate affecting the 
interaction of the opposing shear layers in such a way that it stabilises the near wake 
flow. For example, commenting on their results for Re = 160, Kwon & Choi (1996) 
stated that the splitter-plates equal to or shorter than the size of the large scale 
vortices of the near wake (that would otherwise occur in the absence of the splitter-
plate) had the effect of shifting the interaction of the vortices generated on the 
opposing sides of the cylinder to further downstream. Furthermore, they stated, as a 
consequence ‘…the interaction period of these vortices becomes larger and the 
Strouhal number decreases rapidly.’ Tiwari et al. (2005) studied circular cylinders 
with attached rigid splitter-plate and stated their flow visualisations to show the 
transverse flapping of the shear layers of the cylinder near wake to be reduced by 
the presence of the splitter-plate and, hence, the  splitter-plate ‘…produced a 
stabilising effect…’ on the flow. Interestingly, such modification of the shear layer 
interaction is not unique to immediately adjacent splitter-plates and is also apparent 
when a gap is introduced between the cylinder body and a rigid splitter-plate 
located downstream in the near wake region of the cylinder. 
Unlike the authors of the earlier discussion (i.e. Apelt and West, 1975; Kwon 
and Choi, 1996; Nakamura, 1996; Anderson and Szewczyk, 1997), who all 
investigated circular cylinders with immediately adjacent fixed-in-space splitter-
plates, Ozono (1999) studied the effect of short rigid splitter-plates placed at 
different locations within the near wake on the cylinder surface pressure and the 
shedding frequency; thus, there was a gap between the cylinder and the leading 
edge of the splitter-plates. Various combinations of inline and transverse position of 
the splitter-plates–relative to the axis of the circular cylinder–were tested across the 
range 6.7x103 < Re < 2.5x104. At gap-to-cylinder-diameter ratios of 0 < G/D < ~ 2 
the influence of the splitter-plate on the flow was significant, and within this gap 
range notable changes in the cylinder base pressure and the shedding frequency 




frequency and cylinder base pressure is limited and beyond G/D ~ 4 the influence 










Figure 4-5: Base pressure and shedding frequency as a function of splitter-plate gap 
from fixed circular cylinder; ∆, ○, ‘’, -Cpb; , ●, □, St; ∆, , Re = 6.7x103; ○, ●, 
Re = 1.7x104; ‘’, □, Re = 2.5x104. Source: Ozono (1999). 
near wake (i.e. ~ 3.0D downstream and ~ 2.0D off-axis) indicated the peak 
amplitude of the velocity fluctuations at this point to correlate well with the changes 
in both the base pressure and the shedding frequency as G/D was altered.  
4.1.2 As vortex-induced vibration suppressor 
One well established method of addressing the VIV susceptibility of the circular 
cylinder has been the use of thin wake splitter-plates in the near wake region of the 
cylinder. The splitter-plate exerts passive control on the dynamics of the near wake 
(Kwon and Choi, 1996; Akilli et al., 2005; Tiwari et al., 2005) modifying the wake 
flow in such a manner that suppression of vortex-induced vibration is possible. 
Owing to the presence of the wake splitter-plate the rolling up of the shear layers is 
postponed and the subsequent formation of the large-scale vortices of the near wake 
is forced to occur at locations farther downstream (Apelt et al., 1973; Anderson and 
Szewczyk, 1997), thus mitigating the vortex-excitation of the cylinder. 
In spite of the capacity to suppress vortex-induced vibrations it is interesting to 
note that the presence of a wake splitter-plate has been found under the right 




(see e.g. Kawai, 1990; Nakamura et al., 1994; Assi et al., 2009; Stappenbelt, 2010). 
Thus, in endeavouring to mitigate or prevent vortex-induced vibration of the 
circular cylinder, use of wake splitter-plates can cause the system to become 
susceptible to the large-magnitude vibration responses that can occur for structures 
undergoing galloping-type flow-induced vibration. The influence of wake splitter-
plates on the vibration response of circular cylinders when the cylinder is 
constrained to a single degree-of-freedom perpendicular to the cross-flow direction 
is discussed in 4.5 Galloping of circular cylinder with attached splitter-plate. 
4.1.3 Pressure distribution and steady drag force on a circular cylinder with 
splitter-plate in the near wake 
In experiments investigating the effects on the near wake of splitter-plates of 
various lengths immediately adjacent to the cylinder surface Anderson & Szewczyk 
(1997) performed pressure distribution measurements about the cylinder surface. 
The pressure measurements revealed the pressure distributions between the forward 
stagnation point and  ~ 50degrees to be largely unaffected by the presence of the 
different length splitter-plates. However, at larger angular positions in the range 
50degrees    180degrees pressures were generally uniformly higher with longer 
splitter-plate length across the range of lengths tested i.e. 0 ≤ l/D ≤ 1.5 (Fig.4-6). 
Interestingly, the location of the boundary layer separation point was apparently 
invariant to either the presence or length of the splitter-plates, as indicated by the 
inflections of the data point curve-fits occurring consistently at θ ~ 78degrees. Thus, 
the angle to the boundary layer separation point was well in-line with that for a 
circular cylinder with a ‘free-wake’ at similar Reynolds number (see 2.1.2 






Figure 4-6: Pressure distributions about a circular cylinder with immediately 
adjacent splitter-plates of various lengths at Re = 4.6x104. Source: Anderson & 
Szewczyk (1997). 
Drag forces 
The splitter-plate downstream is a well proven passive instrument for controlling 
the vortex shedding from a circular cylinder, and, in addition, ‘…it is well known 
that if regular vortex shedding is eliminated, say by the use of a long splitter-plate, 
then drag is reduced’ (Assi et al., 2009). 
In the water- and wind-tunnel experiments of Apelt et al. (1973) rapid reduction 
in the drag coefficient CD (calculated by numerical integration of the pressure 
distribution about the cylinder surface) with increase in splitter-plate length in the 
range 0 ≤ l/D ≤ 0.5 was observed. Thereafter, CD continued to decrease, however 
slightly, reaching a minimum value at l/D ~ 1.0-1.5 of CD ~ 0.85 (Fig.4-7). 
Anderson & Szewczyk (1997) obtained a similar result, calculating the drag 
coefficient (also determined based on pressure measurements about the cylinder 
surface for the same type of cylinder/splitter-plate arrangement) at Re = 4.6x104 and 
reported a minimum drag coefficient to have occurred at close to l/D = 1.0 that 





Figure 4-7: Drag coefficient CD versus splitter-plate length l/D at different Reynolds 
numbers within the range 1x104 < Re < 4x104; ▲, Re = 1x104; ●, Re = 2x104; □, Re 
= 3x104; *, Re = 4x104. Source: Apelt et al. (1973). 
Through wake visualisation and hot-wire anemometry Apelt et al. (1973) 
observed and recorded, respectively, the Strouhal number to reach a minimum, 
coinciding with the maximum observed vortex formation length, of approximately 
St = 0.18 at a splitter-plate length l/D ~ 1.0. Thus, the reduction in the oscillation 
frequency of the vortex wake appeared coupled to the increased length of the vortex 
formation region which was itself controlled by the splitter-plate length. Also, the 
presence of the different length splitter-plates was observed to narrow the near wake 
to varying degrees and correlated well with the calculated values for CD i.e. 
minimum wake width at close to minimum drag occurring at l/D ~ 1.0. Hence, an 
interdependence exists between the splitter-plate length and the nature of the vortex 
shedding, and thereby the associated shedding frequency and the magnitude of the 
inline drag. 
The influence of longer splitter-plate lengths on the inline drag can be seen in the 
work of Apelt & West (1975) that extended the investigation of Apelt et al. (1973) 
to greater l/D within the range 2  l/D  7. From the minimum CD ~ 0.85 at l/D ~ 
1.0 there was observed a notable increase to a peak in drag coefficient occurring at 
l/D ~ 2.0 of CD ~ 0.93 (Fig.4-8). Thereafter, CD decreases gradually, and relatively 
smoothly, with increased splitter-plate length to a second minimum (and absolute 
minimum for splitter-plate lengths 0  l/D  7) of CD ~ 0.80 at l/D = 4.5, then 





Figure 4-8: Drag coefficient versus splitter-plate lengths. Source: Apelt & West 
(1975). 
4.1.4 Flow characteristics in the presence of a near-wake splitter-plate 
For a fixed circular cylinder Apelt et al. (1973) conducted water- and wind-tunnel 
experiments in the range 1x104 < Re < 5x104 to study the effects attached splitter-
plates of different lengths have on the cylinder surface pressure distribution and the 
flow patterns of the near wake. For their splitter-plates lengths l/D = 1.0, 1.5 and 2.0 
they observed, through solid particle motion and dye traces, recirculation of the 
fluid within the region enclosed by the free shear layers and the splitter-plate 
surfaces with the same fluid remaining in the enclosed region for a considerable 
period of time; at shorter splitter-plate lengths particles entering the corresponding 
fluid region were reported to be almost immediately carried off into the wake. 
Reattachment of the free shear layers was not observed to occur. However, in later 
experiments at longer splitter-plate lengths using much the same testing apparatus 
reattachment of the shear layers to the splitter-plate surface was observed to occur, 
consistently at the downstream location l/D ~ 5 for splitter-plates lengths l/D ≥ 5 
(Apelt and West, 1975). 
Nakamura et al. (1994) studied the wake patterns and the pressure distributions 
around a circular cylinder with stationary splitter-plate at aspect ratio L/D = 14.0 
within the Reynolds number range 6x103 < Re < 4.2x104. Their results indicated 
that for the case of stationary trailing splitter-plate the suppression or forcing of a 




relative to the cylinder motion…’. In other words, the initiation or ending of a 
galloping-type response for a circular cylinder with stationary splitter-plate appears 
to represent a change in the timing of the rolling-up of vortices along either side of 
the splitter-plate in the near wake region.  
The phase relationship as seen in Nakamura et al. (1994) between the vortex 
shedding and the cylinder displacement necessary for a galloping-type response of a 
circular cylinder with stationary splitter-plate was also present in the numerical 
study of Kawai (1990). In this work, a discrete vortex model was employed to 
explore the near wake dynamics and the flow-induced vibration response, in the 
direction normal to the flow, for a circular cylinder with an immediately adjacent 
stationary splitter-plate. The numerical results indicated that, unlike the cylinder 
without a splitter-plate, the presence of a relatively short stationary splitter-plate 
(even as short as l/D = ⅛) in the case of a transversely vibrating cylinder can 
prevent the usual rolling-up of the large-scale vortices close to the cylinder, 
postponing the interaction of the free shear layers and forcing the flapping of the 
shear layer interaction to occur further downstream and at the same frequency as the 
cylinder vibration. Extension of the splitter-plate length to l/D = 2.0 brought about 
reattachment of the shear layer to the splitter-plate surface (not calculated to occur 
for the shorter splitter-plates) and, consequently, rolling-up of vortices close to the 
downstream surfaces of the cylinder on the same side as the shear layer 
reattachment. The author stated the close proximity of the vortices to the cylinder to 
be the cause of the calculated cylinder motion towards the side of the splitter-plate 
on which the shear layer reattachment was occurring. This flow structure was 
considered to be the mechanism generating the calculated negative aerodynamic 
damping leading to the prediction of a self-exciting, galloping-type response. 
Therefore, the timing of the cylinder motion and vortex shedding for the predicted 
vibration response of the cylinder with splitter-plate l/D = 2.0 and the 
aforementioned phase relationship between the shear layer oscillation and the 
cylinder motion as seen in Nakamura et al. (1994) are in accord.  
As was the case in the numerical results of Kawai (1990) mentioned above for a 
transversely vibrating circular cylinder with stationary trailing splitter-plate, 




ratio L/D = 8 and a trailing splitter-plate immediately adjacent to the cylinder 
surface that the formation length of the large scale vortices in the near-wake 
increased, up to a limit, with increase in splitter-plate length (Fig.4-9). After a rather 
sharp early increase, a maximum formation length for the large-scale vortices of the 
near wake of Lf/D ~ 2.5 occurred when a splitter-plate length of l/D ~ 0.75 was 
reached. Thereafter the formation length stabilised and remained relatively constant 
for the longer splitter-plate lengths. 
 
Figure 4-9: Formation length of large-scale vortices of the near wake versus splitter-
plate length at Re = 3.5x104. Source: Anderson & Szewczyk (1997). 
Using an LES study, Nakayama & Noda (2000) also identified the formation 
length, in this case in the wake of a ‘bullet’ type geometry, to be influenced by the 
splitter-plate attached to the blunt trailing edge of the body. The simulation results 
showed shifting of the vortex shedding to locations further downstream and thus 
stabilisation of the near wake as a direct consequence of the splitter-plate. 
Considered along with the influence of splitter-plates on the near-wake of circular 
cylinders this indicates the postponement of the vortex shedding to further 
downstream to be a general feature of flows past a bluff body in the presence of a 
near wake splitter-plate. 
4.1.5 Free-to-rotate attached rigid splitter-plate 
In contrast to fixed splitter-plates, the behaviour of rotatable splitter-plates–free to 
rotate about the cylinder axis–and their effects on the wake dynamics of fixed 
circular cylinders has also been explored (see e.g. Barnett and Adger, 2007; Detraz 




splitter-plate lengths the plate assumes a quasi-stable angular offset (offset 
randomly to one side or the other off the wake centreline) brought about by an 
imbalance in the moments acting on the splitter-plate when it is located at non-
stable positions; small vibrations about the stable angle also occur. Imbalance in the 
moments is associated with the fluctuating nature of the wake, balance being 
achieved when the tip of the splitter-plate encounters the outer flow and, thus, the 
splitter-plate assumes a stable angular position. 
Non-zero mean lift coefficients CL for the force on the cylinder (acting transverse 
to the incident flow direction) are found for the relatively short free-to-rotate 
splitter-plates due to the lower pressure region that develops in the zone between 
the shear layer of the outer flow and the cylinder/splitter-plate surfaces on the side 
the splitter-plate has deflected to–flow conditions similar to that of the galloping 
phenomenon. Vortex shedding frequency and strength and the wake profile are all 
influenced, up to a limiting splitter-plate length, by the presence of the freely 
rotatable splitter-plate. At longer splitter-plate lengths the plate no longer stabilises 
at an angular offset and remains well aligned, whilst still exhibiting small 
magnitude oscillations, with the wake centreline, at least for the case of moderate 
Reynolds numbers i.e. within the subcritical Re region. Owing to the central 
alignment of the plate, under these conditions the effects on the cylinder wake of 
the free-to-rotate plates are much the same as for fixed splitter-plates of the same 
length. At Reynolds numbers beyond critical Re, for moderate splitter-plate lengths 
(i.e. 1 < l/D ≤ 2) the splitter-plate is found to assume an angular offset (Barnett and 
Adger, 2007). 
4.2 Conditions for the occurrence of the galloping-type instability 
In order to be potentially unstable in terms of a galloping-type response it is a 
necessary, but not sufficient, condition that bluff objects present an altered cross-
section to the flow at nonzero angles of attack (Blevins, 1990). Hence, the well 




(Nakamura et al., 1994)*. A galloping response is only possible when the altered 
cross-section, relative to the flow, brings about a positive growth rate in the lift 
coefficient CL with change in angle of attack α. Thus, the lift coefficient of aero- and 
hydro-dynamically unstable profiles changes in such a way during structure 
oscillation that under the right combination of structural stiffness, damping, free 
stream velocity and fluid properties, phase angle, vortex shedding characteristics 
and other features of the flow, large, indefinitely increasing, amplitude responses 
can occur. 
As mentioned, the bare circular cylinder cannot undergo a galloping-type 
vibration response. It is, however, possible to force this to occur through 
modification of the cylinder cross section. Accordingly, attachment to the cylinder 
of a wake splitter-plate aligned with the cylinder axis is one means of altering the 
cross-section to make galloping possible. The addition of a splitter-plate introduces 
potential hydrodynamic instability to the cylinder structure, and thus causes the 
otherwise non-galloping bare cylinder to undergo a galloping response; this is also 
the case for a short rectangular section with a wake splitter-plate (Nakamura and 
Hirata, 1994). 
4.3 Quasi-steady analytic model for galloping 
The well known Den Hartog criterion for transverse galloping provides a theoretical 
basis, under assumed quasi-steady conditions, for stability analyses of systems that 
due to their geometry are prone to a galloping-type vibration response. For a body 
to be susceptible to galloping from rest the slope of the effective lift coefficient 
versus the angle of attack at initially motionless conditions must be positive i.e. 
𝜕𝐶𝐿/𝜕𝛼 > 0. To satisfy quasi-steady conditions it is necessary that the time-scale of 
the vortex shedding from the body must substantially exceed that of the body 
vibration i.e. fvs >> f (Blevins, 1990; Nakamura and Hirata, 1994; Luongo and 
Piccardo, 2005). Furthermore, quasi-steady galloping theory assumes the phase 
angle between the force acting on the body and the body displacement to be equal 
to π/2 at all times (Magnuson, 2013). 
                                                 
* It should be pointed out that as mentioned in an earlier section there exists for circular cross-
sections the case of dry inclined cable galloping. However, this is a special case understood to be 




The instability definition of the theory is based on the relationship between the 
drag coefficient and the slope of the effective lift coefficient versus relative angle-




 < 0.  (4-1) 
The threshold velocity can also be considered. As discussed for example by 
Macdonald & Larose (2006), according to Den Hartog theory a galloping response 
initiates when the flow velocity is sufficiently large that the level of negative 
aerodynamic damping exceeds the absolute magnitude of the structural damping, 





where m in Eq.4-2 is mass per unit length. Accordingly, a galloping response will 
occur for all flow velocities greater than the threshold value as given by Eq.4-2. 
Any increase in velocity above that at which galloping is initiated results in a 
coinciding increase in the level of negative aerodynamic damping and, hence, the 
amplitude of body vibration. 
In the experiments of Nakamura et al. (1994) the growth rate of cylinder 
oscillation normal to the flow occurring as a consequence of the fluid forces acting 
on the circular cylinder with stationary trailing splitter-plate in the immediate wake 
of the cylinder were studied. The growth rate was presented versus reduced-velocity 
and similar steadily increasing trends were found by the authors for their longer 
splitter-plates of l/D = 10.4, 20.8 and 31.3. However, for the shorter splitter-plate 
case with l/D = 4.2 the nature of the growth rate diverged markedly from the longer 
splitter-plates, thus indicating the vibration response and, hence, the forces acting 
on the cylinder, to be most sensitive to change in length at shorter splitter-plate 
lengths. When considered in terms of quasi-steady galloping theory (i.e. Eq.4-1) 
their measurements for the static aerodynamic forces (i.e. lift coefficient CL versus 
angle of attack α) for two different splitter-plate lengths l/D = 4.2 and 20.8 indicated 
that for the case of circular cylinder with attached splitter-plate the cylinder with 
the shorter splitter-plate is inherently unstable and therefore prone to initiation of a 




4.4 Potential for coinciding vortex-induced vibration and galloping 
Generally for bluff bodies in water the galloping initiation velocity tends to be close 
to the velocities of the vortex-induced vibration synchronisation region (Trainer, 
2007) even at significant levels of applied damping and, as Bearman & Luo (1988) 
state, under the right conditions there is the likelihood of vortex-induced and 
galloping responses occurring simultaneously. These conditions include, but are not 
limited to, strategically placed surface roughness strips (Chang and Bernitsas, 2011) 
the cross-sectional geometry, mass of the oscillating structure and the level of 
applied system damping. 
Addressing the potential for simultaneous vortex-induced vibration and 
galloping, Bearman & Luo (1988) considered a case where quasi-steady galloping 
theory breaks down. Specifically, they considered a square cross-section section at 
sufficiently low mass-damping such that the characteristic of the flow-structure 
interaction reverts, from negative damping, back to positive damping as amplitude 
endeavours to increase in the early stages of a flow-induced vibration response. The 
authors state this to be the case when the predicted critical reduced-velocity for the 
onset of galloping is less than that for vortex-induced vibration resonant type 
response. Also, they point out the possibility, given the right mass-damping, of 
immediately following on from peak amplitude of a VIV response with galloping. 
Considering their results in terms of the fluctuating lift force CL’, Bearman & 
Luo (1988) stated their experiment outcomes showed that above A/D = 1 (where A 
is vibration amplitude in the direction normal to the flow direction) the minimum 
CL’ corresponded to the flow reattachment angle of incidence α as for a stationary 
square section i.e. α ~ 13.5˚. Below A/D = 1, however, minimum CL’ was observed 
to occur at angles of incidence less than α ~ 13.5˚. Furthermore, minimum CL’ 
coincided with lower reduced-velocity at smaller A/D. Hence, the influence, at the 
lower amplitudes of their tests (i.e. A/D < 1), of the vortex shedding dynamics at Ur 
≤ Ur(min. CL’) clearly precludes the system response being wholly characterised by 
the flow dynamics of the galloping phenomenon alone; as expected, given VIV 
responses typically occur within the lower Ur range. At smaller and smaller A/D in 
the Ur ≤ Ur(min. CL’) range, vortex shedding coinciding at the oscillation frequency 




on the body. Thus, the low-amplitude (high mass-damping) minimum CL’ is likely 
to be governed largely by the VIV phenomenon and, similarly, at high-amplitude 
(low mass-damping) by the flow dynamics of the galloping phenomenon. Of 
course, the magnitude of the oscillating lift force alone is insufficient for 
understanding and predicting a system response, and must be considered alongside 
the timing (phase) of the force in respect to the body motion. 
4.5 Galloping of circular cylinder with attached splitter-plate 
Inclusion of a splitter-plate in the region of the near-wake has been one approach to 
addressing the problem of undesirable vortex-induced vibration of circular 
cylindrical structures. The fluid mechanism of the intended vibration mitigation lies 
in the splitter-plate presenting a solid boundary impermeable to the flow, thus 
preventing the interaction of the free shear layers (Stappenbelt, 2010). Prevention of 
free shear layer interaction, and thus entrainment of fluid from the main flow into 
the wake region, has also been achieved with short splitter-plates with relatively 
short gaps (of order 1-2D) between the cylinder surface and the leading splitter-
plate edge (Akilli et al., 2005). For the case of splitter-plates attached to the 
cylinder, suppression of transverse vortex-induced vibration to almost negligible 
levels has been achieved when splitter-plate length (in the streamwise direction) is 
at least 3 times the cylinder diameter (Stappenbelt, 2010).  
In spite of the aforementioned examples of mitigation (or at least attenuation) of 
vortex-induced vibration, elimination of all forms of flow-induced vibration is not 
an intrinsic outcome of the application of splitter-plates. This can be explained in 
part by the knowledge that, ‘…for the basic mechanism of galloping to work 
effectively, communication between the side flows must be interrupted…’ 
(Nakamura and Hirata, 1994). And in the case of the circular cylinder, which 
ordinarily is immune from galloping, ‘…fluid dynamic change brought about by 
virtue of attachments [to the cylinder] may cause galloping…’ (United, 2015). 
Thus, the geometric means by which VIV is suppressed unavoidably makes the 




4.5.1 Flow dynamics 
In addition to the structural parameters, both the vortex shedding phase relative to 
the body motion and the mean path of the shear layers of the near wake flow are 
key determinants of whether a body will be driven into a galloping response. In 
general, galloping is not possible when the shear-layer/body-edge interaction is well 
developed, which is often the case when the wavelength of the body oscillation 
relative to the flow is short (Nakamura and Hirata, 1994). 
Assi et al. (2009) studied the effect of various types of attached splitter-plate 
arrangements, including non-rotating and free-to-rotate single splitter-plates, non-
rotating and free-to-rotate dual splitter-plates with angular offset, on the vibration 
response of an elastically mounted circular cylinder, up to a maximum Reynolds 
number of Re = 3x104. For the circular cylinder with a non-rotating single splitter-
plate, at a given Ur during the galloping response the maximum attainable 
amplitude of transverse vibration corresponded to reattachment to the downstream 
tip of the splitter-plate of the shear layer shed from the same side of the cylinder as 
the transverse oscillation direction. Hence, their observations were very much in 
accord with classical galloping theory. Any perturbation working to further increase 
the oscillation amplitude, and therefore the angle of attack, would force the point of 
shear layer reattachment to migrate along the splitter-plate toward the cylinder, 
consequently exposing the splitter-plate surface to the higher fluid pressures outside 
the immediate cylinder wake region and thus diminishing the overall force acting to 
drive the cylinder.  
4.5.2 Vibration response of cylinder with attached splitter-plate 
Stappenbelt (2010) performed experiments on circular cylinders with attached 
splitter-plates of various lengths (in the streamwise direction) tested over the range 
1.26 x104 < Re < 8.40x104. The cylinder was elastically mounted and free to move 
transverse to the flow direction only, at relatively low mass ratios (i.e. m* ~ 2) and 
low levels of damping. Large amplitude galloping-type vibrations, increasing 
almost linearly with increased reduced-velocity, were observed for splitter-plate 
lengths 0 ≤ l/D ≤ 2.4. These results are broadly in agreement with the experiment 




responses to occur for the cylinder with attached splitter-plate of lengths in the 
range 0.25 ≤ l/D ≤ 2. 
At the shorter splitter-plates of the experiments of Stappenbelt (2010) (i.e. l/D ≤ 
0.5) the large amplitude galloping-type responses fell away abruptly to negligible 
levels, and  in  each  case at different reduced-velocities (Fig.4-10). For example, 
for the splitter-plate of length l/D = 0.5 the reduced-velocity at which the galloping 
response abruptly ended was approximately Ur = 32. 
 
Figure 4-10: Amplitude response for circular cylinder with attached splitter-plates 
of length 0 ≤ l/D ≤ 4. Source: Stappenbelt (2010). 
Over the tested reduced-velocity range (up to Ur ~ 50, based on fn of bare 
cylinder in quiescent water) the sudden drop in amplitude was not observed for the 
longer splitter-plates i.e. l/D = 1.5, 2 and 2.4. In addition, at increased splitter-plate 
length the initiation of significant vibration response tended towards larger reduced-
velocities and the slope of the galloping-type response decreased (Fig.4-10). It is 
conceivable that the amplitude drop-off exhibited by the l/D  0.5 cases may also 
have featured in the longer splitter-plate cylinder responses. However, reduced-
velocities beyond the range tested during the experiments may have been required 
for this to occur. In terms of the frequency response, for all splitter-plate lengths the 
oscillation frequency during the galloping-type response range was very close to the 




4.5.3 Vibration response with free-to-rotate attached rigid splitter-plate 
In addition to inline-to-flow splitter-plates (both attached to the cylinder or located 
somewhere within the cylinder near wake), which have formed the basis of the 
preceding discussions, the effects of splitter-plates attached to a circular cylinder 
with the freedom to rotate about the cylinder axis on the vibration response of the 
cylinder have also been investigated. 
Assi et al. (2009) studied the effect of various types of splitter-plate 
arrangements with the freedom to rotate about the cylinder axis on the vibration 
response of an elastically mounted circular cylinder, up to a maximum Reynolds 
number of Re = 3x104. In addition to the influence of the splitter-plate geometry the 
level of torsional resistance to splitter-plate rotation was found to be a controlling 
parameter in regard to the vibration response of the cylinder. The principal 
outcomes of the experiments were: 
- Suppression of vortex-induced vibration was found only to occur within a 
limited range of splitter-plate lengths, between l/D = 0.5 and l/D = 1.5. And 
only within a finite range of torsional resistance to splitter-plate rotation. 
- In the single degree-of-freedom experiments with free-to-rotate splitter-plate 
devices transverse VIV was suppressed–for all devices–at reasonably low 
setting of the torsional resistance at the splitter-plate pivot. At sufficiently 
high level of torsional resistance, galloping response characterised by large 
amplitudes, increasing with increased Ur were observed. 
Extending their experiments to two degrees-of-freedom, the torsional resistance 
to splitter-plate rotation was at first reduced below the level present in the single 
degree-of-freedom tests. A primary observation for the cylinder with the additional 
degree-of-freedom is: 
- Transverse and inline vibration amplitudes of the order of magnitude of the 
bare cylinder tests (conducted as a base case for comparison) occurred, but 
were subsequently highly suppressed when the torsional resistance was 
increased slightly. Note: no mention was made of any testing or results of 





Although not tested, considering the results of the single degree-of-freedom case 
perhaps a galloping type response could have been expected in the 2-degree-of-
freedom tests following increase in the torsional resistance, to a level short of 
‘locking off’ rotation of the splitter-plate altogether. Test were conducted, however, 
for the 2-degree-of-freedom cylinder using a non-rotating rigid single splitter-plate, 
and a galloping-type response was observed to occur. 
4.6 Analytic model of the energy extraction efficiency of galloping 
In this section a mathematical model is derived for the purpose of estimating the 
operating point at which peak energy extraction efficiency occurs relative to the 
operating point coinciding with the onset of galloping-type vibrations. The model 
incorporates the mass-properties of the system together with the structural stiffness 
kθ of the cylinder about the pivot location. Of the three different cross-sections 
considered in this thesis, the model applies specifically to the cylinder with single 
splitter-plate attached on the downstream side. 
The model is based upon the assumption that the angular excursions exhibited by 
the galloping-type oscillations of the pivoted, rigid, circular cylinder with splitter-
plate are perfectly sinusoidal in nature. The use of this assumption was validated by 
the experiments of the present work, where the oscillations of the galloping-type 
vibrations exhibited by the cylinders with 1-sided splitter-plate were found to be 
closely sinusoidal in nature. 
4.6.1 Derivation of analytic model 
To simplify the analysis, the considered form of the extracted power is the time-
averaged value, not the RMS value as in Eq.9-1. Furthermore, the form of 
efficiency considered in the analysis is that based on the flow energy incident on the 
frontal-area of the cylinder i.e. εfr. 












where ?̅? is the time-averaged rate of energy extracted by the system due to the 
applied damping (i.e. PTO), 
 f is the fluid density (kg/m3), 
 D is the cylinder diameter (m), 
 L is the splitter-plate length measured parallel to the cylinder axis (m), and 
 U is the free-stream velocity of the cross-flow (m/s). 
Employing the sinusoidal assumption, the cylinder angle during the galloping-
type oscillations can be written 
= 𝑝 sin(2𝜋𝑓𝑛𝑤𝑡)   (rad),  (4-4) 
where θp is the peak angular excursion to either side from centre (rad), 
 fnw is the natural frequency of the pivoted cylinder in still water (Hz), and 
 t is time (s). 
Accordingly, the cylinder angular velocity is 
̇ = 2𝜋𝑓𝑛𝑤 𝑝 cos(2𝜋𝑓𝑛𝑤𝑡)   (rad/s).  (4-5) 
The natural frequency fnw for the pivoted, rigid, circular cylinder is defined as 






    (Hz),  (4-6) 
where I is the rotational inertia of the cylinder about the pivot location (kg.m2), and 
 Ia is the added inertia (kg.m
2), where Ia = Ca Id and Id is the rotational inertia 
of the water volume displaced by the main cylinder (kg.m2). 







𝑡)    (rad/s).  (4-7) 
The angular damping coefficient cθ (i.e. the power-take-off characteristic) is 
assumed linearly proportional to the angular velocity of the cylinder and is 





 ∫ ̇ 2 𝑑𝑡
𝑇
0
   (W),  (4-8) 




















   (W).  (4-9) 
For the pivoted cylinder system, the damping ratio ζ and the angular damping 
coefficient cθ are related by 
𝑐𝜃 = 2√𝑘𝜃(𝐼 + 𝐼𝑎)     (N.m.s/rad).  (4-10) 






     (W).  (4-11) 







3      (W).  (4-12) 
To obtain an expression defining the relationship at peak efficiency between the 
cylinder angular excursion and the reduced-velocity, Eq.4-12 can be differentiated 
with respect to cylinder excursion angle θ. To do so, however, Ur must first be 
defined as a function of θ. Using the assumption that the growth in the magnitude of 
the vibration response is linear with increase in reduced-velocity, Ur is then 
expressed as 






,  (4-13) 
where Ur-crit is the critical value of reduced-velocity at which initiation of galloping-




)is the gradient of the vibration response line, valid in the region Ur 
> Ur-crit, and 
𝑐𝑦𝑙 is the cylinder half-angle (see 5.3.2 Angular excursion of cylinder). 
Substituting Eq.4-13 into Eq.4-12, differentiating the result with respect to θ to 
obtain dε/dθ, then setting dε/dθ = 0 and simplifying, the expression is obtained for 












,  (4-14) 









 = 3𝑈𝑟−𝑐𝑟𝑖𝑡.  (4-15) 
Thus, the analysis provides the result that the reduced-velocity at the operating 
point of peak efficiency is three times greater than that coinciding with the onset of 
the galloping response, noting that Ur in this context is the reduced-velocity at 
which peak efficiency is predicted to occur. It will be seen in section 6.2.1 and in 
Chapter 9 that the experiment results satisfactorily agree with the prediction of Ur = 
3Ur-crit at the operating point of peak efficiency εfr. Note also that in the analysis of 
the experiment data the peak efficiency based on ?̅? or PRMS was found to occur at 
the same operating point. Therefore, the predictions of Eq.4-14 and Eq.4-15 are 
equally valid in either case. 
Additionally, it will be seen in the experiment results that the dimensionless 





∗ ~ 3/4 for the cylinder with 1-sided splitter-plate (see 9.3 Cylinders 
with 1-sided and 2-sided splitter-plates). Hence, for the operating point of peak εfr-s 







∗ .  (4-16) 
Overall, the analysis points to a link between the reduced-velocity, the 
magnitude of the angular vibrations and the lift properties of the pivoted cylinder. 
Altering the cylinder lift properties i.e. altering Δ (
𝜃/𝜃𝑐𝑦𝑙
𝑈𝑟
) will affect the scale of the 
angular vibration magnitude relative to the reduced-velocity value at peak 









).  (4-17) 
4.6.2 Implications of the analytic model 
The preceding analysis has considered a pivoted system undergoing galloping-type 




sinusoidal pattern of angular oscillations, constant damping coefficient and linear 
growth–once critical reduced-velocity is reached–in the magnitude of the angular 
vibrations with increase in the reduced-velocity. The results of the analysis are 
limited to identifying the relative magnitudes of reduced-velocity and θ/θcyl and not 
the actual values of these parameters when peak efficiency occurs. However, the 
analysis still provides useful information regarding the operating point at peak 
efficiency and the structural parameters that influence the efficiency. 
It is noteworthy that the efficiency ε is linearly proportional to the sum of the 
angular inertia I and the added angular inertia Ia (see Eq.4-12). Therefore, from a 
design perspective large values for these two parameters may be favourable for 
achieving better energy extraction performance provided the system can be 
designed such that the value of Ur at which peak efficiency occurs is not raised as a 
consequence. Of course, unlike the cylinder inertia the added inertia cannot itself be 
set, however, as will be seen in later chapters reporting on the outcomes of the 
laboratory experiments the value of the added inertia coefficient is–within certain 
bounds–dependent on the splitter-plate length and the system stiffness, thereby 
allowing for a degree of control of the added inertia. 
The lift properties of the cylinder are also an important factor. According to 
Eq.4-12, at peak efficiency conditions the efficiency is proportional to the square of 
the magnitude of the angular oscillations and inversely proportional to the reduced-
velocity cubed i.e. ∝ 𝑝
2/𝑈𝑟
3. When considered together with Eq.4-17 it is 
apparent that greater efficiencies are likely to be achieved through the use of 
cylinder cross-sectional geometry that results in enhanced cylinder lift properties. 
This would be expected provided enhancement of the cylinder lift performance does 
not push out Ur to a larger value at the maximum efficiency operating point; 
although a shift to smaller Ur values would be highly advantageous in terms of 
efficiency. 
Lastly, the efficiency is proportional to the sum of the cylinder angular inertia I 
and added angular inertia Ia, inversely proportional to the cylinder diameter raised 
to the power of 4 and closely proportional to the cylinder diameter squared due to 
θpeak being approximately proportional to D at any given Ur) i.e. ε ∝ D2(I + Ia)/D4 = 
(I + Ia)/D




may be easily controlled through use, for example, of strategically placed mass 
inside the cylinder and therefore is largely independent of the cylinder diameter. 
Unlike the inertia I, however, the added inertia is directly proportional to the 
cylinder diameter squared i.e. Ia  D2, in addition to the aforementioned influence 
of the splitter-plate length and the system stiffness. 
In summary, at the peak efficiency of energy extraction condition the following 
predictions are obtained from the analytic model: 
- Ur = 3Ur-crit, noting that Ur within the bounds of this analysis is the reduced-
velocity at which peak efficiency is predicted to occur,  
- The relative scale of Ur and θ/θcyl is dependent on the lift properties of the 
cylinder i.e. dependent on Δ (
𝜃/𝜃𝑐𝑦𝑙
𝑈𝑟
). Furthermore, greater efficiency is 
achieved through enhanced lift properties provided Ur is not shifted to larger 














PART II EXPERIMENT INVESTIGATIONS OF THE PIVOTED 
CIRCULAR CYLINDER SYSTEM 
Part I has provided an overview of the fundamentals of cross-flow past a circular 
cylinder and the flow-induced vibration response that may occur when the cylinder 
is effectively elastically mounted and afforded freedom to move transversely to the 
incident flow direction. Both the configuration of the bare cylinder and the cylinder 
with wake splitter-plate were considered. The overview provides an important basis 
for the interpretation and understanding of the experiment results generated from 
the experiment program undertaken as part of the present work. The fundamental 
goal of the experiment work was to gain insight in regard to the response behaviour 
of pivoted circular cylinders and to establish whether or not the dynamic response 
characteristics of the pivoted circular cylinder system–with or without attached 
splitter-plate–may be practical for application as a renewable energy technology. 
Part II reports on the experiment work conducted. 
In Chapter 5 the experiment methodology is outlined. Details of the laboratory 
apparatus, the test cylinders and instrumentation are provided. The definitions and 
analytic expressions used to describe and quantify the pivoted cylinder system are 
addressed and the data collection method and the metrics used in the data analysis 
and presentation of results are covered. The multiple linear regression technique 
employed in the course of the data analysis is discussed and the sources, estimation 
and quantification of error is addressed. 
Chapter 6 is the first of the chapters reporting on the laboratory tests and deals 
with the flow-induced vibration response of the pivoted circular cylinder with 
attached splitter-plates, configured with either a single plate on the downstream side 
of the cylinder or with an additional splitter-plate on the upstream side. The focus is 
on the effect of the splitter-plate length on the magnitude of the angular vibrations 
and the frequency of the cylinder excitation. Similarly, Chapter 7 also investigates 
the pivoted cylinder with single wake splitter-plate, however, in this instance for the 
case of non-perpendicular alignment of the cylinder swing-plane to the direction of 




The vortex-induced vibration response of the pivoted bare cylinder is the focus 
of the experiments work reported in Chapter 8. The characteristics of the vibration 
response, including the magnitude of the cylinder angular oscillations, the excitation 
frequency and the oscillation wavelength, are discussed. In addition, the identified 
influence the Reynolds number has on the response within the range of Reynolds 
numbers tested is also presented. The effect of various levels of applied damping on 
the response is explored as is the apparent link between the ratios of the cylinder 
natural frequencies in air and water and specific points in the overall response. In 
Chapter 9, the last of Part II, the experiment outcomes for the efficiency of energy 
extraction from cross-flows of the pivoted cylinder with and without attached 
splitter-plates are presented. For both the bare cylinder configuration and those with 
splitter-plates, the experiment values for efficiency are compared to those predicted 
by the parameterised efficiency equation. The added inertia coefficient and the 
reduced-velocity at the operating point of peak efficiency are also considered for the 






Chapter 5 Experiment methodology 
5.1 Experiment apparatus 
5.1.1 Towing carriage 
The experiments were conducted in a wave-tank facility with the water in a static 
(non-flow) state. The wave-tank is characterised by an air/fluid interface with water 
as the working fluid and dimensions of length Ltank = 25m, width w = 1m and 
overall height H ~ 1m (the coordinate conventions corresponding to the tank length, 
width and height, respectively, are assumed the x-, z- and y-directions). Water depth 
h was maintained at h = 0.95m throughout all the experiments. 
During the experiments the water in the tank was still and cross-flow velocity 
relative to the circular cylinder was achieved using a towing carriage powered by an 
electric motor running the full length of the tank. Thus, owing to the experiment 
arrangement, and the allowance of sufficient intervals between successive tests, the 
turbulence levels of the fluid ‘upstream’ of the cylinder during the experiments was 
considered negligible. To constrain the cylinder motion to the plane normal to the 
relative flow direction the cylinder was coupled to a shaft with the shaft axis aligned 
to the towing direction and running on a low-friction pillow block bearing pair 
mounted on the towing carriage. Thus, the test cylinder was pivoted about its upper 
end with the pivot point located approximately 0.20m above the free-surface of the 
water. The carriage itself runs on rails secured to the upper members of the wave-
tank frame and with the setup at the time of the experiments had a towing speed 
adjustable across the range 0m/s < V < 1.4m/s, with estimated speed control 
accuracy of ±0.05m/s. Fig.5-1 depicts the key features of the experiment with the 
notation: splitter-plate length l, cylinder diameter D, laser displacement sensor LS, 
springs SP and offset from cylinder pivot to the springs rs. 
In all experiments the cylinder was initially at rest (i.e. towing carriage parked at 
starting end of the water tank). Then, to initiate the test the relative cross-flow 
velocity was increased until the target velocity of the experiment was attained. In no 
cases was the target cross-flow velocity achieved by reducing velocity from an 







Figure 5-1: Schematic of experiment apparatus. 
Fig.5-2 portrays the general experiment arrangement noting cb and cm to be the 
centre-of-buoyancy and centre-of-mass, respectively, each shown at arbitrary 










Figure 5-2: Experiment arrangement of the pivoted circular cylinder. 
5.1.2 Cylinders and splitter-plates 
PVC cylinders with 1-sided splitter-plate (section 6.1 and Chapter 7) and 
PVC cylinders with 2-sided splitter-plate (sections 6.2 and 9.3) 
The circular cylinder consisted of a smooth hollow PVC tube of outer diameter D = 
0.044m and overall length L = 0.82m as the main part of the test specimen. Thus, 
the aspect ratio of the PVC tube section was L/D = 18.6. A hollow aluminium tube 
of outer diameter 0.025m was inserted 0.10m into the upper end of the PVC tube 
SP 
















and the two tubes fitted together by means of solid watertight rubber grommets. The 
axial location of the tubes together with the rubber grommets was set by use of 
countersunk screws secured such that their heads aligned flush to the outer surface 
of the PVC tube. The aluminium tube was used in order to provide a stable, rigid 
joint at the interface of the test cylinder and the carriage mounted pivot shaft. With 
the cylinder in the vertical position (i.e. aligned with xy-plane) the gaps between the 
upper- and lower-ends of the PVC cylinder and the free-surface and wave-tank 
bottom, respectively, were 2D and 1D. No end-plates were fitted to either the upper 
or lower ends of the cylinder. 
For the cylinders with splitter-plates the plate material was 0.0018m thick 
aluminium sheet and the plates were attached to the wake (1-sided) and upstream 
and wake (2-sided) side/s of the cylinder. A number of different splitter-plate 
lengths l were employed over the various tests, where l is the splitter-plate 
dimension perpendicular to the cylinder axis. Attachment of the splitter-plates to the 
tubes was achieved by cutting along the splitter-plate edge making contact with the 
tube around 16 equally spaced slots of approximately 15mm length, each slot cut in 
the direction parallel to the l dimension. The tabs created by the cut slots were 
alternately bent in opposite directions, curved slightly to form a neat fit to the outer 
surface of the cylinder and then glued and riveted to the tube while ensuring the 
splitter-plate was well aligned with the cylinder axis. It was intended that the 
splitter-plates would form a rigid extension of the circular cylinder. Hence, the 
lateral rigidity of the splitter-plates when attached to the cylinders using the method 
described above was checked and a high degree of stiffness confirmed for all 
splitter-plate lengths. No appreciable lateral flexure of the splitter-plates was 





Table 5-1: Properties and configurations of the PVC bare cylinder and PVC 
cylinders with 1-sided splitter-plates. 
Splitter-plate length l/D M* I* Angular stiffness kθ [N.m/degree] 
0 (i.e. bare cylinder) 1.42 0.75 
0.18 < kθ < 1.00 
0.5 1.78 0.89 
1.0 1.50 0.65 
1.5 1.56 0.61 
2.0 1.63 0.56 
2.5 1.71 0.50 
3.0 1.88 0.47 
 
 








Figure 5-3: Geometry of the three different cylinder cross-sections: (a) Bare 
cylinder, (b) Cylinder with single wake splitter-plate i.e. 1-sided, and (c) Cylinder 










Table 5-2: Properties and configurations of the PVC cylinders with 2-sided splitter-
plates. 
































43 330 670 2.99 44 0.38 
2 180 220 
6.80 4 180 133 
8.92 6 170 29 
9.93 6 180 50 
0.90 5.02 
3.41 




5.91 4 102 
8.42 6 129 



















Carbon fibre bare cylinders (Chapter 8 and section 9.4) and 
Carbon fibre cylinders with 1-sided splitter-plate (sections 6.2 and 9.3) 
The main body of the test cylinders was coupled to the towing carriage by means of 
a smaller diameter inner tube secured to the pivot shaft mounting block with the 
inner tube inserted and coupled to the main cylinder body using the method as 




the main body of these cylinders was hollow carbon fibre tube. Likewise, carbon-
fibre was also used as the splitter-plate material for the 1-sided splitter-plate cases. 
Table 5-3: Properties and configurations of the carbon fibre bare cylinders. 











































0.21 0.86 5.50 44 410 1235 3.89 56 0.79 6 276 
56 
78 
0.49 1.17 6.47 34 410 1235 2.72 111 0.81 6 227 
46 
76 





Table 5-4: Properties and configurations of the carbon fibre cylinders with 1-sided 
splitter-plates. 





















44 411 1238 3.10 81 0.59 6 
222 95 
4.22 240 84 







44 411 1238 2.61 60 0.57 



















44 401 1228 2.04 160 0.57 4 
170 141 
1.83 180 121 
2.00 190 110 
















5.2 Pivoted cylinder parameter definitions 
This section presents equations relevant to the pivoted cylinder structure. Where 
necessary–due to the nature of the equation–the equations are configured to be in 
accordance with the cylinder being oriented in a hanging pendulum configuration 
i.e. with the pivot above the cylinder. It was this cylinder orientation that was used 




5.2.1 Torque-ratio T* 
The torque ratio T* is a measure of the degree to which the system self-centres when 
deflected from the vertical. It has evolved as part of the present work and is an 
extension of the moment ratio M* parameter. The moment ratio is frequently used 
for quantifying the relative effects of the moments associated with mass and 
buoyancy acting about the pivot location of a pivoted cylinder.  
For the ‘pendulum’ orientation (i.e. cylinder body below the pivot location) of 
the cylinders in the laboratory experiments the moment ratio can be written in the 









,  (5-1) 
where  𝑚𝑇 is the total mass of the entire cylinder structure (including all parts 
making up the whole) (m), 
𝑟𝑇 is the distance from the cylinder pivot to the centre of mass of the entire 
cylinder structure (including all parts making up the whole) (m), 
g is gravitational acceleration (m/s2), 
ρw is the density of the fluid (i.e. water) (kg/m
3), 
D is the cylinder diameter (m), 
Lend is the distance from the cylinder pivot to the far-end of the cylinder (m), 
and 
Lsh is the distance from the cylinder pivot to the shoulder (i.e. near-end) of 
the cylinder (m). 
The formulation of the T* parameter was motivated by a need to quantify the 
effects of the externally applied springs on the overall stiffness of the pivoted 
cylinder system. In all the experiments, external springs were used and configured 
to provide a lesser or greater degree of additional stiffness as desired. Consequently, 
in addition to the two moments due to the cylinder mass and the buoyancy, a third 
moment due to the applied stiffness was introduced to the system. Owing to the 
pendulum orientation of the cylinders, the moment due to the springs acted in the 
same rotational direction as that due to the mass. In the T* equation the denominator 
represents the moment due to buoyancy acting about the cylinder pivot, as in M*, 




the cylinder and the springs used to increase the system stiffness. It is necessary that 










 ,   (5-2) 
where  n is the number of springs, 
k is the linear stiffness of each spring (N/m), and 
rs is the offset from the cylinder pivot to the set of springs which are 
oriented perpendicular to the cylinder axis (m). 
Note that if the cylinder is oriented as an inverted-pendulum the location of the 
moments due to the mass and the buoyancy are simply switched in Eq.5-2. In the 
absence of externally applied stiffness T* ≡ M*, irrespective of the cylinder 
orientation. 
5.2.2 Reduced frequency f˜ and radius-of-gyration rgy 
The oscillation frequency f of the cylinder is nondimensionalised based on the 










 ,  (5-3) 
where  f is the oscillation frequency of the cylinder (Hz), and 
fd is the theoretical oscillation frequency of the water volume displaced by 
the cylinder if somehow held together and with the same offset from the 
pivot location and then allowed to swing in a vacuum (Hz), 
g is gravitational acceleration (m/s2), and 
rgy is radius-of-gyration of the water volume displaced by the cylinder (m). 





    (m).   (5-4) 
where  I is the rotational inertia of the body (kg.m2), and 




For a fluid volume displaced by a cylinder of constant diameter along its axis the 









    (m).   (5-5) 
where  Lend is the distance measured along the cylinder axis from the cylinder pivot 
to the farthest end of the main cylinder body(m), and 
Lsh is the distance measured along the cylinder axis from the cylinder pivot 
to the closest end of the main cylinder body (m). 
5.2.3 Inertia ratio I* 
The mass ratio m* is a widely used parameter for quantifying the mass properties of 
cylinders in the field of vortex-induced vibration. However, it is not considered in 
the present work to be either an appropriate or sufficient parameter with which to 
relate the mass properties of pivoted cylinder systems; it does not capture the 
distribution of the cylinder mass relative to the cylinder pivot location. The 
appropriate alternative for the pivoted cylinder is the inertia ratio I* and throughout 
the present work it is the inertia ratio that is used for describing the mass properties 
of the cylinders, for the interpretation and discussion of the experiment results, 
including data analysis, and frequently features in the discussion of the latter 
chapters where the emphasis is on the optimisation of the pivoted cylinder system 
for enhanced energy extraction efficiency from cross-flows. An analytic description 
of the inertia ratio is now provided. 
Firstly, consider the inertia of the fluid displaced by the circular cylinder about 
the cylinder pivot point. Under the condition that the cylinder is completely 
submerged the rotational inertia of the fluid volume displaced by the cylinder is 









     
















Figure 5-4: System of pivoted cylinder with 1 degree-of-freedom. Uniformly 
distributed cylinder mass. 
In the case of a cylinder with mass uniformly distributed along the length the 
expression for the cylinder inertia about the pivot point is identical in form to that 
for the displaced fluid, differing only by the density term association i.e. ρf and ρeff, 
respectively, for the fluid and the cylinder. Accordingly, the cylinder inertia for 





,  (5-7) 
where ρeff is the effective density of the cylinder, taking into account the air volume 
within a hollow cylinder. 
Of course, for a solid cylinder ρeff = ρcyl-material. 
Therefore, for the special case of uniformly distributed cylinder mass the inertia 










 = 𝑚∗.  (5-8) 
However, this relationship does not hold for the more general case when there is 
variation in the distribution of mass along the cylinder length. Fig.5-5 shows the 1-
degree-of-freedom pivoted cylinder system with the inclusion of a point mass mp 



















Figure 5-5: System of pivoted cylinder with 1-degree-of-freedom. Non-uniformly 
distributed cylinder mass (inclusion of a point mass mp). 
Taking account of the included point mass, the moment of inertia of the cylinder 
is then 





2.  (5-9) 
Combining Eq.5-6 and Eq.5-9, the inertia ratio is defined for an otherwise 









].  (5-10) 









.  (5-11) 
Thus, excepting the special case when d = (L2/3)1/2, the inertia ratio and the mass 
ratio for a uniform cross-section cylinder with a point mass, and more generally, a 
uniform cross-section cylinder with non-uniformly distributed mass along the 
cylinder axis, are unequal. 




















].  (5-12) 
5.2.4 Angular stiffness kθ 
The generalised form of the angular stiffness kθ about the cylinder pivot is 






2)   (N.m/rad).  (5-13) 
Note that Eq.5-13 is a linearised equation valid for conditions of θ ~ sin . 
5.2.5 Natural frequency of cylinder oscillation 
The damped natural frequency of the pivoted cylinder (for both the VIV and 
galloping cases) is a function of the angular stiffness kθ, the rotational inertia of the 
structure I and the added inertia Ia. Note that the added rotational inertia Ia = Id  Ca, 
where Id is the rotational inertia of the fluid volume displaced by the cylinder and 
Ca is the added inertia coefficient.  
The analytic expression for the damped natural frequency of the pivoted cylinder 
system is given by 






    (Hz).   (5-14) 
where ζ is the damping ratio. 
5.2.6 Added inertia coefficient Ca 
An analytic expression for the added inertia at a given operating point characterised 
by cylinder oscillation frequency f is obtained by rearranging Eq.5-3 in terms of f 
and equating it to the expression for the cylinder natural frequency, resulting in 













































where  Id is the rotational inertia of the water volume displaced by the main cylinder 







I is the rotational inertia about the pivot of the entire cylinder structure 
(including all parts making up the whole) (kg.m2). 


















2)) − 𝐼].  (5-16) 
For all the experiments the cylinder oscillation frequency f that occurred at the 
operating point of peak efficiency was used to calculate the corresponding value of 
the added inertia coefficient, with either Eq.5-15 or Eq.5-16.  
5.2.7 Applied damping cθ and the damping ratio ζ 
In order to determine the damping ratio ζ the Ca value obtained using Eq.5-15 or 
Eq.5-16 is used together with the selected level of applied damping specified 




 .   (5-17) 
where  cθ is the applied level of damping torque (N.m.s/rad). In the laboratory 
apparatus of the present work energy is extracted from the system via the 
applied damping i.e. it is the means of power-take-off (PTO). 
For a target value of the damping ratio the necessary applied damping torque is 
𝑐𝜃 = 2 √𝑘𝜃(𝐼𝑐𝑦𝑙 + 𝐶𝑎𝐼𝑑)    (N.m.s/rad).  (5-18) 
5.3 Presentation and calculation of results 
5.3.1 Alternate form of reduced-velocity 
When the standard form of the reduced-velocity Ur is divided by the ratio of the 

















Structured in this way, Eq.5-19 is a measure of the cylinder oscillation 
wavelength λ in numbers of diameter units i.e. the ratio λ/D. This form is 
particularly useful for collapsing data of like systems (e.g. VIV at different inertia 
ratio, VIV at different stiffness, and so on) due to equivalent points in a vibration 
response occurring at equal dimensionless wavelength U*. For this reason, it is the 
preferred form of the reduced-velocity used throughout the present work. However, 
where it was considered useful or appropriate to do so the standard form of the 
reduced-velocity was employed Ur = U/(fnD). 
5.3.2 Angular excursion of cylinder 
The angular excursion of the pivoted cylinder is defined herein in terms of a 
normalised angular excursion θ* = θ/θcyl, where θ is the angular orientation of the 
cylinder axis from vertical and the cylinder angle θcyl is the angle between the 
cylinder axis and a line taken from the pivot location P to a point on the 
circumference at the end of the cylinder farthest from the pivot (see Fig.5-5). The 
cylinder angle θcyl was employed herein as the base unit for normalising the angular 









Figure 5-6: Definition for the normalised angular excursion of the pivoted cylinder. 
In each experiment run the average peak angular excursion θ of the pivoted 
cylinder was taken to be half the difference between the averages of the peaks on 
either side of the vibration response data. The centre of the cylinder oscillations θc 
was taken to be midway between the average of the peaks on either side. The 
statistical mean of all the angle data per test run is denoted θmean. In the case of the 









response parameters θ and θc on a plot of cylinder angular motion typical of the 
cylinder vibration responses observed during the experiments. In the figure the 
period t = 0s to t ~ 4s corresponds to data recording having started prior to initiation 
of towing carriage travel, the period t ~ 4s to t ~7s shows the transition of the 
cylinder motion from stationary to steady-state oscillations once the carriage was 
set in motion and from t ~ 7s on are seen the steady-state oscillations which follow. 
All data analysis was concerned only with the period of steady-state response. 
 
Figure 5-7: Typical angular response of cylinders with splitter-plate showing 
cylinder response parameters θ and θc. 
5.3.3 Squared peak-to-mean difference ξ 
The uniformity of the cylinder vibration response has been quantified using a 
parameter formulated as part of the present work. It is based on the squared value of 











𝑖=1             (5-20) 










𝑖=1             (5-21) 
for the negative angle peaks, noting 𝑛+ and 𝑛− are the total counts of positive and 
negative peaks, respectively (notation of the peaks is shown on Fig.5-6). Both 𝜉+ 
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division by 𝑛+ or 𝑛− in each case. Values of 𝜉+ = 1 and 𝜉− = 1 accord to 
reasonably uniform oscillations i.e. the magnitude of the peaks fall within a narrow 
band on the corresponding side of the cylinder vibrations. Similarly, values of 𝜉+ ≪
1 and 𝜉− ≪ 1 represent highly uniform oscillations. When the cylinders of the 
experiments were constrained such that their swing-plane was perpendicular to the 
crossflow (majority of experiments) the oscillations were observed to be symmetric 
about θ = zero resulting in 𝜉+ = 𝜉− to a very close approximation. Hence, the 




.  (5-22) 
5.3.4 Histograms of cylinder angle 
Further details regarding the distribution of the cylinder angle data about the centre 
of oscillations 𝑐 is presented in the form of histograms. The data set–normalised by 
θ–presented in the histogram of each test case (i.e. a particular splitter-plate length 
at a given reduced-velocity Ur) is 
𝐻𝑖𝑠𝑡 𝑑𝑎𝑡𝑎𝑗−𝑁 = ∑ (
𝜃𝑗−𝜃𝑐
𝜃
)𝑁𝑗=1 .  (5-23) 
where N is the total number of recorded cylinder angle data points. That is, the 
histogram takes account of the cylinder angle at all data points of a particular test 
case (as is the case for 𝛾), not just the cylinder angle at the peaks. 
There was variation in the total number of cylinder angle data points recorded 
during each of the different test cases. For that reason, the histograms were 
standardised such that the total sum of the occurrences across all the bins in a 





Figure 5-8: Example histogram of cylinder angle data. 
5.3.5 Skewness 
The distribution of the cylinder angle data was quantified using a skewness 𝛾, 
definition, such that 












 ,  (5-24) 
where 𝜎𝜃 is the standard deviation of the cylinder angle data and 𝜇2 and 𝜇3 are the 
2nd and 3rd central moments of the cylinder angle data.  
In addition, using Eq.5-24 the skewness of the cylinder angle histograms data 
(i.e. the data formulated by Eq.5-23) was calculated and ascribed the notation 𝛾𝐻. In 
this case 𝜎𝐻 is the standard deviation of the histogram data and 𝜇2𝐻  and 𝜇3𝐻  are the 
2nd and 3rd central moments of the histogram data. 
Perfect symmetry about θc in a cylinder vibration response would accord with 
both 𝛾 and 𝛾𝐻 equal to zero.  
5.3.6 Angular velocity of cylinder 
Throughout the undertaken experiments, it is the angular position of the cylinder 
that was recorded directly by means of laser displacement sensor measurements. A 
sampling rate of 100Hz was used. To estimate the angular velocity of the cylinder at 
each time-step (Δt = 0.01s) the finite difference equation (Eq.5-25) was employed 















Δ 𝑖 Δ𝑡⁄ , over i = 1, 2, …, n-3, n-2, where n is the total number of data points 





    (rad/s).  (5-25) 
5.4 Data collection method 
The cylinder vibration response data was measured and recorded using laser 
displacement sensors coupled to a laptop computer mounted to the towing carriage 
and running data recording software. The laser sensors were low power <1mW at 
wavelength 670nm(red) with a working range between 50mm to 200mm from the 
sensor face. The manufacturer claimed measuring rate and resolution are 750Hz and 
0.10mm, respectively. Tests consisting of randomised motion across the middle 
50mm of the working range of the sensors found the RMS difference between the 
measurements of the two sensors employed to be less than 0.20mm. All experiment 
data was recorded at 100Hz. 
During the experiments the two sensors were used simultaneously to provide a 
means of fault checking the sensors, whereby notably dissimilar sensor data would 
indicate a fault. The laser sensors were fixed in place on the towing carriage with 
their beams parallel to both the z-axis and the yz-plane (see Fig.5-1, items ‘LS’ 
denote the laser sensors). The sensors measured the ‘apparent’ linear motion of the 
cylinder along the path of the laser sensor beams and not, therefore, the angular 
excursion directly, as desired for results presentation. Hence, taking account of the 
geometry of the system post-processing of the data obtained was performed 
converting the ‘apparent’ linear motion to angular motion of the cylinder about the 
cylinder pivot. In each experiment run the magnitude of the angular excursion θ of 
was determined through averaging the peaks of the vibration response data and 
vibration frequency f was obtained through FFT of the laser sensor data. In the 
presented results both the θ and f data are the averages of θ and f obtained with the 





5.5 Multiple linear regression 
In later sections, multiple linear regression is employed to formulate expressions for 
single dependent variables as a function of multiple variables. For example, the 
average peak cylinder angle θ = f(I*, T*, θcyl, kθ
*, rgy/D, ζ).  
The form of the multiple linear regression used is as described in Coleman and 
Steele (2009). In summary, for the present work the application of the procedure 
was as follows: 
i. For a given dependent variable (parameter) the independent variables 
(parameters) are identified e.g. θ = f(I*, T*, θcyl, kθ
*, rgy/D, ζ). 







𝑎5 𝑎6, where c is a constant and the a’s are the 
indices of the independent variables. 
iii. The power equation is recast in log form e.g. log = 𝑎1log 𝐼
∗ + 𝑎2 log 𝑇
∗ +
𝑎3 log 𝑐𝑦𝑙 + 𝑎4 log 𝑘𝜃
∗ + 𝑎5 log(𝑟𝑔𝑦/𝐷) + 𝑎6log + log 𝑐. The same equation 
expressed in simplified notation is 𝑅 = 𝑎1 𝑈 + 𝑎2𝑉 + 𝑎3 𝑊 + 𝑎4𝑋 + 𝑎5𝑌 +
𝑎6𝑍 + 𝑎7. 
iv. Linear algebra is then used to solve for the set of a’s that minimise the 
residual η of the expression = ∑ (𝑅𝑖 − 𝑎1 𝑈𝑖 − 𝑎2𝑉𝑖 − 𝑎3 𝑊𝑖 − 𝑎4𝑋𝑖 −
𝑁
𝑖=1
𝑎5𝑌𝑖 − 𝑎6𝑍𝑖 − 𝑎7)
2, where N is the number of experiments of the data set. 
v. The equations in ii., iii. and iv. are altered in the obvious fashion when the 
number of independent variables was more or less than 6. The methodology 
remains unchanged. 
vi. The predictions of the obtained regression equation are compared to the 
experiment data. 
5.6 Sources, estimation and quantification of errors 
There is unavoidable uncertainty in the accuracy of all experimental work due to the 
measurement errors associated with any laboratory testing regime. Overall, the 
errors are the combined effect of two general forms of error: 1. Systematic errors, 
and 2. Random errors. These error forms are addressed below together with the 




In recognising the presence of uncertainty in measurement, established and 
accepted statistical analysis methods were employed to assess the degree of 
certainty inherent in the results obtained through the testing undertaken. The book 
by Coleman and Steele (2009) was an invaluable resource for the uncertainty 
analysis undertaken herein. 
In estimating the uncertainty associated with the experiments the following 
approach was applied: 
- Assumption of normal distribution for all systematic errors, 
- Large sample assumption employed for the systematic, random and overall 
errors, 
- All error estimates based on 95% level of confidence, and 
- Where appropriate correlation in the errors is accounted for and included in 
the estimation procedure/s. 
Overall, the estimate for a 95% confidence interval of a dependent variable 
involved three main steps: 
1. Taylor series method (TSM) to estimate the systematic standard uncertainty 
br
2, 
2. Statistical analysis of the experiment data for the dependent variable to 
determine the random standard uncertainty sr
2, and 
3. Combination of the systematic and random standard uncertainties and 
application of the large sample assumption to determine the overall 
uncertainly 𝒰r = 2√𝑏𝑟
2 + 𝑠𝑟2. 
An example of the TSM–in this case applied to determining the systematic error 
associated with the parameter I* (inertia ratio)–can be seen in 5.6.3 Taylor series 





5.6.1 Systematic errors 
Errors that remain unchanged over the course of a set (or some subset) of 
experiments fall within the category of systematic errors. This type of error can be 
present as a ‘bias’ in a given measurement instrument or an error made in setting up 
a test system (e.g. an incorrectly set spring tension resulting in a mismatch between 
the value used in data post-processing and the actual value of the test/s) and so on. 
The identified sources of systematic error for the experiments are listed in Table 
5-5 together with estimates of their respective standard uncertainties bi
2. The 
method of measurement associated with each of the error sources is also stated. In 
the table, d denotes the smallest increment of the instrument display/scale. 
In addition to systematic errors–of lesser or greater degree–any set of experiment 
measurements is also unavoidably affected by random errors. 
5.6.2 Random errors 
Random errors are not necessarily ‘random’. For a set of experiment data this 
component of the overall error in measurement regularly exhibits a Gaussian 
distribution. Throughout this work such a distribution for this type of error was 
assumed, justification of which can be found in the literature on statistical 
approaches to analysis of experimental data (e.g. Wheeler and Ganji, 2004; 
Coleman and Steele, 2009). Errors in aligning a measurement instrument, reading 
the scale of an instrument, vibration of the artefact being measured and interference 




















(7x10-5kg)2,          






,         
m > 0.2kg. 
Pivot to overall mass 
centre, rT 
Tape measure/ruler 1mm Measure (0.001m)2 
Cylinder free-swing 
period, T 
Stopwatch 0.01s Measure (0.025s)2 
Water density, ρ Reference table - - (1kg)2 
Cylinder diameter, D Vernier calipers 0.02mm Measure (5x10-5m)2 
Cylinder pivot-to-end, 
Lend 









Tape measure/ruler 1mm Positioning (0.001m)2 
Spring set offset from 
cylinder pivot, rs 
Tape measure/ruler 1mm Positioning (0.001m)2 







- Measure (0.2N/m)2 
Damping coefficient, cθ 
Ruler (magnet/plate 
air gap, ag) 
0.5mm Measure (0.50ag-1.5)2 ‡§ 
 
  
                                                 
† The systematic error of the scales was assessed at a nominal mass of 200grams. From this 
result a conservative estimate for br2 was made, assumed applicable up to the device limit 
of 3200grams. 
‡ Units for air gap ag between magnet arm magnets and the damping plate in (0.548ag-1.57)2 
are mm. 
§ Note: In the absence of the applied damping the damping ratio (in air) due to the damping 
present in the structure falls within the range 0.005 < ζ < 0.01 for the range of cylinders 




5.6.3 Taylor series method (TSM) for detailed uncertainty analysis 
The overall uncertainty was estimated using the Taylor series method (TSM) for 
uncertainty analysis. The general form for the overall uncertainty 𝒰r is 
𝒰r = t√𝑏𝑟
2 + 𝑠𝑟2,  (5-26) 
where  t is the t-value corresponding to the degrees of freedom of the sample, 
 𝑏𝑟
2
 is the sum of all systematic standard uncertainties 𝑏𝑖
2
 affecting 𝒰r, and 
 𝑠𝑟
2 is the sum of all systematic random uncertainties 𝑠𝑖
2 affecting 𝒰r.  
In general, the degrees of freedom (i.e. number of recorded data in a particular 
sample) was greater than 10 and, therefore, the large sample assumption of t = 2 for 
a 95% confidence is justified. Eq.5-26 then becomes 
𝒰r = 2√𝑏𝑟
2 + 𝑠𝑟2,  (5-27) 
The systematic standard uncertainty 𝑏𝑖
2
 in Eq.5-27 is the sum of M elemental 
systematic uncertainties, each associated with a different variable x (e.g. 
measurement of diameter, assumption of a material property value) that affect 


























2 .  (5-28) 
As previously stated determination of the systematic random uncertainty 𝑠𝑟
2 for 
the dependent parameter r was through statistical analysis of the experiment data. 
Using this approach the random uncertainty is simply the standard deviation of the 





 ∑ (𝑟𝑖 − ?̅?)
2𝑁
𝑖=1 ,  (5-29) 
where  N is the number of data points in the sample, 
 𝑟𝑖 is a discrete value of r, i.e. ri ∈ r1, r2, …, rN-1, rN, and 





Example of TSM for determination of br
2: I* parameter 













.  (5-30) 




















































.  (5-31) 
where the error in the assumed value of gravitational acceleration is assumed to be 
zero. The last term in Eq.5-31–a correlation term–is due to Lend and Lsh both being 
affected by the accuracy with which the desired pivot mark on the cylinder upper 
stem could be aligned with the pivot axis, and  
𝑏𝐿𝑒𝑛𝑑,𝐿𝑠ℎ = √(0.001𝑚)
2√(0.001𝑚)2 = (0.001𝑚)2.  (5-32) 
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2) 𝑏𝐿𝑒𝑛𝑑,𝐿𝑠ℎ.  (5-33) 
Substituting into Eq.5-33 the 𝑏𝑖
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2.  (5-34) 
Eq.5-34 is the appropriate form for mT > 0.2kg. For mT ≤ 0.2kg the first term on 









thus Eq.5-34 was the form used for estimating the systematic standard uncertainty 
in I*. 
Consider now an example of the application of Eq.5-34 to one of the experiment 
configurations. Chosen for the example is the bare cylinder case with I* = 0.29 and 
T* = 8.0. The properties of the system are as listed in Table 5-6. 
Table 5-6: Properties of bare cylinder case I* = 0.29 and T* = 8.0. 
mT (kg) rT (m) T (s) 𝜌 (kg/m3) D (m) Lend (m) Lsh (m) 
3.511 0.061 3.48 998 0.044 1.235 0.410 
 






= 4.943 × 10−4 − 1.401 × 10−6(𝐼∗)2  
⇒ 𝑏𝐼∗
2 = (0.69)2[494.3 × 10−6 − 1.401 × 10−6(0.69)2]  
⇒ 𝑏𝐼∗
2 = 2.35 × 10−4.  
Then, applying the conditions as stated in 5.6 Sources, estimation and 
quantification of errors the overall expanded uncertainty 𝒰 for the systematic error 
sources associated with calculating I* of the system listed in Table 5-6 is estimated 
at 𝒰𝐼∗ = 2√2.35 × 10−4 = 0.031. Within the context of the uncertainty estimation 
process rounding the value to 𝒰𝐼∗ = 0.03 is acceptable. Hence, with 95% confidence 
the actual value of I* is estimated to be within the range I* = 0.69±0.03. 
Systematic uncertainty estimate for efficiency equation 
In section 10.2 efficiency equations–determined from regression analysis of the 
experimental data–are defined and presented for the bare cylinder. As a result of 
using the multiple linear regression technique with the experiment data, the data 
reduction equation for the efficiency based on the flow energy incident on the 
frontal-area of the cylinder for the bare cylinder case is defined as 
𝑓𝑟 = 0.665 
 (𝑈/𝐷)0.739
𝐼∗0.475𝑅𝑒0.110
 0.609√1 − 2.  (5-35) 
In determining the systematic standard error associated with the efficiency Eq.5-35 





























𝑏2.  (5-36) 
The preceding example demonstrated the procedure used to find the 𝑏𝐼∗
2  term of 
Eq.5-36 and estimation of the other terms 𝑏𝑈/𝐷
2 , 𝑏𝑅𝑒
2  and 𝑏2 (not included for 
brevity) followed the same general procedure. 
Estimate of overall uncertainty in efficiency 
Lastly, attention turns to estimation of the overall expanded uncertainty in 
efficiency. The appropriate general expression is  
𝒰
𝑓𝑟







𝑖=1 + 𝑠 𝑓𝑟
2 ,  (5-37) 
where  𝑥𝑃 is the set of independent parameters e.g. 𝑥1, 𝑥2 and so on, and 
 𝑠
𝑓𝑟
2  is Eq.5-29 with the dependent variable r = 𝑓𝑟. 
In the presentation of results the overall expanded uncertainty 𝒰
𝑓𝑟
 was added 
and subtracted from the curve-fits obtained through the multiple linear regression 
analyses to plot upper and lower bounds that represent regions of 95% confidence 
wherein the ‘true’ value of efficiency is expected to be located (see 10.2 Multiple 













Chapter 6 Flow-induced vibration response of rigid pivoted cylinders with 
attached wake splitter-plates 
6.1 1-sided splitter-plates: influence of splitter-plate length on the response 
6.1.1 Introduction 
Experiments were performed to investigate the characteristics of the flow-induced 
vibration response of pivoted rigid circular cylinders with attached wake splitter-
plates of different lengths. In all cases a single splitter-plate was rigidly attached to 
downstream side of the cylinder and aligned parallel to the direction of the incident 
cross-flow. All cylinders were constrained to a single degree-of-freedom such that 
the cylinder could pivot about one end and swing only in the plane normal to the 
incident flow direction. The parameters of interest were the peak angular excursion 
θ and the oscillation frequency f. Throughout, the cylinder diameter D and aspect 
ratio L/D were maintained at constant values. The properties of the test cylinders are 
provided in Table 5-1. 
The experiment outcomes presented in the results section that follows are plotted 
as a function of reduced-velocity Ur and for each splitter-plate the vibration 
response was investigated across the reduced-velocity range 2 < Ur < ~28. To 
achieve this range of reduced-velocities various combinations of the spring-set 
stiffness, offset of the spring-sets from the cylinder pivot location and the towing 
speed of the carriage were employed. That is, for a given spring-set and offset rs of 
the spring-set plane from the pivot location, experiments were made that varied the 
towing speed within the range 0.05m/s < V < ~0.45m/s. Therefore, based on the 
diameter of the PVC cylinder, and assuming a water temperature of 20ºC, all the 
experiments were conducted within the Reynolds number range 2x103 < Re < 2x104 
i.e. within the subcritical range. This was followed by selectively altering the 
spring-set pivot offset–and thus altering the natural frequency fn of the system–and 
repeating the tests across the same towing speed range. Once the limits of spring-set 
pivot offset had been reached a new spring-set with different stiffness was installed 
to the test apparatus and the process repeated until testing across the entire desired 
range of reduced-velocities was completed. The natural frequency of the bare 




combinations used was measured. Throughout this chapter, calculation of reduced-
velocity (for the bare cylinder and all splitter-plate cases) is based on these bare 
cylinder natural frequencies using the value of fn that applies to the spring setup in 
each particular case. 
6.1.2 Vibration response 
The experiment outcomes for the pivoted circular cylinder with attached splitter-
plates of various lengths are presented in Fig.6-1–6-5. A selected data set, at zero 
applied damping, typical of the responses observed for the pivoted bare cylinder 
tests (see Chapter 8 Angular and frequency response of pivoted rigid cylinders 
undergoing vortex-induced vibration) is included in the figures to provide a 
comparative reference. 
In all the cylinder with splitter-plate cases initiation of vibration of significant 
magnitude began within the region 3 ≤ Ur ≤ 10 (see Fig.6-1 & Fig.6-2). Up to the 
point where this initiation Ur (otherwise known as the critical reduced-velocity i.e. 
Ur,crit) was reached the magnitude of the oscillations for each splitter-plate case was 
small (see Fig.6-1 & Fig.6-2) without any clear relationship between the oscillation 
frequency f, which itself was somewhat variable at pre-critical Ur values, and Ur 
(see Fig.6-3).  
 
Figure 6-1: Vibration responses of pivoted cylinder with splitter-plates l/D = 0.5, 



















Figure 6-2: Vibration responses of pivoted cylinder with splitter-plates l = 2.5D and 
l = 3.0D. 
 
Figure 6-3: Frequency responses of pivoted cylinder with splitter-plates of various 
lengths (Note: f/fnb axis truncated at f/fnb =1.5 to aid clarity. Thus, a number of the 
no splitter-plate data points only are absent). 
However, as Fig.6-3 shows, in spite of the inconsistency in frequency the 
cylinder oscillations throughout the lower Ur region (i.e. below Ur,crit) for each 
splitter-plate occurred generally at marginally higher frequency than the near-
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amplitude responses occurred. For example, in the case of l = 0.5D the oscillation 
frequency reached a maximum of f/fnb ~ 0.6, occurring in the range Ur < 3. 
Thereafter it steadied at around f/fnb = 0.5 for Ur ≥ 6 and remained close to this 
value until Ur ~ 20 whereupon the frequency began to reduce slightly, ultimately 
reducing to f/fnb ~ 0.4 at the highest reduced-velocity of the experiment. All other 
splitter-plates followed a similar trend, albeit at different f/fnb values. In addition to 
the evident similarity for all splitter-plates in the shape of the frequency responses 
across the experiment Ur range, Fig.6-3 also shows a trend towards reduction in the 
relative oscillation frequency f/fnb with increase in splitter-plate length. However, 
this did not occur without limit and a minimum of approximately f/fnb ∼ 0.2 was 
apparent, as shown more clearly in Fig.6-4 which plots for each splitter-plate case 
the average of the oscillation frequency, averaged over the range Ur > 10. 
 
Figure 6-4: Average oscillation frequency of each splitter-plate throughout Ur  > 10. 
Upper and lower dashes are offset by 1 standard deviation of the respective data. 
In regard to the angular excursion of the pivoted cylinder, continual growth in the 
magnitude of the sustained large amplitude vibration responses with increased Ur 
occurred in a roughly linear manner for the splitter-plates in the range 0.5 ≤ l/D ≤ 2.0. 
Fig.6-1 shows this ongoing growth in the vibration magnitude that followed on 
from its initiation at the critical Ur of each splitter-plate case. Unlike the shorter 
splitter-plates, the magnitude of the vibration responses of the two longest splitter-
plates tested (i.e. l = 2.5D and l = 3.0D) was inconsistent and irregular, most 
f/fnb = 0.088(l/D)











noticeably in the case of l = 3.0D, as Fig.6-2 shows. There is for each of these two 
longest splitter-plates considerable scatter in the data and, therefore, a trend away 
from the more uniformly linear relationship between the oscillation magnitude and 
Ur observed to exist for the shorter splitter-plates tested. In addition, when 
compared to all the shorter splitter-plates the magnitude of oscillation in the case of 
the longest splitter-plate tested (l = 3.0D) was substantially less at any given Ur (see 
Fig.6-2); this was also found to be the case at a given Reynolds number (see Fig.6-5). 
There is a clear distinction in the experiment results between the flow-induced 
vibration responses of the pivoted circular cylinder with and without attached 
splitter-plates. This is as expected and is seen to occur in similar cases reported in 
the literature for cases usually concerned with the translating (uniform amplitude) 
circular cylinder.  
In contrast to the pivoted bare cylinder, attachment of wake splitter-plates altered 
the vibration response behaviour. As a consequence, it was of the galloping-type. 
The modification to the cylinder by addition of the attached splitter-plates made the 
galloping-type response possible due to the cylinder with splitter-plate satisfying the 
criteria that for galloping to occur, a body must present an altered cross-section to 
the flow at non-zero angles-of-attack and, additionally, there must be present an 
appreciable afterbody. The mass-properties of the pivoted cylinder were relatively 
low (see Table 5-1) and all experiments were conducted under conditions of 
nominally zero applied damping. Consequently, it would be expected that the onset 
of the galloping-type responses would take place at relatively small reduced-
velocity Ur. This was generally the case for the splitter-plate lengths tested, and in 
most cases the onset Ur occurred at or close to the Ur corresponding to the onset of 
the VIV synchronisation (see Fig.6-1), as is typically the case for bodies in water 
cross-flow (Trainer, 2007). A notable exception was the onset Ur for the longest 
splitter-plate case l = 3.0D, which occurred at significantly greater Ur ~ 10.  
In Fig.6-5 the response data for the cylinders with splitter-plates is now recast in 
terms of the ‘true’ reduced-velocity (the definition of which is provided in 3.5.5 
‘True’ reduced-velocity) using a Strouhal number typical of the subcritical flow 
regime of St = 0.20 (acknowledging that using a Strouhal number in this context is 




has been observed for the pivoted cylinder case, see section 3.10.2). Shown in this 
format the degree of scatter in the data is diminished and any differences in 
response of the various splitter-plate lengths are far more readily discerned. 
As the linear trend-line fits (Lin.TL) added to the data in Fig.6-5 indicate, the 
rate-of-change of θ* as a function of Ur/f
* and therefore the magnitude of θ* at a 
given Ur/f
* were greatest for the shortest of the splitter-plates tested, l = 0.5D. 
Secondly, at a given Reynolds number (i.e. cross-flow velocity) the frequency of 
oscillation was highest for the shortest splitter-plate. In Fig.6-5 the highest 
frequency on any of the constant Re lines–included at selected values–corresponds 
to the point on the line at the lowest value of Ur/f
*. Furthermore, the lines of 
constant Reynolds number highlight that the magnitude of the angular excursion at 
a given Reynolds number differed between the various splitter-plates, not 
necessarily according to the splitter-plate length. From the largest angular excursion 
to the smallest, the tested splitter-plates are ordered as shown in Table 6-1. 
Table 6-1: Splitter-plate length versus magnitude of angular excursion. 
Angular excursion Largest                                 Smallest 







Figure 6-5: Linear trend-line fits to angular excursion of pivoted circular cylinder 
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6.2 Influence of 1-sided or 2-sided splitter-plate configuration on the 
angular and frequency response  
The preceding section provided a general overview of the effect of variation in the 
splitter-plate length for the cylinder with 1-sided splitter-plate configuration. The 
splitter-plate lengths tested were l/D = 0.5, 1.0, 1.5, 2.0, 2.5 and 3.0. In this section 
the response of the 1-sided case is now considered in more depth at the two splitter-
plate lengths of l/D = 0.5 and l/D = 1.0. Also explored in this section is the effect on 
the vibration response when in addition to a wake (downstream) splitter-plate 
another is attached to the cylinder on the upstream side, denoted in the present work 
as the cylinder with 2-sided splitter-plate configuration. 
The influence of the structural parameters on the cylinder response is explored 
for both the cylinder with 1-sided and 2-sided splitter-plate configurations. 
However, the primary focus experimentally was on the 1-sided cases and, 
accordingly, more combinations of the structural parameters were tested in the 
experiments. For this reason the more limited scope of the experiment data for the 
2-sided configuration, while still providing for assessment of the influence of the 
torque ratio T* and splitter-plate length l/D, is not geared to an assessment of the 
influence inertia ratio I* may (or may not) have on the response of the 2-sided 
configuration. Consequently, the effect of I* is absent from the discussion on the 
cylinder response of the 2-sided splitter-plate configuration. In most of the figures 
related to the 2-sided case the inertia ratio value is unchanged.  
6.2.1 Angular response 
Cylinders with 1-sided splitter-plate 
At the operating point at which peak efficiency based on the flow energy incident 
on the frontal-area of the cylinder occurs (i.e. at peak εfr) the oscillations for the 
cylinders with 1-sided splitter-plates (both l/D = 0.5 and l/D = 1.0) were 
consistently in accord with the example presented in Fig.6-6. Although varying in 
angular magnitude and frequency as a consequence of the structural properties of 
the tested system the periodic angular oscillations of the 1-sided splitter-plate tests 





Figure 6-6: Example of cylinder angular motion at peak εfr of cylinders with 1-sided 
splitter-plate. Test details: l/D = 0.5, I* = 0.85, T* = 2.5, f = 0.295Hz, Ur = 20.0 
(Note: marginally larger period of sinusoidal curve is due to accuracy of the FFT 
obtained frequency from the angle data). 
The experiment data of Fig.6-6 is overlaid with a sinusoidal curve with the 
equation = 𝑝𝑒𝑎𝑘−𝑎𝑣𝑒𝑠𝑖𝑛(2𝜋𝑓𝑡)rad, where f is the cylinder oscillation frequency 
and for the purposes of this discussion 𝑝𝑒𝑎𝑘−𝑎𝑣𝑒 is the experiment value for the 
average peak magnitude of the cylinder oscillation angle. For this particular 
experiment the RMS error between the experiment data points–recorded at 100Hz–
and the sinusoidal curve is 0.022. 
In regard to the operating point at which peak efficiency based on the flow 
energy incident on the frontal plus swept-area of the cylinder occurred (i.e. at peak 
εfr-s) the oscillations for the same system (1-sided SP, l/D = 0.5, I
* = 0.85, T* = 2.5) 
are similar to those of Fig.6-6, albeit with less consistency in the peak magnitude 
from cycle-to-cycle (for all the tests undertaken as part of the present work the 
degree to which the magnitude of the peaks was–or was not–repeated has been 
quantified by the parameter ξm, see 5.3.3 Squared peak-to-mean difference). 
Across all cylinders with 1-sided splitter-plate tests conducted the operating 
point for peak εfr-s occurred at a lower reduced-velocity than for peak εfr. For the 
same system as in the example test of Fig.6-6 it occurred at Ur = 17.0 as compared 
to Ur(εfr) = 20.0. Fig.6-7 shows the cylinder angular oscillations at the operating 
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swept-area of the cylinder occurred. The sinusoidal curve overlaid on the data of 
Fig.6-7 was generated using the same approach at outlined previously for the curve 
included in Fig.6-6. In the case of Fig.6-7 the RMS error between the experiment 
data points and the sinusoidal curve is 0.033. 
 
Figure 6-7: Example of cylinder angular motion at peak εfr-s of cylinders with 1-
sided splitter-plate. Test details: l/D = 0.5, I* = 0.85, T* = 2.5, f = 0.290Hz, Ur = 
17.0. 
The angular responses of the range of cylinders with 1-sided splitter-plate at 
length l/D = 0.5 are presented in Fig.6-8, firstly, in (a) against dimensionless 
wavelength U* and secondly, in (b) against the combined parameter I*T*Re. In (b) 
straight lines are included as interpretive aids providing rough guidance as to the 
I*T* transition throughout the plot. 
For the majority of the cases in Fig.6-8 the tank width to cylinder diameter ratio 
of w/D = 22.7 is larger than 20, hence no correction for blockage in these cases was 
made. However, for the cylinder with the larger diameter of D = 0.090m in the I* = 
0.29, T* = 1.29 tests the ratio is well below 20, w/D = 11.1. Note that to demonstrate 
the blockage effect, in Fig.6-8 no adjustment of the data to account for the effects of 
blockage is made. In all following figures, however, the I* = 0.29, T* = 1.29 data is 
adjusted for blockage using U*c = bfU
* and Rec = bfRe, where the assumed blockage 
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Figure 6-8: Operating points of peak εfr and εfr-s. Cylinders with 1-sided splitter-
plate l/D = 0.5. (a) θ/θcyl-U
*; (b) θ/θcyl- I
*T*Re. Note: In (a) the tests I* = 0.62 and I* 
= 0.66 are omitted to aid clarity–they plot over the same location as the majority of 







































































When considering the θ/θcyl versus U
* responses in Fig.6-8a there is apparent in 
most cases two distinct regions characterised by different rates of change of θ/θcyl 
with U* (in the cases where this is not observable, e.g. the larger cylinder D 
experiments at I* = 0.29, T* = 1.29, it is due to every data point of that particular test 
corresponding to a cylinder Reynolds number greater than a critical value, as will 
become clear shortly). In the first, lower U* region the rate of change is less than in 
the subsequent higher U* region. This observed transition is found to occur 
consistently at the same cylinder Reynolds number in all cases, and appearing in the 
figure at different U* as a consequence of the different natural frequencies of the 
various structural combinations of I* and T* values; lower natural frequency of 
course means slower cross-flow velocity at a given dimensionless wavelength U* 
(see 5.3.1 Alternate form of reduced-velocity for the definition of U*). 
 
Figure 6-9: Cylinder angular response θ/θcyl versus Re for l/D = 0.5 cases I
* = 0.61, 
T* = 2.80, D = 0.044m, ζ = 0.041 and I* = 0.29, T* = 1.29, D = 0.090m, ζ = 0.053 
(blockage correction factor bf applied). Example equivalent points indicated are: a) 
U* ~ 14; and b) U* ~ 20. 
The transition in the rate of change of θ/θcyl with U
* is very likely a consequence 
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is a well-established phenomenon for non-vibrating bare circular cylinders, with the 
vortex formation length-scale known to reduce to a minimum at Re ~ 1x104. 
Thereafter it remains stable throughout the sub-critical Reynolds number range. 
The formation length-scale of the large vortex structures of the cylinder wake–as 
previously discussed in the context of the vortex shedding frequency from static 
cylinders with wake splitter-plates (see 4.1.1 Strouhal number)–refers to the offset 
to the large-scale wake vortex structures downstream from the cylinder location. 
For the present experiments in the sub-Re ~ 1x104 number region (within which the 
vortex formation length-scale is known to be in transition for a bare cylinder) a 
significantly different distribution of the wake shear layers relative to the cylinder 
and splitter-plate is suspected to be occurring, which is not present outside this Re 
region. This significantly different fluid-structure regime of the sub-Re ~ 1x104 
number region is believed to be responsible for the occurrence of the larger 
oscillation magnitudes observed for some of the test cylinders with l/D = 0.5 
splitter-plates than would otherwise have occurred. 
At first inspection the smaller rate of change exhibited by most of the experiment 
cases of Fig.6-8a within the lower U* region may suggest a region of poorer 
vibration response strength–however, the opposite is actually true. This behaviour 
actually reflects stronger relative vibration strength (i.e. the ratio of vibration 
magnitude relative to dimensionless wavelength (θ/θcyl)/U
*) than would occur in the 
absence of the vortex formation length-scale effect. Associated with this effect is 
linear growth in the (θ/θcyl)/U
* ratio (see Fig.6-10). And, as already stated, it is this 
vortex formation length-scale effect that is believed to have influenced the response 
of the l/D = 0.5 splitter-plate cases up to a limiting Reynolds number of Re ~ 8x103, 
at which point the growth in θ/θcyl experiences a discontinuity–indicative of a 
marked change in the nature of the fluid-structure interaction–and thereafter the 
trend follows a second-order profile (see Fig.6-10); the second-order profile was a 
feature in the region beyond Re ~ 8x103 of all the 1-sided splitter-plate cases. 
Regardless of where a response curve may be located in Fig.6-10 for an l/D = 0.5 
cylinder as a consequence of the particular natural frequency and diameter of the 




length-scale effect will still occur if the operating range of the system crosses the 
Re ~ 8x103 point. 
 
 
Figure 6-10: Example of the vortex formation length-scale effect on the relative 
vibration strength of cylinders with 1-sided splitter-plates. D = 0.044m. ‘○’: l/D = 
0.5, I* = 0.61, T* = 2.80, fnw = 0.32Hz, ζ = 0.041; ‘’: l/D = 1.0, I
* = 0.40, T* = 2.08, 
fnw = 0.14Hz, ζ = 0.030. 
The enhanced relative vibration strength of the l/D = 0.5 cylinders when 
operating in the sub-Re ~ 8x103 region is now confirmed quantitatively through 
y = 1E-05x + 0.0313
R² = 0.9872
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application of the lift parameter b1 of Sorribes-Palmer and Sanz-Andres (2013) after 
modification into a form commensurate with the pivot cylinder architecture, with 
the notation b1 retained herein. This approach is outlined in more detail and 
employed more fully in a subsequent section (9.3.1 Efficiency results of laboratory 
experiments, see Eq.9-13). In Fig.6-9 the b1 parameter values corresponding to the 
two cases shown are also included. Along with additional cases from Fig.6-8 the 
same two sets of b1 data from Fig.6-9 are now scaled by the product I
*ζ in Fig.6-11 
to demonstrate that the general shape of the b1 profile exhibited is a function of the 
cylinder cross-sectional form and dimensions alone i.e. cylinder with 1-sided 
splitter-plate. As can be seen in Fig.6-11, the greater b1 values exhibited by the D = 
0.044m, I* = 0.61, T* = 2.80 case in the region U* < 14 are superior to those of the D 
= 0.090m, I* = 0.29, T* = 1.29 case, due to the operational range of the larger 
diameter cylinder corresponding to Reynolds number values beyond Re ~ 8x103. 
Furthermore, a projection of the linear trend of the data for the D = 0.090m case in 
Fig.6-9 suggests that even at the point where non-finite vibration response first 
occurs the Reynolds number will be too large for the vortex formation length-scale 
effect to influence the vibration response of the larger diameter cylinder. 
Attention now turns briefly to the results for the cylinders with 1-sided splitter-
plates at the longer length of l/D = 1.0. The angular response at this increased length 
has much in common with the l/D = 0.5 case: a critical U* must first be reached 
before vibrations first begin; once established, the vibration magnitude grows in a 
highly linear manner with further increase of U*; and the lift (torque) performance 
exhibits a clear peak, in the l/D = 1.0 case at around U* = 29. However, there also 









Figure 6-11: Scaled cylinder torque (lift) parameter b1/(I
*ζ) versus U* for various 
cylinder with splitter-plate cases. (a) l/D = 0.5 at D = 0.044m and 0.090m; and (b) 
l/D = 1.0 compared to l/D = 0.5. Blockage correction factor bf applied to I
* = 0.29, 
T* = 1.29 in (a) and (b). 
In addition to a larger U* at which vibration initiates compared to the l/D = 0.5 
case the U* range over which the b1 values are approximately equal to the maximum 
attained is more broad. Compare in Fig.6-11 the range 14 < U* < 22 for the l/D = 0.5 
splitter-plate and 21 < U* < 41 for the l/D = 1.0 case. It is also clear by inspection of 
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the longer splitter-plate case is a poor performer compared to the cylinders with the 
shorter l/D = 0.5 splitter-plate. Even at its lift (torque) performance peak the value 
b1/(I
*ζ) ~ 0.018 is almost a third of that attained for the shorter splitter-plate case, 
which reached a maximum value of b1/(I
*ζ) ~ 0.045. Note that in either case the 
peak in b1 corresponds closely to the operating point at which the peak efficiency 
based on the flow energy incident on the frontal-area of the cylinder εfr occurs. 
 
Figure 6-12: Scaled cylinder torque (lift) parameter b1/(I
*ζ) versus U* for l/D = 1.0. 
Other T* = 2.80 experiment cases not included align with the corresponding T* 
curves as shown. 
One feature in the vibration response of the longer l/D = 1.0 splitter-plate case is 
an observed improvement within the early U* range of the lift (torque) performance 
brought about by larger T* (see Fig.6-12). This effect is not discernible in the l/D = 
0.5 results (see Fig.6-11). For the l/D = 1.0 splitter-plate from U* = 30-35 on the 
cases at the two different stiffness settings of T* = 2.08 and 2.80 overlap. However, 
at the smaller dimensionless wavelengths the different T* tests diverge. Although 
the reason for the lift enhancing T* effect is not yet clear it is expected that some 
progress toward understanding would be made through study of the flow itself at 




















Figure 6-13: Cylinder angular response θ/θcyl versus Re for l/D = 1.0. Other T
* = 
2.80 experiment cases not included align with the corresponding T* curves as 
shown. 
Much discussion was given in the preceding section in regard to the influencing 
effect of the vortex formation length-scale on the response of the l/D = 0.5 cylinders 
in the sub-Re ~ 8x103 region. This appears to also have played a part in the nature 
of the response for the l/D = 1.0 splitter-plate cylinders. However, as can be seen in 
Fig.6-13, the region of influence is limited to a maximum Reynolds number of Re ~ 
5x103. It appears, therefore, that the advantageous gain in the lift performance 
obtained as a consequence of the vortex formation length-scale effect is restricted to 
a smaller Reynolds number range–than associated with the l/D = 0.5 case–owing to 
the presence of a longer splitter-plate in the cylinder wake. 
Overall, the lift (torque) parameter b1 is important in the context of employing a 
particular cylinder configuration (i.e. cross-section) to the purpose of energy 
extraction from cross-flows. It will be seen in 9.3 Cylinders with 1-sided and 2-
sided splitter-plates that the difference between the maximum b1 values of the 





























Figure 6-14: Operating points of peak εfr and εfr-s. Cylinders with 1-sided splitter-

















































Cylinders with 2-sided splitter-plate 
As Fig.6-15 and Fig.6-16 show, for the experiment cylinders with 2-sided splitter-
plates the match between the angular oscillations at the peak efficiency operating 
points and overlaid sinusoidal curves are similar to the close match earlier reported 
for the 1-sided splitter-plate cases (see e.g. Fig.6-6 & Fig.6-7). As before, the 
sinusoidal curves included in the figure have amplitude equal to the average peak 
magnitude of the experiment and the same frequency as observed in the test. 
 
Figure 6-15: Example of cylinder angular motion at peak εfr of cylinders with 2-
sided splitter-plate. Test details: l/D = 0.4, I* = 1.04, T* = 4.59, f = 0.54Hz, U* = 
8.05, ζ = 0.027. 
 
Figure 6-16: Example of cylinder angular motion at peak εfr-s of cylinders with 2-
sided splitter-plate. Test details: l/D = 0.4, I* = 1.04, T* = 4.59, f = 0.51Hz, U* = 
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As was observed for the 1-sided splitter-plate cases, increased l/D also leads to a 
shift in the angular response to longer dimensionless oscillation wavelengths in the 
cylinder with 2-sided splitter-plate configuration i.e. a shift to greater U*. Fig.6-17 
depicts the transition to larger dimensionless wavelength (for a given θ/θcyl) as the 
splitter-plate length increased from l/D = 0.4, then to l/D = 0.5, l/D = 0.6 and, 
finally, l/D = 0.9. Damping ratio is ζ = 0.027 for each of the different l/D cases in 
the figure and the operating points corresponding to peak efficiencies εfr and εfr-s are 
also highlighted. 
 
Figure 6-17: Operating points of peak εfr and εfr-s. Cylinders with 2-sided splitter-
plate l/D = 0.4, 0.5, 0.6 and 0.9. ζ = 0.027. θ/θcyl-U
* space. 
In addition to the sensitivity of dimensionless wavelength to the splitter-plate 
length, the shorter 2-sided l/D cases (i.e. l/D = 0.4, 0.5 and 0.6) clearly exhibit at 
sufficiently large U* a truncated response in the magnitude of the cylinder 
oscillations. The point at which this first occurs decreased in magnitude and 
increased in U* as the splitter-plate length was made larger. For example, for l/D = 
0.4 in Fig.6-17 the threshold point is judged to be θ/θcyl = 1.73, U
* = 9.1, and for l/D 
= 0.5 and l/D = 0.6, respectively, the threshold points are considered to be θ/θcyl = 
1.66, U* = 10.0 and θ/θcyl = 1.48, U
* = 10.4. It can be noted that, at the small 
damping ratio of these tests (i.e. ζ = 0.027), growth in the angular response does 

























U* (it will be seen that at higher damping ratios this is not the case). Furthermore, 
beyond the threshold the growth in θ/θcyl with increased U
* appears smaller 
(greater) for shorter (longer) l/D. It is difficult to make a judgement in regard to the 
l/D = 0.9 case in the absence of additional tested l/D values that lie between 0.6 and 
0.9. However, it would not be discordant with the preceding arguments and trends 
of the data for the shorter l/D cases if the point θ/θcyl = 0.84, U
* = 10.6 in Fig.6-17 
was also judged to be a threshold point, in this instance for the l/D = 0.9 case. 
Fig.6-18 also shows the data of Fig.6-17, in this instance, plotted against the 
cylinder Reynolds number (Re = UD/ν). The three cases at the higher torque ratio 
values T* ~ 5 of the figure appear to share two regions of the cylinder angular 
response: 1. Re ≤ 6.5x103 and 2. Re > 6.5x103. Note that the reason for the different 
location in θ/θcyl-Re space of the l/D = 0.6 case relative to the other l/D 
configurations is due to the significantly lower T* value of the l/D = 0.6 cylinder. 
This has the general effect of shifting the response to lower Reynolds number (this 
point is returned to shortly). 
 
Figure 6-18: Operating points of peak εfr and εfr-s. Cylinders with 2-sided splitter-
plate l/D = 0.4, 0.5, 0.6 and 0.9. ζ = 0.027. θ/θcyl-Re space. 
To return to the regions 1. Re ≤ 6.5x103 and 2. Re > 6.5x103 (Fig.6-18). Within 
region 1 the responses exhibit convergence to a single curve. In region 2, however, 























splitter-plate length l/D, with longer l/D initially exhibiting smaller θ/θcyl. At 
sufficiently large Reynolds number (for the data of Fig.6-18, Re ~ 1.4x104) there 
appears to be a return to convergence for the different splitter-plate lengths, 
however, more data at larger Reynolds numbers than experimentally obtained 
(Fig.6-18) is necessary to fully assess whether this apparent behaviour continues. 
To now return to the lower T* case of Fig.6-18, T* = 3.41. Under the assumption 
that regions 1 and 2 are fundamental features of the response for cylinders with 2-
sided splitter-plate configuration an estimate for the Reynolds number value 
expected to demarcate regions 1 and 2 for the T* = 3.41 cylinder may be given. This 
estimate is made based on the assumption that the demarcating Reynolds number 
would also coincide with the same angular response magnitude θ/θcyl ~ 0.9 as 
occurred for the higher T* cases (Fig.6-18) and by using the alternate expression for 





where U* and f are values at the same point in the cylinder response. In the context 
of the present discussion U* and f for the T* = 3.41 case are taken to be, 
respectively, 8.3 (see Fig.6-17) and 0.30Hz (see Fig.6-27) for the point coincident 
with θ/θcyl ~ 0.9. Substituting these values into Eq.6-1 gives for the T
* = 3.41 
cylinder an estimated Reynolds number value demarcating regions 1 and 2 of Re1-2 
~ 4.6x103. 
Fig.6-19 presents the results for four different T* values, all at equal inertia ratio 
of a value significantly above unity (I* = 2.53) and at the same splitter-plate length 
l/D = 0.4. Beyond U* ~ 7.5 the magnitudes of the curves relative to the others are 
well established. It is considered reasonable therefore to select U* = 8.5 as an 
operating condition at which to compare the magnitude of the angular response of 
the four different cases. In this manner, the oscillation magnitude is compared at 
equal dimensionless oscillation wavelength. The oscillation data of Fig.6-19 at the 
operating point U* = 8.5 is shown in Fig.6-20 (in each case the data point with a U* 






Figure 6-19: Angular response for cylinders with 2-sided splitter-plates l/D = 0.4, 
I* = 2.53 and various T* and various ζ. 
 
Figure 6-20: Angular response at dimensionless oscillation wavelength U* = 8.5 for 
cylinders with 2-sided splitter-plates l/D = 0.4, I* = 2.53. Data from Fig.6-19. 
Each set of four data points in Fig.6-20 is for the same data of Fig.6-19, the only 
difference being the x-axis parameter the data is plotted against, ζ or T*. The 




































As previously discussed, the T* value does modify the Reynolds number range 
over which the cylinder response is initiated and then grows (see Fig.6-18). 
However, it is apparent in Fig.6-17 that T* has no effect on the magnitude of the 
cylinder response, which is clearly dictated by the splitter-plate length. 
The effect of damping on the angular response for a cylinder with all other 
properties constant is now considered. The selected case is the I* = 0.97, T* = 3.41, 
l/D = 0.6 cylinder, tested at damping ratio values in the range 0 ≤ ζ ≤ 0.034 (Fig.6-
21 & Fig.6-22). For the other l/D of the 2-sided splitter-plate experiments this same 
behaviour of monotonically decreasing angular response as depicted in Fig.6-21 and 
Fig.6-22 was observed. 
 
Figure 6-21: Angular response for cylinders with 2-sided splitter-plates l/D = 0.6 at 
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Figure 6-22: Angular response at dimensionless oscillation wavelength U* = 10.5 
for cylinders with 2-sided splitter-plates l/D = 0.6. Data from Fig.6-21. 
To return briefly to Fig.6-19, it can be observed that for the ζ = 0.22 (l/D = 0.4, I* 
= 2.53, T* = 3.67) experiment a sharp decline to almost negligible oscillation 
magnitude occurred when sufficiently large U* was reached, in this particular 
instance at U* ~ 9. For the ζ = 0.22 case the angular response exhibits a plateau at 
θ/θcyl ~ 0.6 over a narrow U
* band ranging from U* ~ 8.5 up to the point where the 
decline then occurred. It can be seen that at the upper limit of U* tested for the ζ = 
0.029 and ζ = 0.133 cases (Fig.6-19) the angular magnitudes appear to have also 
reached plateau values, of θ/θcyl ~ 1.9 and θ/θcyl ~ 1.1, respectively. If the plateau-
type response is the portent of impending sharp decline it is then arguable that for 
these two cases (ζ = 0.029 and ζ = 0.133) the sharp decline in the angular response, 
as seen for the ζ = 0.220 test, would also have been observed had slightly larger U* 
been reached experimentally. The inference is one of sharp decline in the angular 
magnitude taking place at successively smaller U* as the damping ratio is increased. 
This points to an enveloping characteristic in the angular response at different 
damping ratios. That is, for a given splitter-plate length the response when 
considered in terms of θ/θcyl-U
* space of more highly damped cases are anticipated 
to be consistently enveloped by the response curves at lower damping. In this way 
the zero damped case would denote an upper bound to the angular response that 















6.2.2 Frequency response 
Having considered the angular response of the cylinders with 1-sided and those with 
2-sided splitter-plates, attention now turns to the frequency responses pertaining to 
each splitter-plate configuration. It will be seen that the fundamental difference in 
the cross-section geometry of these two cases is associated with very different 
frequency response behaviour. In the first instance, the cylinders with 1-sided 
splitter-plates oscillate at a constant frequency independent of the cross-flow 
velocity; the structural properties of the system set the frequency at which the 
oscillations occur, including the splitter-plate length. In the second case, the 
oscillation frequency of the cylinders with 2-sided splitter-plates is not constant but 
grows (when plotted against U*) in a nonlinear fashion. Fig.6-23 and Fig.6-25 show, 
respectively, the frequency responses of the 1-sided l/D = 0.5 and l/D = 1.0 splitter-
plate experiment cylinders and Fig.6-27a–b show the frequency responses of the 2-
sided splitter-plate experiment cylinders for the tests conducted at ζ = 0.027. The 
frequency data corresponding to the experiments of Fig.6-21 are presented against 
U* in Fig.6-28.  
As an additional step, Fig.6-24 shows the average frequency (across the U* range 
tested) of the Fig.6-23 data plotted in terms of the Frequency-stiffness parameter 
Eq.10-3 outlined in the following section 10.1 Frequency-stiffness Fs. Note that, in 





Figure 6-23: Frequency response of cylinders with 1-sided splitter-plate l/D = 0.5. 
 
Figure 6-24: Average oscillation frequency of the cylinders with 1-sided splitter-












































































Figure 6-25: Frequency response of cylinders with 1-sided splitter-plate l/D = 1.0. 
 
Figure 6-26: Frequency response of cylinders with 2-sided splitter-plate l/D = 0.4, 







































Figure 6-27: Frequency response of cylinders with 2-sided splitter-plate l/D = 0.4, 
0.5, 0.6 and 0.9. ζ = 0.027. f-Re space. 
 
Figure 6-28: Frequency response for cylinders with 2-sided splitter-plates l/D = 0.6. 
at various damping ratio ζ. 
From the perspective of employing the oscillating cylinder to harness energy 
from a flow, Fig.6-28 shows the advantageous result for the 2-sided splitter-plate 
configuration that at a given U* the loss of oscillation magnitude that occurs when 
damping is increased (see e.g. Fig.6-19–6-22) is somewhat compensated for by an 
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shown in Fig.9-3 and clearly indicate that the U* value at the peak efficiency points 
remains unchanged, despite change in the damping ratio across the range tested). 
This is a favourable frequency response characteristic of the 2-sided splitter-plate 
configuration, not exhibited by the cylinders with 1-sided splitter-plate. 
The aforementioned Frequency-stiffness parameter (see Eq.10-3) developed as 
part of the present work collapses the frequency responses of the three cross-
sectional forms considered herein (i.e. bare cylinder, cylinder with 1-sided splitter-
plate and cylinder with 2-sided splitter-plate) to a single curve. Further assessment 
and consideration of the frequency behaviour of the various cross sectional forms 
tested is accordingly left to the chapter in which the Frequency-stiffness parameter 














Chapter 7 Sensitivity of flow-induced vibration of pivoted circular cylinders 
to angle of attached wake splitter-plate to incident flow 
This chapter reports on the observed flow-induced vibration response of pivoted 
rigid circular cylinders with 1-degree-of-freedom and attached wake splitter-plates 
when the angle of the swing-plane of the cylinder α is varied relative to the incident 
flow direction. Six different splitter-plates lengths throughout the range 0.5 ≤ l/D ≤ 
3.0 were tested and for each splitter-plate length the angle of the cylinder swing-
plane relative to the flow was adjusted between 5, 10 and 15degrees, with the 
splitter-plate always attached on the downstream side of the cylinder and aligned 
perpendicularly to the swing-plane. The splitter-plates were fixed (i.e. not free to 




Figure 7-1: Swing-plane angle and splitter-plate alignment (top view with cylinder 
in neutral position). 
The response parameters of interest were the peak angular excursion θ, the mean 
angular position θmean and the oscillation frequency f of the cylinder during the 
observed galloping-type responses. Across the range of splitter-plate lengths tested 
0.5 ≤ l/D ≤ 3.0 the magnitude and regularity of the observed galloping-type 
responses depended on the splitter-plate length. The oscillation frequency of the 
cylinder decreased with increased splitter-plate length. Both the cylinder diameter D 
and aspect ratio L/D were unchanged for all splitter-plates. 
The experiment equipment and set-up is as outlined in Chapter 5, the exception 
being that alterations were made to allow the orientation of the pivot shaft axis 
about which the rigid cylinder swings to be altered. Control of the orientation was 
achieved by unbolting from the main towing carriage structure the subframe 
housing the pivot shaft assembly and then repositioning and clamping the subframe 
to the towing carriage frame at the desired angle. In this way, the angle of incidence 








to the flow of the splitter-plate could be adjusted whilst maintaining the swing-plane 
of the cylinder perpendicular to the splitter-plate plane. All tests were conducted 
within the subcritical Reynolds number range and under conditions of negligible 
structural (applied) damping. The structural properties of the cylinders are identical 
to those of section 6.1 1-sided splitter-plates: influence of splitter-plate length on 
the response.  
7.1 Splitter-plate length l/D = 0.5 
α = 0 degrees 
The first test regime for the splitter-plate of length l/D = 0.5 was with the splitter-
plate set at zero angle to the cross-flow i.e. α = 0 degrees. The natural frequency in 
still water of the cylinder with the l/D = 0.5 splitter-plate fixed in place was fnw = 
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 (e)                    (f) 
Figure 7-2: Response characteristics of pivoted cylinder with splitter-plate l/D = 
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In the Fig.7-2a plot of normalised average peaks (i.e. θ /θcyl vs. Ur) the max- and 
min-peaks lines indicate the magnitudes of the largest and smallest peaks greater 
and lesser (in absolute value terms) than the average peak θ, respectively. Fig.7-2b 
shows the same θ /θcyl data as Fig.7-2a, however, this time plotted against Ur/f
* = 
Ur/(f/fnw) = U
*. In both Fig.7-2a and Fig.7-2b the average peak data exhibits a 
steady linear growth trend once a critical initiation value of Ur or Ur/f
*, respectively, 
was reached; Ur ~ 8 and Ur/f
* ~ 10. 
The plots of the squared peak-to-mean difference (i.e. ξ– and ξ+) in Fig.7-2c 
indicate that from Ur ~ 15 on variation in the oscillations from peak-to-peak relative 
to the magnitude of the average of the peaks (θ) had diminished to a small degree 
and stabilised. This is confirmed by the plots of cylinder angle at intervals over 7.51 
≤ Ur ≤ 20.0 in Fig.7-3. 
 
      Ur = 7.51     Ur = 10.0             Ur = 12.5 
 
       Ur = 15.0     Ur = 17.5             Ur = 20.0 
Figure 7-3: Cylinder angular response throughout the range 7.51 ≤ Ur ≤ 20.0; 
splitter-plate l/D = 0.5; α = 0 degrees. 
Starting from a normalised frequency of f/fnw ~ 0.8 the frequency response of the 




















range 20 < Ur < 30 and stabilising about f/fnw ~ 1.06 up to the upper limits of the 
reduced-velocity range tested (i.e. up to Ur ~ 35) for the l/D = 0.5 splitter-plate. 
As expected for when the splitter-plate is aligned with the relative flow direction 
(i.e. α = 0 degrees) the angular offset of the centre of cylinder oscillations away 
from static conditions (i.e. from 𝑐/ 𝑐𝑦𝑙 = 0) and both the skewness 𝛾 remained 
largely unaffected by change in Ur (Fig.7-2e-f). 
α = 5 degrees 
Setting the swing-plane of the cylinder to α = 5 degrees resulted in distinct changes 
in the oscillation frequency and the skewness and brought about a non-zero angular 
offset. However, despite these changes, at any given Ur both the magnitude of the 
angular oscillations and the peak-to-mean difference (ξ– and ξ+) remained similar to 
the α = 0 case.  
Following a starting value of f/fnw ~ 0.85 the frequency quickly reached f/fnw ~ 1 
and stayed about that value across the remainder of the Ur range tested (Fig.7-4). 
 
Figure 7-4: Frequency response of cylinder with splitter-plate with splitter-plate l/D 
= 0.5; α = 5 degrees. 
Overall, the α = 5 setting brought about a marginal reduction in the frequency of 
the cylinder oscillations compared to the α = 0 degrees case. As a consequence, for α 
= 5 degrees the overall slope of the θ/θcyl vs. Ur/f
* plot decreased slightly (Fig.7-5). 
Again, the trend of the θ/θcyl vs. Ur/f















Figure 7-5: θ/θcyl vs. Ur/f
* plot for cylinder with splitter-plate l/D = 0.5; α = 5 
degrees. 
Fig.7-6 shows the angular offset (i.e. centre of cylinder oscillations) of the 
cylinder. After remaining roughly around the static condition (i.e. θc/θcyl = 0) 
throughout the lower Ur range the angular offset of the cylinder began to diverge to 
the low (trailing) side of the static position once Ur ~ 14 was reached.  
 
Figure 7-6: Angular offset of the centre of cylinder oscillations for splitter-plate l/D 
= 0.5; α = 5 degrees. Note: θc/θcyl > 0 accords with offset to the low-side (trailing) 
from centre. 
From this point the offset angle rose sharply, reached θc/θcyl ~ 0.6 at Ur ~ 17 and 
remained centred about this magnitude of angular offset throughout the remainder 
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Unlike the 𝛼 = 0 test, the 𝛼 = 5 degrees cylinder angle data was characterised by 
a clear trend away from zero skewness values (Fig.7-7).  
 
Figure 7-7. Skewness γ of the cylinder angle data for splitter-plate l/D = 0.5; α = 5 
degrees. 
The cylinder angle histograms corresponding to Ur = 10, 15, 20 and 35 of the α = 5 
case are shown in Fig.7-8. 
α = 10 degrees 
Altering the cylinder swing-plane angle from α = 5 to 10 degrees resulted in more 
profound changes in the oscillation frequency, angular offset and the skewness of 
the cylinder angular data. The results for α = 10 degrees are included in the 

















(a)             (b) 
 
             (c)            (d) 
Figure 7-8: Histograms of cylinder angle data for (a) Ur = 10, (b) Ur = 15, (c) Ur = 20 
and (d) Ur = 35; l/D = 0.5; α = 5 degrees. 
α = 15 degrees 
Setting the cylinder swing-plane at α = 15 degrees in the fourth test regime of the 
l/D = 0.5 splitter-plate caused, below a particular Ur value, a distinct behavioural 
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Figure 7-9: Response characteristics of pivoted cylinder with splitter-plate l/D = 
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Below Ur ~ 30 there was a lack of uniformity in the cylinder angular response as 
indicated by the magnitude of the difference between the largest and smallest of the 
peaks at a given Ur (see Fig.7-9a) together with the large values of ξ- > 1 (Ur < ~ 20) 
and ξ+ > 1 (Ur < ~ 30) of Fig.7-9c. As Fig.7-9a shows, throughout this region (i.e. Ur 
< ~ 30) the average magnitudes of the peaks, although following a smooth trend, 
were below the values they would have if they aligned with the linear trend 
exhibited by the upper data points, as seen in the smaller α = 0, 5 and 10 tests. It is 
notable that a degree of stabilisation of the 𝑐, g and f values coincided with the 
establishment of uniformity in the cylinder angular response that began at Ur ~ 30 
and remained over the last few data points at the latter Ur values. The preceding 
points are discernible in the Fig.7-10 plots showing at each reduced-velocity value 
tested the cylinder angular response, oscillation frequency spectrum and histogram 









Figure 7-10a: Cylinder angle, oscillation frequency and histograms of the cylinder 
angle data for cylinder with splitter-plate l/D = 0.5 at α = 15 degrees; Top-to-








Figure 7-10b: Cylinder angle, oscillation frequency and histograms of the cylinder 
angle data for cylinder with splitter-plate l/D = 0.5 at α = 15 degrees; Top-to-








Figure 7-10c: Cylinder angle, oscillation frequency and histograms of the cylinder 
angle data for cylinder with splitter-plate l/D = 0.5 at α = 15 degrees; Top-to-




The general irregularity in the time-series plots of the cylinder angular response 
evident at the lower Ur values (i.e. Ur < 30, Fig.7-10) was also observed when the 
tests were repeated. This behaviour was not limited to the l/D = 0.5 splitter-plate. It 
was also observed at swing-plane angles to flow and over different Ur ranges in the 
other splitter-plate length cases; in the case of l/D = 1.0 at α = 10, and at α = 5 for 
the l/D = 1.5 splitter-plate. Additionally, there exists a multi-frequency composition 
to the frequency response, composed closely at harmonics of the dominant 
frequency. 
For the purpose of comparison, the characteristics of the cylinder response at  
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Figure 7-11: Response characteristics of pivoted cylinder with splitter-plate l/D = 
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7.2 The longer splitter-plate cases: l/D = 1.0 and l/D = 1.5 
The key response characteristics of the cylinder with splitter-plate l/D = 0.5 were 
also present in the longer splitter-plate cases. That is, the general nature of the 
growth (at a given α) in the average peak in the cylinder angle with increased Ur, 
the decrease in the oscillation frequency (at the majority of Ur values) with 
increased α and the tendency to larger maximum offset of the centre of cylinder 
oscillations at greater α were all features of the l/D = 1.0 and l/D = 1.5 results. 
In addition, similar behaviour to the l/D = 0.5 case at α = 15 degrees (see Fig.7-9 
& Fig.7-10) was found to exist in both the l/D = 1.0 and l/D = 1.5 cases. However, 
the onset of this behaviour was at smaller α as the splitter-plate was lengthened. The 
value of α at which this behaviour first appears shall be denoted herein as αcrit i.e. 
critical angle to flow.  
Splitter-plate length l/D = 1.0 
The overall response characteristics of the cylinder with splitter-plate l/D = 1.0 at 
the various angles to the flow tested for this splitter-plate case (i.e. α = 0, 5, 10 and 
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Figure 7-12: Response characteristics of pivoted cylinder with splitter-plate l/D = 
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Splitter-plate length l/D = 1.5 
In Fig.7-13 the overall response characteristics of the cylinder with splitter-plate l/D 
= 1.5. Shown are results for the various angles to the flow tested for the l/D = 1.5 
splitter-plate case i.e. α = 0, 5 and 10 degrees. It was not possible to test at α = 15 
degrees as no large-scale oscillations occurred (only small irregular vibrations) and 
the cylinder simply adopted an offset angle from neutral centre. The natural 
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Figure 7-13: Response characteristics of pivoted cylinder with splitter-plate l/D = 
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7.3 Overall response characteristics 
7.3.1 Cylinder angular response 
In all splitter-plate cases the cylinder angle remained at about zero (i.e. θ ~ 0, hence 
θc/θcyl ~ 0) until a critical value of reduced-velocity Ur-crit was reached. This is a 
well known characteristic of galloping-type vibrations, and the results demonstrate 
this to be also a feature of the pivoted cylinder undergoing flow-induced vibrations 
of this type. The values of critical reduced-velocity, in splitter-plate order, were l/D 
= 0.5: Ur-crit ~ 9; l/D = 1.0: Ur-crit ~ 14; and l/D = 1.5: Ur-crit ~ 20. Hence, increasing 
the splitter-plate length resulted in larger critical Ur values (note that the structural 
properties of the different l/D cylinders are roughly equal, see Table 5-1). The 
exception was when angles to the flow approximately equal to or greater than the 
critical angle αcrit were reached for each respective splitter-plate length. In these 
circumstances the magnitude of the cylinder angle average peaks were much 
reduced–or even roughly zero–throughout a region of the lower Ur range until 
significant vibrations occurred at Ur values beyond Ur-crit for that particular splitter-
plate. For example, Ur-crit ~ 20 in the l/D = 1.5 case at α = 0 and when the swing-
plane angle to the flow was increased to 5 degrees the initiation of cylinder 
oscillations of significant magnitude was postponed to larger reduced-velocity (see 
Fig.7-13a); not until Ur ~ 37 did growth in the cylinder oscillations begin. 
For all splitter-plate lengths, when the cylinder swing-plane was perpendicular to 
the incident flow direction (i.e. α = 0) the cylinder oscillation patterns were highly 
symmetrical and centred closely about the neutral cylinder position i.e. centred 
about 𝑐 ~ 0 degrees. The symmetry of the cylinder oscillations for this setting of 
the swing-plane is clear in the cylinder angle plots and in the cylinder angle data 
histograms. In addition, the skewness values are at or close to zero (i.e. g ~ 0). As an 
example, Fig.7-14 shows the cylinder angle and cylinder angle data histograms for 
l/D = 0.5, α = 0 degrees at Ur = 20, 30 and 40 (the corresponding g values can be 
seen in Fig.7-2f). The plots of Fig.7-14 typify the nature of the cylinder response of 
all three splitter-plate lengths (i.e. l/D = 0.5, 1.0 and 1.5) when the cylinder swing-










Figure 7-14: Cylinder angle and histograms of angle data for pivoted cylinder with 
splitter-plate l/D = 0.5, α = 0 degrees at (a) Ur = 20, (b) Ur = 30 and (c) Ur = 40. 
Identification of the critical angle for each splitter-plate length was limited to 




plane angle employed in the tests. These critical angle ranges were l/D = 0.5: 10 < 
αcrit < 15; l/D = 1.0: 5 < αcrit < 10; and l/D = 1.5: 0 < αcrit < 5 indicating shorter 
splitter-plates to be more robust in terms of maintaining a strong galloping-type 
response over a wider range of non-zero angles (i.e. α ≠ 0). 
At larger swing-plane angles to the flow direction the pattern of the cylinder 
oscillations became increasingly asymmetric. This is apparent in the skewed nature 
of the cylinder angle data histograms accompanied by the corresponding skewness 
values. In all cases the asymmetry was characterised by a greater portion of the 
cylinder angle data points off to one side of neutral centre. In other words, during 
the cylinder oscillations greater than half of each cycle was spent on this side of the 
oscillation centre; and greater at higher levels of asymmetry. On the opposing side 
(the side to which the data is ‘skewed’) the shape of the cylinder angle pattern 
narrowed about the peaks with the peaks becoming more and more spiked in 
appearance in accord with the degree of asymmetry of the cylinder angular 
response. Fig.7-15 shows the growing degree of asymmetry of the cylinder angle 
response as angle of the swing-plane to the flow increases–in this example, at Ur = 30 
for the l/D = 0.5 case (corresponding plots for l/D = 1.0 and l/D = 1.5 splitter-plates 








Figure 7-15: Cylinder angle and histograms of cylinder angle data for pivoted 
cylinder with splitter-plate l/D = 0.5 at Ur = 30: (a) α = 0; (b) α = 5; (c) α = 10 and 








When sufficiently large angle to the flow of the splitter-plate for a given splitter-
plate length was reached, significant cylinder oscillations were no longer present. 
Instead, the cylinder exhibited only very small angular vibrations, centred about an 
ever-increasing angular offset with greater Ur. Unlike when the large-scale 
galloping-type motions do occur for α ≠ 0, the angular offset was now to the 
opposite side of the neutral position i.e. offset in the upstream direction θc/θcyl < 0 
(Note: θc/θcyl > 0 is offset to the low-side (downstream) of centre, and this is the side 
to which the cylinder is centred when large-scale galloping-type vibrations do occur 
for α ≠ 0). In addition, the magnitude of the angular offset consistently increased 
with increased Ur across the entire reduced-velocity range tested. A good example 
of this behaviour is the l/D = 1.5 case at α = 10 (Fig.7-13e). As the reduced-velocity 
increased the growth in the angular offset led to the cylinder offset reaching θc/θcyl ~ 
-6 at the highest reduced-velocity of the tests, Ur ~ 80. Thus, the cylinder with 
splitter-plate was exhibiting behaviour akin to an aerofoil and, like an aerofoil, the 
lift (or in this case, torque) generated as a consequence of the flow over the cylinder 
body was proportional to the square of the flow velocity. Using knowledge of the 
angular stiffness of the pivoted cylinder (kθ = 0.204N.m/degree) the net torque T 
acting on the cylinder throughout the range of flow speeds U tested was calculated 
(Fig.7-16). 
 
Figure 7-16: Torque acting on the pivoted cylinder with splitter-plate l/D = 1.5 at α 




















It is anticipated that this aerofoil-like behaviour would have also been observed 
for the shorter splitter-plates had sufficiently large swing-plane angles been tested 
in those cases. 
7.3.2 Cylinder frequency response 
There are two principal features of the oscillation frequency consistent across the 
three splitter-plate lengths tested: 1. A general decrease in the frequency of cylinder 
oscillation with increase in splitter-plate length, and 2. For a given splitter-plate 
length at non-zero swing-plane angles, relatively uniform decrease in the frequency 
as reduced-velocity increases before the frequency stabilises when a sufficiently 
large reduced-velocity is reached. 
Fig.7-17 shows the effect of splitter-plate length on the normalised frequency for 
the three different splitter-plate lengths tested at 𝛼 = 0, 5 and 10 degrees. Note that 
the inconsistent frequency (i.e. f/fn ~ 0.2-0.5) exhibited by the l/D = 1.5 case when 
set at α = 10 is due to α = 10 exceeding the limit of swing-plane angles within 
which a galloping-type response can occur for that particular splitter-plate length. 
At non-zero swing-plane angles (i.e. Fig.21b-c) it is within the range of reduced-
velocity for which the frequency is relatively stable that large-scale galloping-type 
oscillations are also occurring. Depending on the splitter-plate length and the swing-
plane angle a minimum reduced-velocity is required before this takes place, and at 
reduced-velocities below the requisite minimum the cylinder exhibits the aerofoil-
like response, as described earlier. As an example, for the l/D = 1.5 case at α = 5 the 
aerofoil-like behaviour occurred below Ur ~ 37. Then, following a period of 
transition over the range 37 < Ur < 47, the response settled into large-scale 
galloping-type oscillations (see Fig.7-13) throughout the remainder of the Ur range 
with corresponding consistency in the oscillation frequency at slightly above half 
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Figure 7-17: Frequency response of the pivoted cylinders with splitter-plates l/D = 









































Chapter 8 Angular and frequency response of pivoted rigid cylinders 
undergoing vortex-induced vibration 
8.1 Introduction 
This chapter presents the results for the experiments testing the vortex-induced 
vibration response of the bare cylinders (the full set of tested cylinder 
configurations is listed in Table 5-3). The angular and frequency response of the 
cylinders is discussed together with the influence that the torque ratio T*, the 
Reynolds number and the applied damping have on the cylinder response. 
Throughout the chapter the presented figures and discussion focus on the I* = 
0.69 cylinder results principally because it was for this cylinder (at three different T* 
settings) that the majority of the bare cylinder experiments were conducted. This 
approach is considered justified given the general features and characteristics 
exhibited by the I* = 0.69 cylinder cases were also present in the results for the 
other cylinder configurations. 
In Chapter 10 multiple linear regression analysis is applied to the experiment 
data collected for the bare cylinder tests to generate model equations with which the 
oscillation angle and frequency response (in addition to the efficiency of energy 
extraction from the cross-flow) of bare pivoted cylinders undergoing vortex-
induced vibration can be predicted. 
8.2 General features and characteristics of cylinder response 
The cylinder oscillation angular magnitude and frequency response plots for three 
different torque ratio values (T* = 1.5, 4.0 and 8.0) for the I* = 0.69 configuration 
are shown in Fig.8-1, Fig.8-2 and Fig.8-3. Each figure shows the curves for a set of 
damping ratio values. 
Overall, the general features common to each figure are: 
a. Sharp initial growth in the magnitude of the cylinder angular response θ/θcyl, 
b. A narrow region of peak angle, 
c. A distinct step-down from the peak angle followed by steady gradual 






Figure 8-1: Angular and frequency response of pivoted bare circular cylinder I* = 













































Figure 8-2: Angular and frequency response of pivoted bare circular cylinder I* = 





















































Figure 8-3: Angular and frequency response of pivoted bare circular cylinder I* = 














































e. Reduction in the oscillation magnitude throughout the entire U* range with 
increased damping ratio. The greatest effect is on the narrow region of peak 
magnitude,  
f. The oscillation wavelength (i.e. U* = U/(fD) = λ/D) at which the maximum 
magnitude in θ/θcyl occurs increased with T
*, from U* ~ 5.8 for T* = 1.50 up 
to U* ~ 6.0 for T* = 8.00 (see Fig.8-7 & Fig.8-8), and 
g. Distinct U* regions exist within which the rate of change of frequency to 
wavelength differs. 
8.3 Reynolds number dependency 
For the tests of Fig.8-1, Fig.8-2 and Fig.8-3 the same cylinder was used without any 
alterations to its geometry and mass (amount and axial distribution). These are the 
I* = 0.69 tests at the three different stiffness settings of T* = 1.50, 4.00 and 8.00. 
The only difference between these three case is the operational range of cross-flow 
velocities which equates directly to, due to the unchanged cylinder diameter in each 
case, the Reynolds number range of each experiment; the increased T* value raised 
the natural frequency of the cylinder and therefore like points in the vibration 
response range occur at a larger Reynolds number. Through comparison of the T* = 
1.50, 4.00 and 8.00 tests at equal damping ratio for the I* = 0.69 cylinder the effect 
of Reynolds number on the vibration response can be considered in isolation. 
Firstly, the frequency response of the I* = 0.69 case at different stiffness and, 
consequently, different Reynolds number range is considered. For each of the three 
stiffness settings T* = 1.50, 4.00 and 8.00, that collectively span the range 2.2x103  
Re  2.0x104, the frequency responses exhibited a near linear increase as the cross-
flow velocity was increased up until the onset of the U* region marked IV (Fig.8-4–
8-6; Regions I-IV are discussed in 8-6 Regions I, II, III and IV of the cylinder 
response). There is no evidence of the Reynolds number influencing the frequency 
response of the cylinder. However, this is not the case in regard to the magnitude of 






Figure 8-4: Frequency response relative to change in the crossflow velocity. I* = 
0.69, T* = 1.50. Damping ratio varies. 
 
 
Figure 8-5: Frequency response relative to change in the crossflow velocity. I* = 
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Figure 8-6: Frequency response relative to change in the crossflow velocity. I* = 
0.69, T* = 8.00. Damping ratio varies. 
As can be seen in Fig.8-7 and Fig.8-8 the Reynolds number has a marked effect 
on the magnitude of the cylinder oscillation, shifting the entire response to higher 
U* and increasing the magnitude of the cylinder angular oscillations (i.e. to greater 
θ/θcyl). Furthermore, the relationship between the Reynolds number and the 
oscillation magnitude is demonstrated in Fig.8-9 to be nonlinear and 
monotonically increasing. The trends of Fig.8-9 suggest that for the I* = 0.69 case 
even greater maximum oscillation angles are to be anticipated at Reynolds numbers 
that exceed the limits tested herein. Increase in the oscillation magnitude cannot, of 
course, occur indefinitely and the profiles suggest an upper limit in magnitude may 
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Figure 8-7: Reynolds number effect on the cylinder angular response. ζ = 0.05, I* = 
0.69. T* = 1.5: 2.4x103  Re  1.1x104; T* = 4.0: 5.1x103  Re  1.9x104; and T* = 
8.0: 9.2x103  Re  1.5x104. 
 
Figure 8-8: Reynolds number effect on the cylinder angular response. ζ = 0.10, I* = 
0.69. T* = 1.5: 2.4x103  Re  1.1x104; T* = 4.0: 5.2x103  Re  1.9x104; and T* = 
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Figure 8-9: Effects of Reynolds number and damping ratio ζ on peak angular 
magnitude of the I* = 0.69 pivoted cylinder undergoing vortex-induced vibration. 
Table 8-1: Reynolds number at the operating point of peak magnitude of angular 
vibration for the cases of Fig.8-10. 
I* 0.69 0.69 0.69 0.69 0.86 1.17 1.17 
T* 1.5 1.5 4.0 8.0 5.50 6.50 9.35 
ζ 0.048 0.062 0.045 0.046 0.055 0.076 0.059 
Re (x104) 0.46 0.45 0.88 1.31 1.00 0.57 0.68 
In addition to the I* = 0.69 case, the I* = 1.17 cylinder was also tested at different 
natural frequency (i.e. different stiffness T* = 6.50 and 9.35) and thereby across a 
higher or lower Reynolds number range. As for the I* = 0.69 cylinder, the 
dependence of the magnitude of angular oscillations on the Reynolds number was 






















Figure 8-10: Effect of Reynolds number and the inertia ratio on the magnitude of 
cylinder oscillations. Peak amplitude trends: –– I* = 0.69, - - - I* = 0.86 (tentative) 
and – · – I* = 1.17 (tentative). 
The apparent trend in the magnitude of the angular vibrations asymptotically 
approaching maximum values at Re ~ 2-3x104 is distinctly comparable to the 
Reynolds number dependency established for the critical mass associated with the 
classical case of the cylinder oscillating with uniform spanwise amplitude. This 
dependency was discussed in 3.8.2 Critical mass ratio m*crit and the Reynolds 
number. As is the case herein for the angular response of the pivoted cylinders the 
critical mass also is known to change within the range Re < ~2-3x104, 
asymptotically increasing up to a maximum value of m*crit ~ 0.54 reached at Re ~ 
1.5x104 (see Morse and Williamson, 2009a). Thus, as is also argued for the critical 
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vortex shedding as the Reynolds number is increased toward the upper-subcritical is 
the likely cause of the increase in the angular magnitude of the pivoted cylinder 
response observed herein. 
In addition to the Reynolds number dependency the magnitude of oscillation is 
clearly sensitive to the inertia of the system and larger magnitude of angular 
vibration is apparent at the smaller inertia ratio values (Fig.8-10). The degree of this 
dependency on the inertia ratio is determined in the model equations obtained in 
section 10.2 through application of the multiple linear regression technique to the 
bare cylinder response data. It will also be seen that the inertia ratio is a governing 
parameter for the energy extraction efficiency of the bare cylinder case (see 9.4 
Cylinder without splitter-plate: VIV and 11.4 Inertia ratio I* effect). 
8.4 Influence of applied damping 
The effect of damping is to diminish the magnitude of the cylinder angular 
oscillations (see e.g. Fig.8-1–Fig.8-3 & Fig.8-9). This effect is most evident within 
the narrow U* band containing the larger magnitude responses. As Fig.8-1 shows, 
for a damping ratio of ζ ~ 0.3 the upper peaks were almost no longer present in the 
cylinder response. Thus, the increased damping is seen to have a similar effect on 
the profile of the pivoted cylinder vibration response as is known to occur for 
translating cylinders (see e.g. Klamo et al., 2006). 
8.5 Overall effect of Reynolds number and damping ζ 
The results demonstrate that in regard to the magnitude of the cylinder oscillations 
the influence of the Reynolds number and the damping ratio are effectively in 
opposition: Re works to enhance the magnitude; ζ to reduce the magnitude. The 
reasons are most likely to be found in the feedback-loop between the cylinder 
motion and the characteristics of the vortex shedding. At the onset of the 
synchronisation region ongoing increase in the magnitude of the cylinder 
oscillations affects the qualitative features of the vortices and amplify the vortex 
shedding strength. Similarly, the enhanced development of the boundary layer flows 
and the strengthened vortex shedding known to occur for the fixed circular cylinder 




to be a factor leading to increased fluid forcing of the oscillating pivoted cylinder 
resulting in greater peak-to-peak vibration magnitude. If the growth of the 
oscillations at the onset of synchronisation is then reduced owing to energy being 
removed from the system through the applied damping, then the effect of vortex 
strength enhancement through the cylinder motion must be lessened. Consequently, 
the peak oscillation magnitude must be reduced. As stated in the Introduction, it 
was not within the scope of the present study to investigate the flow dynamics of 
the near-field and in the immediate wake of the tested cylinders. It is left to future 
inquiry to identify the state of the boundary layers and wake flow for the pivoted 
cylinder undergoing vortex-induced vibrations at different Reynolds number, 
particularly throughout the mid- to upper-subcritical regime, and to thereby evaluate 
from a hydrodynamic basis the reasons for the observed Reynolds number 
dependency of the oscillation magnitude of the cylinder.  
The peak average cylinder oscillations for the full range of bare cylinders tested 
(see Table 5-3) are presented in Fig.8-11. In each particular case the magnitude of 
the cylinder angular response is a function of the Reynolds number, the inertia ratio 






Figure 8-11: Peak average cylinder angular magnitude of the bare pivoted cylinders 
undergoing VIV. Reynolds number range of data: I* = 0.69: T* = 1.50: 3.5x103  Re 
 4.5x103, T* = 4.00: 6.4x103  Re  8.3x103, T* = 8.00: 1.1x104  Re  1.3x104; I* 
= 0.86: T* = 5.50: 9.7x103  Re  1.0x104; I* = 1.17: T* = 6.50: 5.4x103  Re  
5.7x103, T* = 9.35: Re = 6.8x103. 
8.6 Regions I, II, III and IV of the cylinder response 
In this section the cylinder response plots are demarcated by transitions from one 
identified region to another within which the character of the cylinder response is 
identified to be significantly different. The plots are marked by near-vertical curves 
corresponding to points of transition in the response from an approximately 
constant rate of change in frequency f/fn to U
* to another. The regions separated by 
the transition lines are labelled I, II, III and–where apparent owing to sufficiently 
high reduced-velocity being obtained in the tests–IV. 
The transitions from region to region are most clearly depicted in the response 
plot of the I* = 0.69 and T* = 4.00 case (Fig.8-2) and this figure is frequently 
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As mentioned, each region exhibits a different rate of change in frequency f/fn to 
U* ratio i.e. a different (∆𝑓/𝑓𝑛)/∆𝑈
∗. In Fig.8-2 the estimated rates of change 
corresponding to the transition separated regions are: 
 Region I:    (∆𝑓/𝑓𝑛)/∆𝑈
∗~0.4  (line a). 
 Region II:   (∆𝑓/𝑓𝑛)/∆𝑈
∗~0.7  (line b). 
 Region III:  (∆𝑓/𝑓𝑛)/∆𝑈
∗~0.4  (line c). 
 Region IV:  (∆𝑓/𝑓𝑛)/∆𝑈
∗~1.5  (line d). 
In both Regions I and III, the increase in oscillation wavelength occurs with the 
least amount of change in oscillation frequency. Region IV exhibits the largest 
change in frequency with dimensionless wavelength. This character of Region IV is 
coupled to the fact that the cylinder oscillation undergoes very little change in 
dimensionless wavelength (i.e. change in U*) when the cross-flow velocity U is 
further increased within Region IV (see Fig.8-12). 
When considering the location of the II-III transition it is particularly noteworthy 
that it corresponds to the step-down change in the oscillation magnitude from the 
peak down to the beginning of the more moderate magnitudes (see e.g. Fig.8-1). This 
 
Figure 8-12: Frequency and oscillation wavelength of pivoted cylinder undergoing 
vortex-induced vibration. I* = 0.69, T* = 4.00, ζ = 0.09. 
significant change in the oscillation magnitude from Region II to III and, 
































is very likely attributable to the characteristic of the fluid/structure interaction 
undergoing acute changes from region to region. Furthermore, for Regions I and III 
the equal values of (∆𝑓/𝑓𝑛)/∆𝑈
∗ are not considered to be incompatible with the 
notion that the two regions may share the same dominant mode of vortex shedding 
along the cylinder length. 
8.6.1 Similarity to branch transitions of translating cylinders 
Studies investigating the flow structures in the wake of translating (in contrast to 
pivoted) circular cylinders have identified the existence of differing vortex shedding 
patterns which correspond to particular regions of the vibration response. This topic 
was addressed earlier in Chapter 3, and the two main vortex shedding patterns (2S 
and 2P) and the regions they correspond to were presented in Fig.3-5 and Fig.3-4, 
respectively. Referring to these figures, the 2S mode of shedding occurs in the 
initial branch of the response and is then followed by transition to the 2P mode. 
Furthermore, the initial-upper transition occurs prior to the peak amplitudes being 
reached (see Fig.3-4). It is notable that in the present work the location of the 
observed I-II transition for the experimental pivoted cylinders is prior to the peak 
magnitude of oscillation angle occurring. Is this behaviour for the pivoted cylinder 
therefore attributable to a similar event as the 2S-2P transition in the translating 
cylinder case? To confirm or reject the assertion would require study of the vortex 
shedding patterns along the full length of the pivoted cylinder prior to and after the 
I-II transition. However, it was not within the scope of the present work to analyse 
the flow in the immediate wake region of the cylinders. 
A similar statement to that above can be made regarding the III-IV transition 
observed in the present work. In the event that Region IV was observed to occur in 
the experiments (limits in the experiment apparatus prevented sufficient U* being 
reached for the higher T* tests) the cylinder response was highly irregular in angular 
magnitude from cycle to cycle and characterised by intermittent periods of small 
magnitude (see e.g. Fig.8-14c). The structure of the vortex shedding corresponding 
to this cylinder oscillatory behaviour is anticipated to be manifestly irregular. 
Therefore, to ascribe to it any clear and repeating pattern description is likely to be 




exhibits some characteristics not dissimilar to the latter part of the response of 
translating cylinders (as shown in Fig.3-4 with the zone description ‘no observed 
synchronized pattern’). 
The nature of the cylinder behaviour just described for Region IV is best 
appreciated by plotting not only the average values of the oscillation magnitude but 
also the minimum and maximum values (when talking about average, minimum and 
maximum values, these are those obtained during a complete run traversing the full 
length (i.e. 33m) of the test tank). These features are presented in Fig.8-13 to 
provide an example which typifies the nature of the observed angular response in all 
the pivoted bare cylinder experiments undertaken. Note that in Fig.8-13 the 
standard reduced-velocity Ur = U/(fnD) is used as the x-axis parameter instead of 
U*. This avoids the last 5 data points of the particular test presented from plotting at 
roughly the same x-axis alignment–as occurs when plotting against U*–due to the 
minimal change in oscillation wavelength that occurred for these points of the 
Region IV zone (see Fig.8-2). Note that the extent of the angular difference between 
the maxima and minima was lessened when tests were conducted at higher stiffness 









Figure 8-13: (a) Maximum, average and minimum peaks; and (b) Squared peak-
to-mean difference ξ of cylinder oscillations for pivoted cylinder undergoing VIV. 
I* = 0.69, T* = 4.00, ζ = 0.11. 
Curves for the periodic angular responses corresponding to the points indicated 
in Fig.8-13 (marked squares) are shown in Fig.8-14. Within the various regions of 
the response (i.e. regions I, II, III and IV) the relationship that exists between the 
nature of the angular response (which ranges from closely sinusoidal to highly 
irregular), the spacing between the maximum and minimum peaks and the value of 
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Figure 8-14: Oscillation cycles for the data of Fig.8-13 in (a) Region I (U* = 5.5/Ur 
= 5.0); (b) Region II (U* = 5.7/Ur = 6.5); (c) Region III (U
* = 6.3/Ur = 8.7); and (d) 
Region IV (U* = 7.0/Ur = 12.5) for pivoted cylinder, I
* = 0.69, T* = 4.00, ζ = 0.11. 
As an exercise, the theory provided by Govardhan and Williamson (2000) for 
translating cylinders regarding the frequency relationships at the points of vortex 
shedding mode transitions is applied to the present pivoted cylinder case I* = 0.69, 








































- Initial-upper branch transition coincident with 
𝑓
𝑓𝑛𝑤
  ~1, and 
- Upper-lower branch transition coincident with 
𝑓
𝑓𝑛−𝑣𝑎𝑐𝑢𝑢𝑚
  ~1. 
For the I* = 0.69, T* = 4.00, ζ = 0.11 experiment the analytic natural frequencies 
are: 
- fnw (Ca = 1) = 0.70Hz, and 
- fn-vacuum = 1.08 Hz (calculated using kθ maintained at the value corresponding 
to when the cylinder is submerged in water). 
In Table 8-2 the reduced-velocities U*(f ~ fnw) and U
*(f ~fn-vacuum) corresponding 
to the points when the cylinder oscillation frequency f was f ~ fnw and f ~ fn-vacuum, 
respectively, are presented together with the observed I-II and III-IV transition 
points (see Fig.8-13) for the I* = 0.69, T* = 4.00, ζ = 0.11 experiment. 
Table 8-2: Predicted points of vortex shedding mode transitions for a translating 
cylinder possessing natural frequencies in air and water equal to the M* = 0.21, I* = 






U*      
(Fig.8-13) 
 fnw   
(Hz) 
U*(f ~ fnw) 
fn-vacuum 
(Hz) 
U*(f ~ fn-vacuum) 
I-II 0.66 5.6  
0.70 5.7 1.08 7.0 
III-IV 1.02 7.0  
As can be seen in Table 8-2 at the I-II and III-IV transitions the frequency of the 
pivoted cylinder oscillations is–to a good approximation–equal to the natural 
frequency of the system in water and in a vacuum, respectively (consider also the 
corresponding U* values). This suggests that the link between the natural 
frequencies of the system and the predicted points of branch transitions ascribed by 
the translating (uniform amplitude) cylinder theory can be useful in predicting the 
locations of the I-II and III-IV region transitions of the pivoted cylinder case. This 
is despite the inherent non-uniformity of the cylinder amplitude along its axis and 
the potential for this to affect various aspects of the vortex shedding along the 




length and phase at different axial positions. Perhaps larger angular oscillation 
magnitudes than any observed in the present study are necessary for the cylinder 
oscillation frequencies at the region transitions (i.e. I-II and III-IV)–if they do still 
occur–to no longer be well predicted using knowledge of the natural frequencies of 
the cylinder in water and in vacuo.  
As stated in the Introduction, the focus of the present study is on the body 
dynamics and energy extraction through applied damping, and not on the 
characteristics and features of the cylinder wake. Clearly, therefore, it is outside the 
scope of the present experiment results to clarify whether or not the changes in the 
slope of the frequency/wavelength ratio (i.e. the changes in (∆𝑓/𝑓𝑛)/∆𝑈
∗) observed 
to occur at the identified region transitions are directly associated with switching 
from one dominant vortex shedding mode along the cylinder to another. However, 








Chapter 9 Energy extraction performance of pivoted circular cylinders with 
and without splitter-plates 
9.1 Definitions of efficiency 
Various definitions exist that are valid for evaluating the performance efficiency of 
devices extracting energy from fluid flows. These different definitions all base the 
measure on often dissimilar parameters or properties of the device and hence their 
use for accurate and fair comparisons across a variety of devices can be 
problematic. Consequently, the most appropriate definition for use in regard to a 
particular device type is not always clear or widely agreed upon. An example in 
renewable energy technology where this is not the case is the widely accepted 
performance measure the ‘coefficient-of-performance Cp’ used for wind turbines: 
Cp is based on the flow energy incident on the total area covered by the ‘sweep’ of 
the turbine blades. 
In the present work, the energy extraction performance of the different 
experiment cylinders is reported using two measures of efficiency. The first is the 
ratio of the RMS power extracted PRMS by the PTO (eddy-current damper) to the 
time-rate of flow energy incident on the frontal-area of the cylinder alone, and is 
denoted εfr. Throughout, εfr is referred to generally as the ‘efficiency’. In the second 
efficiency measure, given the notation εfr-s, the ratio is PRMS relative to the time-rate 
of flow energy incident on the combined area made up of the area swept by the 
cylinder axis during cylinder vibrations plus the cylinder frontal-area. Therefore, εfr-s 
is effectively the same measure as the coefficient-of-performance employed for wind 
turbines. In the present work, the notation Cp is used, however, it is reserved for 
referring to the peak value of εfr-s obtained in the experiments. 
In accordance with the above definitions, the energy extraction efficiency is 
expressed as 





3 ,              (9-1) 
where PRMS is the root-mean-square value of the power extracted by the power-take-




𝐴 is either the frontal-area of the cylinder only or both the frontal-area of the 
cylinder plus the area swept by the cylinder axis between Lsh and Lend, where 
appropriate (m2). 
For εfs-s the area term A in the efficiency equation Eq.9-1 is defined by 
𝐴 = (𝐿𝑒𝑛𝑑
2 − 𝐿𝑠ℎ
2 ) 𝑐𝑦𝑙 (
𝜃
𝜃𝑐𝑦𝑙
) + 𝐷(𝐿𝑒𝑛𝑑 − 𝐿𝑠ℎ)   (m
2).        (9-2) 
This definition (Eq.9-2) for the swept-area is employed in the section that 
follows to define the efficiency based on the flow energy incident on the swept-area 
i.e. εfr-s. 
It is important to note that the measures of efficiency herein relate to the 
secondary stage of energy extraction. That is, they quantify the amount of energy 
extracted from the kinetic energy of the cylinder undergoing vibrations relative to 
the amount of incident flow energy–not simply the effectiveness with which 
incident flow energy is transformed into motion of the cylinder alone. 
9.2 Parameterisation of efficiency equation 
Attention now turns to recasting the efficiency expression from the general form of 
Eq.9-1 into one that allows the measured values of the cylinder response during 
experiments to be substituted directly. In doing so, not only is an equation arrived at 
that is useful for checking the efficiency obtained in experiment work but, 
additionally, insight is gained into the interrelationships between the various 
parameters that constitute the structural properties and those that are measures of 
the vibration response of the pivoted cylinder system. 
As a starting point for this procedure the angular oscillations of the cylinder are 
presumed to follow a sinusoidal profile (this assumption is assessed and validated in 
section 9.3.2 for the 1-sided and the 2-sided splitter-plate cases and in 9.4.2 for the 
bare cylinder case). Based on this assumed nature of vibration the cylinder angle 
and angular velocity are then expressed 
= 𝑝𝑒𝑎𝑘 𝑠𝑖𝑛(2𝜋𝑓𝑡), and (9-1) 
̇ = 2𝜋𝑓 𝑝𝑒𝑎𝑘 cos(2𝜋𝑓𝑡),        (9-4) 




In accord with the linear damping employed throughout the laboratory 
experiments with damping coefficient cθ, the instantaneous output power can be 
written as 
𝑃 = 𝑇𝜔 
⇒ 𝑃 = ̇𝑐𝜃 ∙ ̇  
⇒ 𝑃 = ̇ 2𝑐𝜃    (W).        (9-5) 
Then combining Eq.9-4 and Eq.9-5 and formulating the integral to determine the 
RMS value gives, 
     𝑃𝑟𝑚𝑠 = √
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⇒ 𝑃𝑟𝑚𝑠 = 𝑐𝜃√
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Addressing the integral within the square-root ∫ (cos(2𝜋𝑓𝑡))4
𝑇
0
𝑑𝑡 results in 
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2 𝑐𝜃   (W).           (9-6) 
For the majority of experiments conducted throughout the present work the 
magnitude of the cylinder angular excursions at the operating point of peak 
efficiency were limited to no larger than 5 degrees either side from centre. The 
single exception was the 1-sided, D = 90mm, l/D = 0.5 splitter-plate experiments with 
small cylinder aspect ratio of Lend/D = 12.1. Examples of the average angular peak at 
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1.17 9.4 0.06 1.33 
1-sided 0.5 12.1 0.29 1.28 0.05 14.4 
1-sided 0.5 28.1 0.61 2.91 0.11 4.73 
1-sided 1.0 28.1 0.44 2.80 0.05 2.15 
1-sided 1.0 28.1 0.40 2.08 0.02 1.24 
2-sided 0.6 27.3 0.97 3.41 0.03 1.45 
2-sided 0.9 26.2 1.07 5.20 0.01 1.30 
 
In addition, the applied damping torque was directly proportional to the angular 
velocity of the cylinder motion i.e. T ∝ ̇ , as to be expected from the eddy-current 
principle of magnets moving in proximity to a conductor (see e.g. Weinberger, 
1977; Nagaya et al., 1984; Tonoli, 2007; Ebrahimi et al., 2008). Hence, owing to 
this, together with the aforementioned small-angle excursions of the cylinders in the 
majority of cases, the system was justifiably considered a linear dynamic system. 
Note that for the 1-sided, l/D = 0.5, Lend/D = 12.1 case of Table 9-1 that tan(θ(εfr-
peak))/θ(εfr-peak) = 1.02, and therefore a linear approximation of even this relatively 
large oscillation angle case is reasonable. 
The damping coefficient is expressed 
𝑐𝜃 = 2√𝑘𝜃(𝐼 + 𝐼𝑎)      (N.m.s/rad).  (9-7) 
Combining Eq.9-6 and Eq.9-7 results in 
𝑃𝑟𝑚𝑠 = 2√6𝜋
2𝑓2 𝑝𝑒𝑎𝑘
2 √𝑘𝜃(𝐼 + 𝐼𝑎)      (W).  (9-8) 








 .  (9-9) 
Before proceeding further, the following list of functional identities is provided. 

























2 = 𝜌𝑓 
𝜋𝐷2
4
 (𝐿𝑒𝑛𝑑 − 𝐿𝑠ℎ)𝑟𝑔𝑦







2  . 
Throughout the following derivation the term f is taken to be the frequency with 
which the cylinder oscillates at the operating point of peak efficiency. 
































































































and the final steps require the area A term that corresponds to the efficiency based 
on the cylinder frontal-area or that based on the cylinder frontal-plus-swept-area to 
be included. Considering first the efficiency based on the flow energy incident on 
the cylinder frontal-area i.e. where A = D(Lend - Lsh) the obtained form of the 
efficiency equation is 
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3  .  (9-10) 
Similarly, the efficiency based on the flow energy incident on the sum of the 
cylinder frontal-area and swept-area is expressed as 




















    




















.  (9-11) 
It must be emphasised that the value of the oscillation frequency f used to 
calculate the f˜ and Ur terms in Eq.9-10 and Eq.9-11 is, respectively, the frequency 
corresponding to the operating point at which εfr and εfr-s occur. This is unimportant 
for the cylinders with 1-sided splitter-plate as the frequency for that configuration is 
a constant, independent of the cross-flow velocity. However, this is not the case for 
the cylinders with 2-sided splitter-plate configuration or for the bare cylinders 
undergoing VIV; both cases exhibit changing oscillation frequency with change in 
the cross-flow velocity (for the cylinders with 2-sided splitter-plate, see 6.2.2 
Frequency response, and for the bare cylinder case, see 8.2 General features and 





9.3 Cylinders with 1-sided and 2-sided splitter-plates 
The magnitude of the energy extraction efficiency in the laboratory experiments 







,  (9-12) 
where the Prms term in the numerator is the RMS power (see Eq.9-6) removed from 
the oscillatory system via the radial eddy-current damper. To calculate εfr-s for the 
experiments the numerator of Eq.9-12 was modified in accordance with Eq.9-1. 
9.3.1 Efficiency results of laboratory experiments 
The energy extraction efficiency results of the experiments for the pivoted cylinders 
with 1-sided and 2-sided splitter-plates are now discussed. For both splitter-plate 
configurations peaks in the efficiency data were observed. The dimensionless 
wavelength U* at which the peaks occurred differed between the 1-sided and 2-
sided cases. For the cylinders with 1-sided splitter-plate, the efficiency based on the 
flow energy incident on the area swept by the cylinder (i.e. εfr-s) was observed to 
reach a peak at significantly shorter dimensionless wavelength than that based on 
the flow energy incident on the cylinder frontal-area (i.e. εfr). For the 2-sided 
configuration this was not observed and both εfr and εfr-s peaked at roughly the same 
U*, as was also found to be the case for the bare cylinders undergoing VIV (see 9.4 
Cylinder without splitter-plate: VIV). 
Cylinders with 1-sided splitter-plates 
The extracted power and efficiency curves are shown in Fig.9-1 alongside the curve 
for the average angular magnitude for the cylinder with 1-sided splitter-plate of 
length l/D = 0.5 with I* = 0.66 and ζ = 0.039. In the figure, the general shape of the 
efficiency profiles and additionally the U* distributions of both the extracted power 
and the efficiency curves relative to the θ/θcyl curve is identical to that exhibited by 
all of the 1-sided l/D = 0.5 and l/D = 1.0 splitter-plate experiments for which the 
energy extraction efficiency was investigated.  
Considering first the Fig.9-1 data for the l/D = 0.5 case the main features are: 
- In terms of the growth in the angular response, there are clearly two distinct 




which the growth rate in the angular response is different. In each region the 
growth appears linear in U* and the largest rate of growth in angle occurs for 
U* > 15 (this dual growth-rate characteristic is due to vortex formation 
length-scale effects improving the lift performance of the l/D = 0.5 cylinder 
cross-section at low Reynolds numbers up to a limit of Re ~ 8x103. See 6.2.1 
Angular response), 
- The U* range of the efficiency curve for the energy extraction efficiency 
based on the frontal plus swept-area of the cylinder is centred about lower 
U* than is the curve for the efficiency based on the frontal-area of the 
cylinder. Correspondingly, peak εfr-s occurs at lower U
* (i.e. a shorter 
dimensionless oscillation wavelength) than peak εfr, with U
* ~ 15 and U* ~ 20 
for peak εfr-s and εfr, respectively. Hence, 𝑈 𝑓𝑟−𝑠
∗ /𝑈
𝑓𝑟
∗ ~ 3/4, 
- Peak εfr-s is less than peak εfr. In general, for the l/D = 0.5 experiment cases 
εfr-s ~ ⅓εfr. 
 
Figure 9-1: Angular magnitude, RMS extracted power, εfr and εfr-s for cylinder with 































Figure 9-2: Angular magnitude, RMS extracted power, εfr and εfr-s for cylinder with 
1-sided splitter-plate l/D = 1.0. I* = 0.40, T* = 2.08, ζ = 0.020. 
For the longer 1-sided splitter-plates at l/D = 1.0 the efficiency and RMS power 
curves are shown in Fig.9-2 alongside the angular response, all for the I* = 0.40, T* 
= 2.08, ζ = 0.020 configuration. The depicted response and efficiency curves are 
highly representative of those obtained for all the 1-sided l/D = 1.0 experiments. A 
notable difference of the l/D = 1.0 case depicted in Fig.9-2 to the shorter splitter-
plate configuration of Fig.9-1 however is the absence of the discontinuity in the 
magnitude of the angular oscillations. This characteristic is also observed for the l/D 
= 1.0 case–albeit to a somewhat lesser degree–provided the Reynolds number is less 
than Re ~ 5x103, which is not the case for the experiment of Fig.9-2 (again, see 
6.2.1 Angular response for discussion on the vortex formation length-scale effect on 
the vibration response of the cylinders with 1-sided splitter-plate). Consequently, 
for l/D = 1.0 case the trend in θ/θcyl appears linear in U
* for U* greater than that 
corresponding to the onset of the galloping-type oscillations. This response 
behaviour manifestly underlies the shape of the extracted power curve. 
It can be seen that the nature of the two efficiency curves εfr and εfr-s as shown in 
Fig.9-2 is similar to the shorter splitter-plate length l/D = 0.5. Again, peak εfr-s is 
less than peak εfr, in this case εfr-s ~ ⅜εfr, and once again the ratio 𝑈 𝑓𝑟−𝑠
∗ /𝑈
𝑓𝑟



































∗ = 20.8 and 𝑈
𝑓𝑟
∗ = 27.8). The greater values of U* for the l/D = 1.0 case at the 
peak efficiencies demonstrates that at the greater splitter-plate length the 
wavelengths at the same points relative to the overall cylinder response are longer. 
Therefore, the ratio of cross-flow velocity to the cylinder oscillation frequency (i.e. 
the ratio U/f) is larger in the longer splitter-plate case (this is due to the increased 
added inertia associated with the longer splitter-plate, see 9.3.4 Added inertia 
coefficient and the reduced-velocity at peak efficiency operating point). 
Furthermore, the magnitude of the oscillation angle at the peak efficiency points is 
less for the longer splitter-plate configuration. Hence, considered together these two 
points explain the better energy extraction efficiency performance of the shorter 
splitter-plate configuration; the shorter splitter-plate case has both greater 
magnitude of angular motion and greater oscillation frequency relative to the cross-
flow velocity (i.e. shorter cylinder oscillation wavelength). 
Cylinders with 2-sided splitter-plates 
The efficiency curves for the cylinders with 2-sided splitter-plates exhibit clear 
peaks. For the l/D = 0.6 length the dimensionless oscillation wavelengths are U* ~ 
9.5 and U* ~ 9.2 at peak εfr and εfr-s, respectively (Fig.9-3). This almost equal U
* at 
peak εfr and εfr-s was also observed for the other experiment 2-sided cases at shorter 
length. Table 9-2 shows the U* values at peak εfr and εfr-s averaged across the full set 
of tests conducted. In this way, the U* alignment of the efficiency curves is similar 
to that for the bare cylinder case in the sense that the peaks in εfr and εfr-s also occur 
at roughly the same operating point; at U* ~ 5.5-6.0 for the bare cylinder depending 
on the values of T* and ζ (see 9.4.3 Energy extraction performance dependency on 
structural parameters). This behaviour is not a feature of the cylinders with 1-sided 




∗  ~ ¾ consistently. 
For the longer splitter-plate cases (l/D = 0.9 and l/D = 1.0) of the 2-sided 
configuration there is some drift away from the equal U* behaviour. 
Irrespective of the splitter-plate length, throughout all the cylinder with 2-sided 
splitter-plate lengths the efficiency based on the flow energy incident on the frontal 
plus swept-area of the cylinder was consistently about half that based on the 




Fig.9-3a to Fig.9-3b for the 2-sided l/D = 0.6 case at various damping ratio or 
through comparison of the appropriate data points of Fig.9-7 and Fig.9-8. 
Table 9-2: Dimensionless oscillation wavelength of the cylinders with 2-sided 
splitter-plates at the operating points of peak εfr and εfr-s. 
l/D 0.4 0.5 0.6 0.9 1.0 
U* at peak εfr 8.0 9.0 9.5 13.0 15.0 






Figure 9-3: Energy extraction efficiency of the experiment cylinder l/D = 0.6, I* = 



































Figure 9-4: Energy extraction efficiency εfr of the cylinders with 2-sided splitter-
plate at constant ζ = 0.026. 
 
Figure 9-5: Energy extraction efficiency εfr-s of the cylinders with 2-sided splitter-
plate at constant ζ = 0.026. 
As examples of the effect of T* and l/D on the energy extraction efficiency of the 
cylinders with 2-sided splitter-plate the results at ζ = 0.026 for the lengths l/D = 0.4, 
0.5, 0.6, 0.9 and 1.0 are shown in Fig.9-4 and Fig.9-5. As the splitter-plate length is 
increased a gradual migration toward larger dimensionless oscillation wavelength 








































efficiency is severe as splitter-plate length is lengthened from l/D = 0.4 to l/D = 0.5; 
a step down from peak εfr ~ 0.033 to 0.025 (Fig.9-4) and from εfr-s ~ 0.017 to 0.012 
(Fig.9-5). However, the efficiency decrease is less severe with further increase in 
l/D (the apparent contradiction of the l/D = 0.6 case is addressed shortly). 
Additionally, the U* bandwidth of the efficiency curves is increased as the splitter-
plate length is lengthened. This outcome is a direct result of the distributions across 
U* of the oscillation magnitude of the different splitter-plate length cases (see 6.2.1 
Angular response). The unfortunate consequence is that the splitter-plate length 
delivering the better efficiency performance (i.e. l/D = 0.4) is more sensitive to 
changes in the cross-flow velocity than the longer, poorer efficiency performing 
splitter-plate lengths. 
As mentioned, there is an apparent contradiction of the l/D = 0.6 case in regard 
to the aforementioned trends in the magnitude of the efficiency as splitter-plate 
length increases (the trend in U* location is consistent with the other cases). Judging 
by the trends of Fig.9-4 and Fig.9-5 one would expect efficiency values for l/D = 
0.6 of εfr ~ 0.020 and εfr-s ~ 0.011. However, this is not the case and the efficiencies 
clearly exceed these values. The larger than anticipated efficiency appears to be 
associated with the lower T* of the l/D = 0.6 case compared to the other l/D which 
all have a T* value of roughly 5. 
It was postulated in an earlier section of this work that the vortex formation 
length-scale effect that occurs at low Reynolds numbers was suspected of 
enhancing the oscillation magnitude of the 1-sided splitter-plate configuration when 
operating below Re ~ 8x103 and Re ~ 5x103, respectively, for the l/D = 0.5 and l/D 
= 1.0 lengths. It is noteworthy that for the different length 2-sided splitter-plate 
cases (Fig.9-4 & Fig.9-5) a significant portion of the responses were conducted at 
Reynolds numbers less than Re = 1x104, and none more so than the l/D = 0.60 case 
(see Fig.9-6) due to equivalent U* operating points coinciding with slower cross-
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Figure 9-6: The vibration (a) angular θ/θcyl and (b) frequency f response, (c) time-
averaged rate of energy extraction ?̅? and energy extraction efficiencies (d) εfr-s and 
(e) εfr for the cylinder with 2-sided splitter-plate l/D = 0.6 at T





















































Attention now turns to the highest efficiency obtained across the U* range of 
each of the undertaken cylinder with splitter-plate experiments, both 1-sided and 2-
sided configurations. Fig.9-7 and Fig.9-8 show the peak efficiency data, 
respectively, for εfr and εfr-s. Overall, provided l/D2-sided < ~2(l/D1-sided) the trend at 
any given value of the damping ratio is for the energy extraction efficiency 
performance of the 2-sided splitter-plate configurations to exceed that of the 1-sided 
cases. This outcome is best considered with respect to the parameter that provides a 
measure of the time-averaged torque (lift) performance of the cylinders, b1 (see 
Eq.9-14). At the point where l/D2-sided = ~2(l/D1-sided) the time-averaged torque (lift) 
performance of the cylinders with 2-sided splitter-plates equals that of the 1-sided 
configurations and is less than the 1-sided case if l/D2-sided is further increased (see 
Fig.9-10). As an example of l/D2-sided < ~2(l/D1-sided) consider the 2-sided, l/D = 0.5, 
I* = 0.98, T* = 5.2 case against the 1-sided, l/D = 0.5, I* = 0.29, T* = 1.3 
configuration. It is clear in both Fig.9-7 and Fig.9-8 that the energy extraction 
efficiency of the 2-sided case is superior. To demonstrate the outcome when l/D2-
sided = ~2(l/D1-sided) it is seen for the 2-sided, l/D = 1.0, I
* = 1.14, T* = 5.2 case and 
the 1-sided, l/D = 0.5, I* = 0.29, T* = 1.3 configuration that the trend in the 
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Figure 9-8: Energy extraction efficiency at peak εfr-s (i.e. Cp) of cylinders with 1-
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M*=0.46, I*=1.07, T*=5.2, Lend/D=26.2, 2-sided, l/D=0.9




Following Sorribes-Palmer & Sanz-Andres (2013) and modifying their 
parameter to accord with the pivoted cylinder architecture, a parameter can be 
obtained with which to assess the time-averaged torque (lift) performance of a rigid 






 .  (9-13) 
Eq.9-13 is a measure of the torque performance associated with the cross-
sectional shape of the cylinder, analogous to the lift performance of a body 
constrained to uniform motion along its span. From this point on, while 
acknowledging that the torque is ultimately the net product of the lift generated 
locally at the various regions along the cylinder span, the b1 parameter is referred to 
as the torque performance parameter. In the context of extracting energy from a 
cross-flow, high values of b1 are desirable. This is evident when considering the 
expression for the efficiency based on the RMS extracted power when written to 









 𝑏1.  (9-14) 
For a cylinder with given geometry and structural properties the set of terms 
within the brackets [ ] of Eq.9-14 represent a constant. Hence, ∝ ((θ/θcyl)/U)b1. 
 The torque performance of the experiment cylinders with 1-sided splitter-plates 
are shown in Fig.9-9. The operating points selected for calculation of the b1 values 





Figure 9-9: Time-averaged torque performance parameter b1 for the cylinders with 
1-sided splitter-plates of lengths l/D = 0.5 and l/D = 1.0. All experimental 1-sided 
splitter-plate structural configurations (I*, T*, D, ζ) are included. Data corresponds 
to the operating points of peak εfr and εfr-s. 
For the 1-sided splitter-plate cylinders it can be seen that the torque performance, 
quantified through the parameter b1, of the cylinders with the shorter of the two 
tested splitter-plate lengths is superior to the longer case. This is reflected in the 
better efficiencies obtained for the shorter (i.e. l/D = 0.5) splitter-plate cases (Fig.9-7 
& Fig.9-8). 
Fig.9-10 shows the torque parameter b1 for the experimental cylinders with 2-
sided splitter-plates of various lengths. There is a significant degree of scatter in the 
l/D = 0.4 data at the higher damping ratio values, above approximately ζ = 0.05. 
The source of the scatter is considered to be the likely sensitivity of the small 
cylinder aspect ratio (i.e. smaller Lend/D) cylinders of these particular tests to the 
disrupted flow conditions at the cylinder ends (most probably at the end farthest 
from the cylinder pivot inherently subject to the greatest relative cross-flow velocity 
of any axial location on the cylinder). Also included in Fig.9-10 are the trend-lines 
for the 1-sided splitter-plate as shown in Fig.9-9 (colours and line types are 
unchanged from Fig.9-9). 
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Figure 9-10: Time-averaged torque performance parameter b1 for the cylinders with 
2-sided splitter-plates of various l/D. All experimental 2-sided splitter-plate 
structural configurations (I*, T*, D, ζ) are included. Data corresponds to peak εfr and 
εfr-s. Trend-lines are those of Fig.9-9 for the 1-sided splitter-plate cases.  
As was the case for the 1-sided splitter-plate configurations, the torque 
performance of the shortest (in the 2-sided case, l/D = 0.4) of the experimentally 
tested 2-sided configurations was superior to the longer splitter-plate lengths. A 
clear pattern of decreasing torque performance as l/D increases is apparent (Fig.9-10). 
Where equal l/D were tested, a comparison between the 1-sided splitter-plate 
trend-lines and the data of Fig.9-10 indicates the torque performance of the 2-sided 
splitter-plate configurations to be approximately twice that of the 1-sided cases i.e. 
b1(2-sided) ~ 2b1(1-sided) for a particular l/D at a given damping ratio. This is a 
contributor to the energy extraction efficiency of the 2-sided splitter-plate cases 
outperforming that of the cylinders with 1-sided configuration (see Fig.9-7 & 
Fig.9-8). 
One final point is now made in regard to the efficiency results for the cylinder 
with splitter-plates experiments. For the 1-sided splitter-plate cylinders the trends of 
the peak efficiency (Fig.9-7 & Fig.9-8) and the time-averaged torque performance 
parameter (Fig.9-9) point to the existence of an optimal value of the damping that 
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l/D, etc.) of ζopt ~ 0.25-0.30. Clearly, this approximate value is based on an 
extrapolation from the data. It is, therefore, intended simply as a guiding value with 
which to orient future research activity. 
9.3.2 Assessment of parameterised efficiency equation fit to experiment data 
Eq.9-10 and Eq.9-11 are now used together with the cylinder response 
measurements taken during the set of laboratory experiments. The full set of 
parameter values required are apparent through inspection of the parameterised 
efficiency equations and consist of a) those associated with the geometry and 
structural properties of the cylinder e.g. Lend, rgy and I
* and b) those expressing the 
measurements of the cylinder response during each particular test run. The complete 
set of parameters comprising group b) are θ/θcyl, f˜ and Ur.  
Firstly, the efficiency based on the flow energy incident on the frontal-area of the 
cylinder is considered. The corresponding form of the efficiency equation is Eq.9-
10 and the results of substituting the full set of parameter values (i.e. group a) and 
b)) into the equation are shown in Fig.9-11 together with the previously presented 
efficiencies obtained from the laboratory experiments (see 9.3.1 Efficiency results of 
laboratory experiments). The parameterised efficiency equation values using Eq.9-10 





Figure 9-11: Efficiency equation values for the energy extraction efficiency εfr of 
cylinders with 1-sided and 2-sided splitter-plates (legend the same as Fig.9-7). 
Equation values are indicated by the ‘+’ symbols. 
Next, the process is repeated for the efficiency based on the flow energy incident 
on the area comprised of the cylinder frontal-area plus the swept-area. The 
corresponding equation is Eq.9-11. And, again, the parameterised efficiency 















Figure 9-12: Efficiency equation values for the peak value of the energy extraction 
efficiency εfr-s (i.e. Cp) of cylinders with 1-sided and 2-sided splitter-plates (legend 
the same as Fig.9-7). Equation values are indicated by the ‘+’ symbols. 
Both Fig.9-11 and Fig.9-12 exhibit a consistent degree of agreement between the 
experiment data and the ‘+’ symbols, thereby establishing the correctness of the 
parameterisation of the efficiency equations Eq.9-10 and Eq.9-11. There are three 
principal reasons for the variances between the experiment determined efficiency 
values and the parameterised efficiency equation points: 
1. Marginal deviation from sinusoidal cylinder angular motion in the 
experiments, 
2. Numerical differentiation of the cylinder angle data obtained in the 
experiments, and 
3. Other contributing factors as outlined previously in 5.6 Sources, estimation 
and quantification of errors. 














Marginal deviation from sinusoidal cylinder angular motion 
Throughout the laboratory experiments the cylinder angular motion was close to, 
but not precisely, sinusoidal (see 6.2.1 Angular response). Peak oscillation 
magnitude varying slightly from cycle-to-cycle was a feature of the experiments. 
The degree of this deviation from perfect sinusoidal motion has been quantified by 
the squared peak-to-mean difference formulation (see 5.3.3 Squared peak-to-mean 
difference) and tabulated values for the cylinder with 2-sided and 1-sided splitter-
plate experiments are presented in Table 9-3 and Table 9-4, respectively.  
Table 9-3: Squared peak-to-mean difference ξ for cylinder with 2-sided splitter-
plate. ξ = (ξ++ξ-)/2. 
Type l/D M* I* T* ζ x103 
At εfr At εfr-s 
ξ+ ξ- ξ ξ+ ξ- ξ 
2-sided 
0.4 0.41 1.04 4.59 
21 0.34 0.27 0.30 0.34 0.27 0.30 
26 0.28 0.25 0.27 0.36 0.44 0.40 
33 0.79 0.92 0.86 0.79 0.92 0.86 
41 0.99 0.56 0.77 0.99 0.56 0.77 
0.5 0.39 0.98 5.24 
18 0.26 0.43 0.34 0.67 0.50 0.34 
21 0.23 0.34 0.28 0.33 0.48 0.40 
26 0.23 0.29 0.26 0.47 0.46 0.47 
34 0.36 0.27 0.32 0.56 0.60 0.58 
0.6 0.41 0.97 3.41 
19 0.24 0.22 0.23 0.45 0.44 0.45 
22 0.36 0.29 0.32 0.36 0.29 0.32 
28 0.34 0.24 0.29 1.05 1.29 1.17 
34 0.28 0.24 0.26 0.94 1.14 1.04 
0.90 0.46 1.07 5.20 
11 0.58 1.74 1.16 0.47 0.93 0.70 
14 0.27 0.49 0.38 0.53 0.62 0.58 
17 0.43 0.67 0.55 0.63 1.15 0.89 






Table 9-4: Squared peak-to-mean difference ξ for cylinder with 1-sided splitter-
plate. ξ = (ξ++ξ-)/2. 
Type l/D M* I* T* ζ x103 
At εfr At εfr-s 
ξ+ ξ- ξ ξ+ ξ- ξ 
1-sided 0.5 
0.24 0.63 
4.22 84 9.57 7.29 8.43 22.8 16.6 19.7 
3.64 95 0.14 0.23 0.18 2.70 1.13 1.91 
0.34 0.85 2.49 
17 1.46 1.53 1.50 7.99 7.78 7.88 
39 2.10 2.28 2.19 5.53 8.16 6.85 
48 6.29 4.05 5.17 7.30 6.74 7.02 
62 3.79 2.85 3.32 7.49 5.61 6.55 
0.15 0.61 
3.55 96 8.05 10.6 9.31 11.9 17.0 14.4 
2.80 39 2.61 7.25 4.93 33.5 24.8 29.1 
2.80 72 3.93 5.69 4.81 28.0 34.6 31.3 
2.91 11 3.52 1.92 2.72 28.2 38.8 33.5 
1.99 15 0.98 0.53 0.76 10.7 8.09 9.40 
1.99 17 0.80 0.41 0.60 18.4 11.5 14.9 
1.99 19 1.13 0.60 0.86 19.1 19.8 19.4 
0.19 0.29 1.28 
49 1.57 0.97 1.27 7.52 5.28 6.40 
53 0.65 0.99 0.82 3.62 7.59 5.61 
36 0.35 0.13 0.24 0.77 1.27 1.02 
13 0.29 0.53 0.41 2.39 2.13 2.26 
0.31 0.62 
1.66 141 3.22 6.50 4.86 11.0 11.1 11.1 
1.83 121 10.2 1.15 5.68 23.9 12.0 18.0 
2.00 110 2.68 2.24 2.46 49.4 34.3 41.9 
0.20 0.66 2.35 
67 2.16 2.88 2.52 5.23 7.29 6.26 
48 3.12 2.09 2.61 4.50 4.27 4.39 
1-sided 1.0 
0.037 0.44 2.80 
68 0.45 0.25 0.35 0.40 0.89 0.65 
95 0.12 0.27 0.20 0.64 0.96 0.80 
37 0.17 0.33 0.25 1.53 0.83 1.18 
49 0.15 0.10 0.13 0.73 0.77 0.75 
78 0.27 0.30 0.28 0.58 0.13 0.36 
0.22 0.40 2.08 
20 13.0 6.47 9.71 38.5 26.1 32.3 







Figure 9-13: Squared peak-to-mean difference ξ (εfr) and ξ (εfr-s) from Table 9-3 and 
Table 9-4. Cylinders with 1-sided and 2-sided splitter-plates. 
 As Table 9-3, Table 9-4 and Fig.9-13 show, generally ξ is smaller for εfr than εfr-s. 
It must be kept in mind that ξ only quantifies the degree to which the magnitude of 
the peak angular points is repeated from cycle to cycle. Values of ξ ≤ ~1 are, 
therefore, a necessary, but not sufficient, condition for a closely sinusoidal character 
to the cylinder angular motion; how well the shape of the profile taken from peak to 
peak matches a sinusoidal curve is also important. 
In Table 9-5 (1-sided SP) and Table 9-6 (2-sided SP) two different measures of 
the error between the experiment efficiency and the parameterised efficiency 
equation are presented for each test undertaken. The first measure 𝛾𝑙 is relative to 
the RMS error of the local data set (e.g. the two tests 1-sided SP, l/D = 0.5, I* = 0.63 
are a local set) the particular test belongs to. While the second error measure 𝛾𝑓 is 
relative to the RMS error of the family set of cylinder with 1-sided and 2-sided 
splitter-plate tests. The family set comprises those tests with the same length and 
number of splitter-plates e.g. 1-sided l/D = 0.5, 1-sided l/D = 1.0 and 2-sided l/D = 
0.6 are examples of three different family sets. The two aforementioned measures 



































,             (9-16) 
where 𝑖
𝑥, 𝑗
𝑥 is the experiment efficiency of experiment i,j, 
 𝑖
𝑒, 𝑗
𝑒 is the efficiency of the parameterised equation for experiment i,j, 
n is the number of tests in the ‘local’ data set i = 1, 2 … n-1, n, and 










𝑖=1    (9-17) 
and 









𝑗=1   (9-18) 
are the RMS errors, respectively, of the local data set and entire set of data 
encompassing all tests (1-sided plus 2-sided). 
An additional included parameter ?̃?𝑓𝑖 quantifies the errors 𝑗
𝑥 − 𝑗
𝑒 for the 
efficiency based on the cylinder frontal-area plus swept-area relative to the 




























.         (9-19) 
Hence, the error measures 𝛾𝑓𝑖(Eq.9-16, using the data corresponding to εfr) and 
?̃?𝑓𝑖 (Eq.9-19) are directly comparable owing to the common scaling term in the 
denominator. The values for these two measurements of error are shown in bold in 




Table 9-5: Relative percentage errors γl and γf between experiment efficiency and 
parameterised efficiency equation. Cylinders with 1-sided splitter-plates. 
l/D M* I* T* 



















0.63 0.57 4.34 
3.64 0.27 0.33 1.26 1.15 8.66 
0.34 0.85 2.49 6.46 
0.58 0.66 
30.42 
1.45 1.04 7.85 
0.90 1.04 0.92 0.66 4.96 
1.37 1.58 0.55 0.39 2.98 






0.77 0.91 6.90 
2.80 1.35 1.21 0.85 1.01 7.60 
2.80 0.49 0.44 1.08 1.28 9.71 
2.91 0.31 0.28 0.66 0.79 5.96 
1.99 0.62 0.56 0.98 1.17 8.83 
1.99 0.70 0.63 1.13 1.34 10.14 
1.99 0.80 0.72 1.36 1.62 12.25 
0.19 0.29 1.28 6.26 
1.28 1.42 
40.28 
0.89 0.84 6.38 
0.93 1.04 1.26 1.19 8.98 
0.58 0.65 0.98 0.92 6.99 






0.78 0.84 6.35 
1.83 0.86 0.70 0.82 0.87 6.61 
2.00 0.85 0.70 0.90 0.97 7.32 
0.20 0.66 2.35 4.78 
1.39 1.18 
33.94 
0.79 0.63 4.74 
0.29 0.24 1.18 0.94 7.08 
1.0 





1.38 1.63 8.81 
1.99 1.88 0.67 0.80 4.32 
0.56 0.53 0.92 1.08 5.87 
0.02 0.02 1.09 1.29 6.98 
0.54 0.51 0.79 0.93 5.05 
0.22 0.40 2.08 8.55 
0.86 0.97 
0.52 
0.36 0.00 0.02 






Table 9-6: Relative percentage errors γl and γf between experiment efficiency and 
parameterised efficiency equation. Cylinders with 2-sided splitter-plates. 
l/D M* I* T* 



















1.09 0.73 0.74 
0.92 0.60 0.04 0.03 0.03 
0.97 0.64 1.18 0.80 0.81 
1.11 0.73 1.19 0.80 0.82 
0.42 4.69 13.14 
0.79 0.59 
11.70 
1.05 0.68 0.69 
0.74 0.55 1.10 0.71 0.72 
2.04 1.51 1.30 0.84 0.86 
0.91 0.67 1.16 0.75 0.76 
0.71 0.52 0.10 0.06 0.06 
0.68 0.51 0.93 0.60 0.61 
0.66 0.49 0.98 0.63 0.65 






1.31 0.90 0.92 
6.80 0.29 0.11 0.83 0.57 0.58 
8.92 0.86 0.32 0.91 0.62 0.63 






1.20 2.39 2.43 
5.91 0.96 1.95 0.96 1.92 1.96 
8.42 0.80 1.62 0.80 1.60 1.63 
0.5 0.39 0.98 5.24 11.23 11.23 
1.05 1.05 
14.27 14.27 
1.01 1.01 1.29 
0.55 0.55 1.05 1.05 1.33 
1.19 1.19 0.95 0.95 1.21 
1.08 1.08 0.98 0.98 1.25 
0.6 0.41 0.97 3.41 14.99 14.99 
0.81 0.81 
20.27 20.27 
0.96 0.96 1.30 
1.02 1.02 0.85 0.85 1.15 
1.04 1.04 1.04 1.04 1.41 
1.10 1.10 1.13 1.13 1.52 
0.9 0.46 1.07 5.20 10.65 10.65 
0.74 0.74 
19.82 19.82 
0.97 0.97 1.81 
0.80 0.80 1.04 1.04 1.93 
1.49 1.49 1.02 1.02 1.89 
0.76 0.76 0.97 0.97 1.81 
 
In the context of the preceding discussion, the data points in Fig.9-14 located in 
the region above the 1:1 line correspond to the parameterised efficiency equation 
better matching the value of efficiency obtained during the experiments based on 




below the 1:1 line it more closely matches the experiment obtained efficiency based 
on the cylinder frontal plus swept-area i.e. to εfr-s. It is evident that for the 2-sided 
splitter-plate configuration the parameterised efficiency equation estimates both the 
frontal-area and frontal-area plus swept-area efficiency with roughly equal 
accuracy–the general trend of the data is to follow the 1:1 line. However, this is not 
the case for the cylinders configured with a single-sided splitter-plate where a better 
match is found for the frontal-area based efficiency εfr. 
 
Figure 9-14: Ratio of relative percentage errors. Cylinders with 1-sided and 2-sided 
splitter-plates of various length l/D. 
For the 1-sided splitter-plate cases the error measures 𝛾𝑓𝑖(εfr) and ?̃?𝑓𝑖 are plotted 
against the squared peak-to-mean difference ξm in Fig.9-15.  











. Thus, the data 
for 𝛾𝑓𝑖 being centred about unity is, of course, a given. It is, however, the offset of 





















Figure 9-15: Relative percentage errors between experiment efficiency and 
parameterised efficiency equation. Cylinders with 1-sided splitter-plates. Data 
points labelled ‘a’, ‘b’ and ‘c’ correspond to cylinder configurations: (a) I* = 0.63, 
T* = 3.64, l/D = 0.5, ζ = 0.095; (b) I* = 0.61, T* = 1.99, l/D = 0.5, ζ = 0.154; and (c) 
I* = 0.61, T* = 2.91, l/D = 0.5, ζ = 0.114. 
The reason for the offset from unity of the data relating to the frontal plus swept-
area efficiency εfr-s lies in the magnitude of the variation of the oscillation peaks 
remaining relatively unchanged between the operating points corresponding to εfr 
and εfr-s, respectively. This characteristic of the 1-sided splitter-plate cylinder 
responses is observable in the trends of the minimum and maximum oscillation 





















Figure 9-16: Maximum and minimum angular oscillation peaks of cylinder 
configuration I* = 0.63, T* = 3.64, l/D = 0.5, ζ = 0.095. Operating points are: ‘+’, εfr 
and ‘’, εfr-s; - - - Maximum and minimum peaks. 
Hence, by the locations of the efficiency operating points in Fig.9-16 the 
predictions of efficiency using the parameterised efficiency equation will be best for 
that based on the frontal-area of the cylinder i.e. for εfr; the sinusoidal oscillation 
assumption of the parameterised equation is more closely matched to the actual 
oscillations at the larger U* (at the larger U*, ξm is smaller). In Fig.9-15, 𝛾𝑓𝑖 and ?̃?𝑓𝑖 
for the configuration of Fig.9-16 are indicated by the labels ‘a’. Two additional 
configurations, labelled ‘b’ and ‘c’, are also shown as examples. The position of ?̃?𝑓𝑖 
‘up and to the right’ of 𝛾𝑓𝑖 in Fig.9-15 for examples ‘a’, ‘b’ and ‘c’ is repeated for 
all the cylinder configurations. 
Numerical differentiation of the cylinder angle data 
From the direct recordings of the cylinder angular position, the angular velocity of 
the cylinder motion was determined using the method as outlined in section 5.3.6 
Angular velocity of cylinder. The consequence of numerically differentiating 
experiment data is, of course, opposite to the smoothing effect associated with 
integration. Hence, the values calculated for the cylinder angular velocity exhibited 















experiments. A representative example is presented in Fig.9-17, typical of the entire 
set of experiments undertaken. 
 
Figure 9-17: Example of cylinder angular velocity values obtained through 
numerical differentiation of cylinder angle data. Test details: 1-sided splitter-plate, 
l/D = 0.5, I* = 0.85, T* = 2.5, f = 0.30Hz. 
The experiment data of Fig.9-17 is overlaid with a sinusoidal curve with the 
equation ̇ = 2𝜋𝑓 𝑝𝑒𝑎𝑘−𝑎𝑣𝑒𝑠𝑖𝑛(2𝜋𝑓𝑡)rad/s, where f is the cylinder oscillation 
frequency determined through FFT of the experiment data and, for the present 
purposes, the experiment value for the average magnitude of the peaks of the 
cylinder angular oscillations is denoted 𝑝𝑒𝑎𝑘−𝑎𝑣𝑒. A plot of the cylinder angle data 
for the same test can be seen in Fig.6-6. 
For the test of Fig.9-17 the RMS velocity calculated from the set of values 
obtained through numerical differentiation of the cylinder angle data is 0.112rad/s, 
whereas the RMS value of the sinusoidal curve ̇ = 2𝜋𝑓 𝑝𝑒𝑎𝑘−𝑎𝑣𝑒𝑠𝑖𝑛(2𝜋𝑓𝑡) is 
2𝜋𝑓 𝑝𝑒𝑎𝑘−𝑎𝑣𝑒/√2 = 0.111rad/s. Hence, in this particular test there is a high level of 
agreement between the experiment calculated data and the sinusoidal curve based 
values for the RMS velocity. However, such a high level of agreement was not 
always the case throughout all the undertaken tests. In spite of this, even in the 
poorer matching cases the sinusoidal profile was an acceptably accurate 
approximation to the overall trend of the calculated cylinder angular velocity. 
In the preceding section 9.2 Parameterisation of efficiency equation the equation 
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Therefore, the aforementioned points are important factors relevant to the 
parameterised efficiency equation, bearing direct influence on the degree to which it 
accords with the values for efficiency obtained during the experiments. It is seen 
through the values of the metrics provided in Table 9-3–Table 9-6 that the 
assumption of sinusoidal angular vibration in the parameterised efficiency equation 
is valid. 
9.3.3 Geometric similarity in the flow around the cylinder with 1-sided 
splitter-plate 
Interestingly, when the cylinder diameter was maintained at D = 44mm the 
magnitude of the average angular oscillations at the operating point of peak 
efficiency εfr was unaffected by change in the splitter-plate length. In both the l/D = 
0.5 and 1.0 cases the angular oscillations at this operating point were θ ~ 
0.07radians. To gain some insight in regards to the motion of the l/D = 0.5 and l/D 
= 1.0 cylinders at this operating point the maximum angular velocity of the cylinder 
(i.e. the zero-crossing velocity) is assessed relative to the velocity of the cross-flow. 
This information can then be used to determine the maximum relative angle-of-
attack during an oscillation cycle. The following equations are employed for the 
spanwise ratio of the cylinder angular velocity–as it crosses the θ = zero point–to 








  (m-1),             (9-2) 
and for the relative angle-of-attack at location L, measured along the cylinder span 
from the cylinder pivot, 





) = tan−1 (𝐿
2𝜋
𝑈∗𝐷
)   (rad),                 (9-3) 
where all values correspond to the peak efficiency εfr operating point and 
θ is the average magnitude of cylinder oscillation (rad), 
̇  is the cylinder angular velocity (rad/s), and 




Table 9-7: Spanwise ratio of the cylinder angular velocity to the cross-flow velocity 
and the relative angle-of-attack at the half-span (L = Lend/2) location for cylinders 
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Figure 9-18: Tip-to-tangent angle Α for cylinder with splitter-plate. 
When the α* values of Table 9-7 are normalised by the tip-to-tangent angle Α 
(Fig.9-18) equal values are obtained for the l/D = 0.5 and l/D = 1.0 splitter-plate 
cases. This indicates that at the operating point of peak efficiency the relative 
direction of the cross-flow to the cylinder/splitter-plate cross-section is 
geometrically similar for the two different splitter-plate lengths. Such a similarity in 
the flows is evident in the vorticity contour diagrams of Assi et al. (2014) for 
cylinders with the same splitter-plate to diameter ratios as presently discussed. 
Further support for the postulation of flow-structure geometric similarity is 
provided in the α*/Α-U* plot for the l/D = 0.5 and 1.0 splitter-plate cases (Fig.9-19). 
The figure values are for two selected example cases, one at each splitter-plate 
length. For each l/D, curves are included at locations L/Lend = 0.25, 0.5, 0.75 and 1, 
measured from the cylinder pivot. Vertical lines are also included to indicate the 
operating points (i.e. the dimensionless wavelengths) corresponding to peak εfr and 
εfr-s, valid for both l/D = 0.5 and l/D = 1.0. Note that for the example l/D = 0.5 case 
of Fig.9-19 the region U*/(U*εfr -U
*
εfr-s) < 3 corresponds to the region Re < 8x10
3 
within which the torque performance is enhanced, suspected to be attributable to 







Figure 9-19: Relative angle-of-attack α* for cylinder with 1-sided splitter-plate 
normalised by the tip-to-tangent angle Α. Example cases shown are: l/D = 0.5, I* = 
0.63, T* = 3.64, D = 0.044m, ζ = 0.095; and l/D = 1.0, I* = 0.40, T* = 2.08, D = 
0.044m, ζ = 0.030. 
For the aforementioned reason, in Fig.9-19 the l/D = 0.5 and l/D = 1.0 data diverge 
when U*/(U*εfr -U
*
εfr-s) < 3. Note also that at the peak εfr operating point the last ~10% 
of the cylinder span has just crossed into α*/Α > 1, while at the same time the 
majority of the span is at the condition α*/Α < 1. Furthermore, at U*/(U*εfr -U
*
εfr-s) ~ 5, 
which corresponds to the last ~25% of the span having crossed into α*/Α > 1, the 
rate of increase in the relative angle-of-attack–at all locations along the cylinder 
span–begins to dramatically reduce. From this point on, with further increase in U* 
only marginal increase in the relative angle-of-attack occurs towards apparently 
limiting maximums, the values depending on the cylinder span location. 
9.3.4 Added inertia coefficient and the reduced-velocity at peak efficiency 
operating point 
For the pivoted cylinders with attached non-rotating wake splitter-plates different 
characters in the frequency response, and accordingly, the added inertia coefficient 
values were observed depending on the 1- or 2-sided splitter-plate configuration and 



























sided) the reduced-velocity U* at which peak energy extraction efficiency occurs 
was found to vary with the splitter-plate length and takes place at larger U* values 
as the splitter-plate length is increased. 
As reported in the earlier section 6.2.2 Frequency response, the experiment 
cylinders with 1-sided splitter-plate configuration exhibited a vibration response 
characterised by little change in the frequency across the broad range of reduced-
velocity tested (see e.g. Fig.6-23). Accordingly, this behaviour is commensurate 
with the value of the added inertia coefficient Ca being relatively unchanged for the 
1-sided splitter-plate cylinders. Fig.9-20 shows the added inertia coefficient Ca for 
cylinders with 1-sided splitter-plate l/D = 0.5 at three different I* and T* 
combinations, and all at the same damping ratio ζ ~ 0.048. In Fig.9-21 the Ca values 
are presented for the cylinder with I* = 0.85, T* = 2.49 at various ζ. Both Fig.9-20 
and Fig.9-21 have the data points corresponding to the occurrence of peak 
efficiency εfr (the efficiency based on the flow energy incident on the frontal-area of 
the cylinder) highlighted.  
 
Figure 9-20: Added inertia coefficient Ca for cylinders with 1-sided splitter-plate 
l/D = 0.5 for configurations (i) I* = 0.85, T* = 2.49; (ii) I* = 0.29, T* = 1.28; and (iii) 



















Figure 9-21: Added inertia coefficient Ca for cylinders with 1-sided splitter-plate 
l/D = 0.5 at configuration I* = 0.85, T* = 2.49. Various ζ. 
It can be seen in Fig.9-20 and Fig.9-21 that across the ranges of U* tested the 
added inertia coefficient exhibits no clear dependence of U*. In addition, no effect 
of the damping ratio–within the range of ζ tested–on the added inertia coefficient 
value was detected. However, as will now be discussed, the added inertia 
coefficient is dependent on the angular stiffness kθ of the pivoted cylinder structure, 
particularly at low stiffness values. At high angular stiffness the value of Ca for the 
1-sided l/D = 0.5 splitter-plate cases asymptotically approaches a value of Ca = 4.0-
5.0 (see Fig.9-23).   
The average values for the added inertia coefficient Ca of the cylinders with l/D 
= 0.5 1-sided splitter-plates are shown in both Fig.9-22 and Fig.9-23, plotted, 
respectively, against T* and kθ. Through inspection of the data distribution in both 
figures, together with consideration of the correlation R2 values, it is apparent that 
the added inertia coefficient is most accurately considered a function of kθ, not T
*. It 
can be seen, however, that in the region T* > ~ 2.5 the Ca data is similarly well 
distributed as for the same data when plotted against kθ. However, below T
* ~ 2.5 
the trend of the data in Fig.9-22 is less consistent. The reason for the poor plotting 
of Ca on the Ca-T
* figure as T* becomes smaller can be understood by considering 




















T* is a measure of the system stiffness considered in respect to the size of the 
cylinder body (i.e. the size of the fluid volume displaced by the cylinder), whereas 
kθ is a measure of the absolute stiffness; it is possible, mathematically, for large T
* 
to be associated with small kθ, and vice versa. The relationship between these two 




 +1. (9-4) 
 
Figure 9-22: Average added inertia coefficient Ca for cylinders with 1-sided splitter-
plate l/D = 0.5. Ca-T
* space. 







































Figure 9-23: Average added inertia coefficient Ca for cylinders with 1-sided splitter-
plate l/D = 0.5. Ca-kθ space. 
 
 
Figure 9-24: kθ/(mdrdg) as an approximation to T
*. 
As Fig.9-24 shows, it is not until the criterion 
𝑘𝜃
𝑚𝑑𝑟𝑑𝑔
≫ 1 is satisfied that 
𝑘𝜃
𝑚𝑑𝑟𝑑𝑔
~ 𝑇∗. Hence, for a given size cylinder (i.e. for a given 𝑚𝑑𝑟𝑑𝑔) any results 
exhibiting trends as a function of T* will only also do so when plotted against kθ 
under the condition that kθ is of sufficient magnitude to satisfy the criterion. 














































T* kθ/(mdrdg) % error 
1.001 0.001 99.90 
1.500 0.500 66.67 
2.000 1.000 50.00 
3.000 2.000 33.33 
5.000 4.000 20.00 
7.000 6.000 14.29 
9.000 8.000 11.11 
10.00 9.000 10.00 









Equally, any results that exhibit trends as a function of kθ will only also do so when 
plotted against T* provided T* >> 1. None of the experiments of the present work 
exceeded T* = 8.0, with the majority conducted at much lower values, within the 
range 1.5 < T* < 4.0. Consequently, the aforementioned criterion is never satisfied 
in the present work. Therefore, any of the present results data that plots correctly as 
a function of T* cannot be plotted as a function of kθ, and vice versa. As an example, 
the frequency data of Fig.6-24 plots poorly exhibiting significant scatter when 
plotted against kθ. 
In regard to the cylinders with 1-sided splitter-plates, but now at the increased 
length of l/D = 1.0 there is the interesting, and unexpected, result that the value of 
the added inertia coefficient decreases as the value of T* is increased. Fig.9-25 
shows the average Ca for the 1-sided l/D = 1.0 experiments (note that as for the 
shorter l/D = 0.5 1-sided splitter-plate cases the frequency and, hence, the added 
inertia coefficient for the l/D = 1.0 cases were relatively stable throughout the range 
of U* tested). It can be seen in Fig.9-25 that across the range of angular stiffness kθ 
tested for the l/D = 1.0 cylinders a good fit to the average Ca data is made by a 
linear trend-line. 
In respect to intermediate splitter-plate lengths (i.e. between 0.5 and 1.0) of the 
1-sided configuration, it is not unreasonable to expect that as the splitter-plate 
length is increased across this range the nature of the Ca-kθ trends will transition 
between that exhibited by the l/D = 0.5 (Fig.9-23) case and that of the l/D = 1.0 
cases of the present work. 
The 2-sided splitter-plate configuration was found to exhibit different trends in 
the added inertia coefficient value compared to the 1-sided splitter-plate case. 
Unlike the stable Ca value across U
* for the 1-sided configuration the added inertia 
coefficient in the 2-sided case monotonically decreases, experiencing approximately 
linear decay as U* is increased. This behaviour is shown in Fig.9-26 for the tests 
corresponding to the frequency plot of Fig.6-27, and is also shown in Fig.9-27 for a 
selection of the other 2-sided cases tested. There is a clear trend to longer 
dimensionless oscillation wavelengths U* at the peak efficiency εfr operating point 





Figure 9-25: Average added inertia coefficient Ca for cylinders with 1-sided splitter-
plate l/D = 1.0. 
 
Figure 9-26: Added inertia coefficient Ca for cylinders with 2-sided splitter-plate at 
l/D = 0.4, 0.5, 0.6 and 0.9. ζ = 0.027. 
As the reduced-velocity is increased the value of Ca is monotonically decreasing, 
and generally linear in U*, independent of the splitter-plate length. Additionally, the 
trends exhibited by the various l/D tests of Fig.9-26 are suggestive of the added 
inertia coefficient reducing to zero when a sufficiently large value of U* is reached 
(the specific value of U* corresponding to Ca = 0 being likely dependent on l/D) and 














































thereafter having a value in the range Ca < 0 at larger U
*. As Fig.9-27 shows, this 
was indeed the case when sufficiently large reduced-velocity values were tested 
(see the I* = 2.53, T* = 3.67 case). Therefore, the 2-sided splitter-plate configuration 
exhibits zero-crossing Ca behaviour, as also occurs for the bare cylinder (VIV) case 
(see e.g. Fig.9-41).  
 
Figure 9-27: Added inertia coefficient Ca for cylinders with 2-sided splitter-plate at 
l/D = 0.4, I* = 2.53, various T* and various ζ. 
Overall, for the cylinders with 2-sided splitter-plate configuration, at a given 
splitter-plate length the added inertia coefficient is increased for larger values of T*. 
This effect is clearly seen in Fig.9-27 showing the Ca value for the 2-sided splitter-
plate l/D = 0.4, I* = 2.53 tests. In addition, increasing the splitter-plate length for a 
given T* also increases the Ca value; for example, compare the two cases of Fig.9-
26, I* = 0.98, T* = 5.24, l/D = 0.5 and I* = 1.07, T* = 5.20, l/D = 0.9. 
A summary plot of the Ca values that coincide with the peak efficiency εfr 
operating point is shown in Fig.9-28. The effect of larger T* and longer splitter-plate 
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Figure 9-28: Added inertia coefficient Ca for cylinders with 2-sided splitter-plate at 
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M*=0.42, I*=1.04, T*=4.69, l/D=0.4, ζ=0.046 M*=0.42, I*=1.04, T*=4.69, l/D=0.4, ζ=0.057
M*=0.42, I*=1.04, T*=4.69, l/D=0.4, ζ=0.067 M*=0.42, I*=1.04, T*=4.69, l/D=0.4, ζ=0.080
M*=0.46, I*=2.53, T*=3.67, l/D=0.4, ζ=0.220 M*=0.46, I*=2.53, T*=6.80, l/D=0.4, ζ=0.133
M*=0.46, I*=2.53, T*=8.92, l/D=0.4, ζ=0.050 M*=0.46, I*=2.53, T*=9.93, l/D=0.4, ζ=0.029
M*=0.49, I*=1.14, T*=5.22, l/D=1.0, ζ=0.014 M*=0.49, I*=1.14, T*=5.22, l/D=1.0, ζ=0.018
M*=0.49, I*=1.14, T*=5.22, l/D=1.0, ζ=0.022 M*=0.39, I*=0.98, T*=5.24, l/D=0.5, ζ=0.018
M*=0.39, I*=0.98, T*=5.24, l/D=0.5, ζ=0.021 M*=0.39, I*=0.98, T*=5.24, l/D=0.5, ζ=0.026
M*=0.39, I*=0.98, T*=5.24, l/D=0.5, ζ=0.034 M*=0.41, I*=0.97, T*=3.41, l/D=0.6, ζ=0.019
M*=0.41, I*=0.97, T*=3.41, l/D=0.6, ζ=0.022 M*=0.41, I*=0.97, T*=3.41, l/D=0.6, ζ=0.028
M*=0.41, I*=0.97, T*=3.41, l/D=0.6, ζ=0.034 M*=0.46, I*=1.07, T*=5.20, l/D=0.9, ζ=0.011
M*=0.46, I*=1.07, T*=5.20, l/D=0.9, ζ=0.014 M*=0.46, I*=1.07, T*=5.20, l/D=0.9, ζ=0.017
M*=0.46, I*=1.07, T*=5.20, l/D=0.9, ζ=0.020
l/D = 0.9 
l/D = 1.0 
l/D = 0.6 l/D = 0.5 




9.4 Cylinder without splitter-plate: VIV 
9.4.1 Efficiency results of the laboratory experiments 
For the pivoted bare cylinder experiments the profiles of the efficiency data relative 
to those of the average angular peaks were found to be marginally skewed towards 
smaller oscillation wavelengths (i.e. smaller U*). Additionally, in all cases the peak 
in energy extraction efficiency occurred at a wavelength slightly shorter than that 
corresponding to the maximum average peak angular response i.e. U*ε, peak < U
*
θ, max 
(both εfr and εfr-s were found to generally occur at, or very close to, the same 
operating point for the bare cylinder). As examples, highly representative of all the 
bare cylinder experiments, demonstrating these characteristics the angular responses 
are shown for the I* = 0.69, T* = 4.0 experimental configuration in Fig.9-30 together 
with the corresponding efficiency data for εfr, for three different levels of the 
applied damping.  
 
Figure 9-29: Angular response θ/θcyl and energy extraction efficiency εfr of pivoted 
bare circular cylinder. I* = 0.69, T* = 4.0. ζ = 0.04, 0.09 and 0.16. Solid lines with 
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The location of peak efficiency in θ/θcyl-U
* space is discussed further in the 
following section 9.4.4 Added inertia coefficient and the reduced-velocity at peak 
efficiency operating point. Included as part of that section are θ/θcyl-U
* figures with 
the points corresponding to the occurrence of peak efficiency highlighted. 
The peak efficiency obtained in each of the experiments based on the flow 
energy incident on the frontal-area of the cylinder (i.e. peak εfr) is presented in 
Fig.9-30 along with upper and lower bounds representing the regions of 95% 
confidence for the I* = 0.69 cases. Fig.9-31 shows the results for the peak efficiency 
based on the flow energy incident on the frontal plus swept-area of the cylinder (i.e. 
the coefficient-of-performance Cp). For both Fig.9-30 and Fig.9-31 the locations of 
the upper and lower limits to the confidence regions accord to 
𝐶𝐼95% = ± 𝒰 𝑓𝑟 , (9-2) 
where ε is the efficiency (εfr or εfr-s as appropriate) predicted by the model equation 
obtained through the multiple linear regression technique (see. 5.5 Multiple 
linear regression), and 
𝒰
𝑓𝑟
 is the sum of the systematic and random standard uncertainties (see 
5.6.3 Taylor series method (TSM) for detailed uncertainty analysis). 
The peak efficiency trends in both Fig.9-30 and Fig.9-31 for each cylinder 
configuration are consistently toward higher efficiencies as damping ratio increases. 
All indications are that higher efficiency than the maximum obtained is likely for 
damping ratio values that exceed the upper limit tested. Undoubtedly, this 
behaviour must reach a limit at a yet to be determined value of the damping ratio, 
from which point efficiency is expected to monotonically decrease with any further 
increase in ζ. 
The insets in Fig.9-30 and Fig.9-31 are the corresponding model equations for 
the peak efficiency, obtained through the multiple linear regression method applied 
to the experimental data. These equations and their implications in regard to system 
tuning towards obtaining better efficiency (along with the model equations for the 








Figure 9-30: Peak efficiency εfr of energy extraction for bare pivoted cylinders in 
cross-flow at various configurations of cylinder structural and geometric properties. 


















Upper and lower bounds, 95% CI for system [1]
Upper and lower bounds, 95% CI for system [2]
Upper and lower bounds, 95% CI for system [5]
𝑓𝑟 = 0.665 
 (𝑈/𝐷)0.739
𝐼∗0.475𝑅𝑒0.110





Figure 9-31: Peak efficiency εfr-s of energy extraction for bare pivoted cylinders in 
cross-flow at various configurations of cylinder structural and geometric properties. 
‘+’ symbols are the parameterised efficiency equation values. 
As was done for the cylinders with 1-sided and 2-sided splitter-plate the torque 
parameter b1 is calculated for the bare cylinder experiment cases (Fig.9-32). When 
compared to the splitter-plate configurations the torque performance of the bare 
cylinder greatly exceeds that of the splitter-plate cases. Using the results at ζ = 0.03 
as examples, the b1 values for the best performing splitter-plate lengths in the 1-
sided and 2-sided cases are, respectively, b1 (ζ = 0.03) ~ 0.001 (Fig.9-9) and b1 (ζ = 
0.03) ~ 0.002 (Fig.9-10). These compare to the value for the bare cylinder of b1 (ζ = 
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Upper and lower bounds, 95% CI for system [2]
Upper and lower bounds, 95% CI for system [5]
𝑓𝑟−𝑠 = 0.245 
 (𝑈/𝐷)0.537
𝐼∗0.150𝑅𝑒0.0221




and three times that of the best performing 2-sided splitter-plate length. The 
superior torque performance of the bare cylinder configuration is reflected in its 
better energy extraction efficiency performance (Fig.9-30 & Fig.9-31) compared to 
either of the cylinder with splitter-plate configurations (Fig.9-7 & Fig.9-8). 
 
Figure 9-32: Time-averaged torque performance parameter b1 for the bare cylinder 
undergoing vortex-induced vibration. All experimental bare cylinder structural 
configurations (I*, T*, D, ζ) are included. Data corresponds to the operating points 
of peak εfr and εfr-s. 
There is clearly a direct association between the torque performance of the cross-
section and the magnitude of the efficiency. The b1 parameter is therefore 
considered an important basis for the evaluation of any given cylinder cross-section 
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into utilising flow-induced vibrations for extracting energy from cross-flows an 
important goal will be maximising b1 through careful design of the cylinder cross-
sectional geometry together with consideration of the small-scale surface features 
such as localised roughness. 
9.4.2 Assessment of parameterised efficiency equation fit to experiment data 
Using now the same methodology as employed for analysing the cylinder with 
splitter-plates data in section 9.3.2 Assessment of parameterised efficiency equation 
fit to experiment data, the fit of the parameterised efficiency equation to the 
experiment data of the bare cylinder cases is now considered. The approach taken is 
identical to that outlined in detail in the aforementioned section. Accordingly, it is 
to that section that the reader is referred for more information on the analysis 
procedure.  
Unlike the cylinders with 1-sided splitter-plates, εfr and εfr-s of the bare cylinder 
occur at, or very near to, the same operating point. Consequently, the degree of 
repeatability of the oscillation angle peaks, as quantified by the squared peak-to-
mean parameter, is closely maintained (see Table 9-8). 
When considering the match of the parameterised efficiency equation to the 
experimental data the majority of structural configurations exhibit a better match for 
the efficiency based on the frontal plus swept-area. The two exceptions to this are 
the lower I*, lower T* configurations I* = 0.69, T* = 1.50 and I* = 0.69, T* = 4.00. 
This can clearly be seen in Fig.9-34 where the data points for these two cases are 
located well above the 1:1 line. The distribution of the data points in Fig.9-34 
appears linked to the I* and T* values, or perhaps, more precisely, to the value of 
their product I*T*. For higher I*T* there is generally an improved match for εfr-s 
between the experimental and the parameterised efficiency equation values. It is 
postulated that increasing the product I*T* works to reduce the sensitivity of the 
cylinder to the effects of non-periodic irregularities in the flow. This has a steadying 
effect on the cylinder oscillations, resulting in a more sinusoidal oscillation pattern 
and, as a consequence, a better fit of the sinusoidal assumption of the parameterised 
efficiency equation to the actual experiment oscillations. The effect of the product 




Table 9-8: Squared peak-to-mean difference ξ for bare cylinder. ξ = (ξ++ξ-)/2. 
M* I* T* ζ x103 
At εfr At εfr-s 
ξ+ ξ- ξ ξ+ ξ- ξ 
0.21 0.69 1.50 
48 0.95 1.01 0.98 0.95 1.01 0.98 
96 0.50 0.84 0.67 1.91 0.68 1.30 
115 0.70 0.69 0.70 1.07 0.69 0.88 
145 0.79 0.64 0.71 0.79 0.64 0.71 
202 0.52 1.48 1.00 0.52 1.48 1.00 
261 0.95 0.75 0.85 0.95 0.75 0.85 
298 2.76 0.93 1.84 2.76 0.93 1.84 
0.21 0.69 4.00 
45 0.26 0.24 0.25 0.26 0.24 0.25 
65 0.26 0.32 0.29 0.26 0.32 0.29 
98 0.40 0.27 0.34 0.41 0.28 0.35 
110 0.31 0.38 0.35 0.39 0.40 0.40 
150 0.51 0.39 0.45 0.51 0.39 0.45 
163 0.35 0.33 0.34 0.35 0.33 0.34 
169 0.46 0.61 0.54 0.33 0.49 0.41 
0.21 0.69 8.00 
0 - - - - - - 
28 0.32 0.22 0.27 0.21 0.31 0.26 
46 0.20 0.30 0.25 0.20 0.30 0.25 
59 0.33 0.28 0.30 0.33 0.28 0.30 
79 0.33 0.23 0.28 0.32 0.28 0.30 
95 0.33 0.34 0.34 0.33 0.34 0.34 
104 0.34 0.43 0.38 0.32 0.23 0.28 
0.21 0.86 5.50 
56 0.44 0.49 0.47 0.44 0.49 0.47 
78 0.43 0.30 0.36 0.43 0.30 0.36 
0.49 1.17 6.47 
46 0.29 0.38 0.33 0.29 0.38 0.33 
76 0.40 0.43 0.41 0.31 0.25 0.28 






Table 9-9: Relative percentage errors γl and γf between experiment efficiency and 
parameterised efficiency equation. Bare cylinders. 
M* I* T* ζ 










𝛾𝑙𝑖 𝛾𝑓𝑖 ?̃?𝑓𝑖 







0.76 1.16 1.52 
96 0.98 0.90 0.96 1.46 1.91 
115 1.08 1.00 1.33 2.03 2.66 
145 0.98 0.91 0.85 1.30 1.70 





0.33 0.43 0.49 
61 1.30 1.37 1.67 2.19 2.52 
94 0.09 0.10 0.40 0.53 0.61 
110 2.23 2.35 1.86 2.43 2.80 
150 0.13 0.13 0.44 0.57 0.66 
163 0.02 0.02 0.37 0.48 0.55 
178 0.54 0.57 0.40 0.52 0.60 





0.97 0.32 0.33 
28 0.66 0.78 0.61 0.20 0.21 
46 0.74 0.87 0.44 0.15 0.15 
59 0.68 0.81 0.53 0.18 0.18 
79 0.46 0.54 0.46 0.15 0.16 
95 0.62 0.73 2.00 0.67 0.69 





0.75 0.02 0.04 
78 0.97 0.59 1.20 0.03 0.07 





1.10 0.12 0.25 
76 0.55 0.32 0.89 0.10 0.20 







Figure 9-33: Squared peak-to-mean difference ξ (εfr) and ξ (εfr-s) from Table 9-8. 
Bare cylinders. - - - 1:1 line. 
 








































Figure 9-35: Difference between the experimental efficiency and the parameterised 
efficiency equation expressed as the ratio of the error measures corresponding to εfr-s 
and εfr. 
9.4.3 Energy extraction performance dependency on structural parameters 
As the model equations for efficiency in the following section 10.2 will show, the 
energy extraction efficiency of a pivoted bare cylinder system in cross-flow is 
dependent–to varying degrees–on the parameters I*, U/D and the Reynolds number 
and on the degree of damping imposed on the system as quantified through the 
damping ratio value ζ. 
In Fig.9-36 the effect of change in the damping ratio for a given torque ratio T* is 
presented, in this case for I* = 0.69, T* = 8.0 (chosen as it shows the general features 
as exhibited by the other cases in regard to the following point). As the damping 
ratio was increased the dimensionless wavelength U* at which the peak efficiency 
point occurred shifted to slightly larger values, although after the damping ratio 
reached ζ ~ 0.08 the wavelength appears to stabilise. Furthermore, from this point 
(i.e. ζ ~ 0.08) on the general trend appears to be one of higher damping ratio 
efficiency curves enveloping the curves of the less damped cases. This is expected 
to continue until the, as yet unknown, optimal value of the damping ratio ζopt is 
reached. The efficiency curves at damping values beyond ζopt are anticipated to also 

























Figure 9-36: Effect of damping ratio ζ on efficiency εfr at constant torque ratio T
* = 
8.0. I* = 0.69. Reynolds number at peak εfr: ζ = 0.03, 9.66x10
3; ζ = 0.05, 1.00x104; ζ 
= 0.06, 1.00x104; ζ = 0.08, 9.66x103; ζ = 0.09, 1.00x104; and ζ = 0.10, 1.05x104. 
In Fig.9-37 it is seen that increasing the Reynolds number for a given damping 
ratio also lengthens the oscillation wavelength at the peak efficiency point. 
Moreover, there is a clear shift of any given point in the efficiency curve to longer 
oscillation wavelength. This strong shift in the wavelength is linked to the angular 
response curves shifting to larger oscillation wavelength U* as Reynolds number is 






















Figure 9-37: Effect of Reynolds number on efficiency εfr at constant damping ratio 
ζ = 0.10. I* = 0.69. Reynolds number at peak εfr: T
* = 1.5, 3.10x103; T* = 4.0, 
6.51x103; and T* = 8.0, 1.05x104. 
9.4.4 Added inertia coefficient and the reduced-velocity at peak efficiency 
operating point 
In the most fundamental structural sense the translating cylinder and the rigid 
pivoting cylinder are different cases; the amplitude of motion of the former is 
uniform at any location along the cylinder axis while the latter being constrained to 
swing about one end has a linear increase in amplitude along its span. The differing 
structural properties necessary to define each system and the inherent 3-
dimensionality of the fluid flow around a pivoted cylinder have been discussed 
earlier in sections 3.7.1 Mass ratio m* and 3.10.2 Vortex shedding modes associated 
with the vibrating pivoted cylinder, respectively. 
In spite of the aforementioned differences there appear to be points in the 
response of the pivoted cylinders that coincide with points for which transitional 
events in the VIV response of translating cylinders are known to take place. In 
section 8.6 Regions I, II, III and IV of the cylinder response it was observed that the 
location of the boundaries delimiting Regions I & II and Regions III & IV can be 

















the VIV response branch transition locations based on the natural frequencies of the 
system in vacuo and in water. 
In a similar fashion, it is of interest to observe that provided the torque ratio was 
not too close to unity (noting T* must be larger than 1 in order for the system to self-
centre), as was true of all the bare cylinder experiment configurations with the 
exception of the I* = 0.69, T* = 1.5 case, the calculated added inertia coefficient at 
the peak efficiency operating point was approximately one i.e. Ca ~ 1. This 
contrasts to forced vibration tests for translating circular cylinders where a value of 
unity for the translating cylinder equivalent, the added mass coefficient, was 
obtained by Sarpkaya (2004) at the point of “…perfect synchronisation…at [U*] = 
5.80-5.85…” (the relevant figure from Sarpkaya (2004) is reproduced in this 
document as Fig.3-3). Note that for the I* = 0.69 configurations of the present 
experiments the modified reduced-velocity U* and the added inertia coefficient Ca 
at the peak efficiency point in each T* case were: T* = 1.5, 5.51 ≤ U* ≤ 5.81, Ca ~ 
0.34; T* = 4.0, 5.63 ≤ U* ≤ 5.85, Ca ~ 1.0; T
* = 8.0, 5.74 ≤ U* ≤ 5.91, Ca ~ 1.2. 
For all of the pivoted bare cylinder experiments the U* value and the added 
inertia coefficient Ca, both corresponding to the point of peak energy extraction 
efficiency, for each test case are shown in Table 9-10 and Table 9-11. 
Table 9-10: Modified reduced-velocity U* at the operating point of peak efficiency 
εfr for the pivoted cylinders undergoing VIV. 
I* T* ζ \U* 
0.69 1.5 0.05\5.51 0.10\5.65 0.12\5.58 0.15\5.64 0.20\5.73 0.26\5.77 0.30\5.81 
0.69 4.0 0.05\5.61 0.07\5.63 0.10\5.79 0.11\5.74 0.15\5.87 0.16\5.89 0.17\5.85 
0.69 8.0 0.03\5.74 0.05\5.77 0.06\5.75 0.08\5.86 0.09\5.91 0.10\5.88  
0.86 5.5 0.06\5.75 0.08\5.80      
1.17 6.5 0.05\5.64 0.08\5.78      






Table 9-11: Added inertia coefficient Ca at the operating point of peak efficiency εfr 
for the pivoted cylinders undergoing VIV. 
I* T* ζ \Ca 
0.69 1.5 0.05\0.39 0.10\0.42 0.12\0.31 0.15\0.34 0.20\0.31 0.26\0.31 0.30\0.32 
0.69 4.0 0.05\1.11 0.07\0.92 0.10\0.87 0.11\0.98 0.15\1.01 0.16\1.00 0.17\1.17 
0.69 8.0 0.03\1.23 0.05\1.07 0.06\1.16 0.08\1.23 0.09\1.13 0.10\1.10  
0.86 5.5 0.06\1.00 0.08\1.01      
1.17 6.5 0.05\1.08 0.08\1.14      
1.17 9.4 0.06\1.11       
There is a systematic trend in θ/θcyl-U
* space for the point at which peak 
efficiency occurs at different levels of damping. In Fig.9-38–Fig.9-40 the angular 
response of the I* = 0.69 cylinders are shown for the T* = 1.5, 4.0 and 8.0 cases, 
respectively, with the operating points coinciding with peak efficiency highlighted. 
As the figures show, the oscillation wavelength U* at the peak efficiency point 
exhibits, in all cases, a gradual increase in length as the damping is increased. The 
lengthening trend appears quasi-linear in ζ, but tests with finer U* resolution in the 
vicinity of the peak efficiency point are necessary in order to confirm or reject this 
assessment, particularly for the T* = 4.0 and 8.0 cases. In addition, the magnitude of 
the average peak angular oscillation at the peak efficiency point is reduced as the 
damping in increased. 
The lengthening of U* at peak efficiency follows the overall characteristic of the 
upper part of the angular response towards larger U*. Consider, for example, Fig.9-
39: In the initial branch region below θ/θcyl ~ 1.0 the angular responses at a given U
* 
are similar in magnitude. However, in the response region beyond θ/θcyl ~ 1.0 the 
data exhibit a significant migratory trend to larger oscillation wavelength as 
damping increases; the operating point at which peak efficiency occurs is also 
subject to this wavelength increasing characteristic. The fact that for each data set 
the point coincident with peak efficiency occurs at what appears to be the same 
point relative to the overall response profile indicates–at least for a given I*, T*, 
rgy/D configuration–that at different levels of damping the value of the added inertia 
coefficient Ca at peak efficiency remains unchanged. This behaviour is depicted in 
Fig.9-41 showing the added inertia coefficient values for the I* = 0.69, T* = 1.5 





Figure 9-38: Angular response of pivoted bare circular cylinder at operating point of 
peak efficiency εfr, I
* = 0.69, T* = 1.50. 
 
Figure 9-39: Angular response of pivoted bare circular cylinder at operating point of 
peak efficiency εfr, I






































Figure 9-40: Angular response of pivoted bare circular cylinder at operating point of 
peak efficiency εfr. I






















Figure 9-41: Added inertia coefficient Ca at the operating point of peak efficiency. 
I* = 0.69, T* = 4.0. Smaller Ca-U
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PART III TOWARD SYSTEM DESIGN OF PIVOTED CIRCULAR 
CYLINDERS AS RENEWABLE ENERGY TECHNOLOGY 
The system design of the pivoted cylinder system for use as a renewable energy 
technology is considered throughout Part III. The first chapter, Chapter 10, 
discusses the development of the Frequency-stiffness Fs parameter that collapses 
the frequency responses at the operating point of peak efficiency for all the three 
different cylinder cross-sections considered in the experiments undertaken 
throughout this work i.e. the bare cylinder and the cylinders with 1-sided splitter-
plate or 2-sided splitter-plate (see Fig.5-3). Model equations for the average 
magnitude of the cylinder angular vibrations θ/θcyl, the oscillation frequency f˜ (i.e. 
the response frequency expressed in a dimensionless form) the energy extraction 
efficiency εfr and the coefficient-of-performance Cp are obtained for the bare 
cylinder configuration through application of the method of multiple linear 
regression to the corresponding experiment data. An overview is provided in regard 
to the parameter settings of the pivoted cylinder system that lead to enhanced 
efficiency of energy extraction from cross-flows. To complete Chapter 10, a method 
is outlined for maintaining the operation at the operating point of peak energy 
extraction efficiency under conditions of variable cross-flow velocity, such as is 
encountered in tidal streams. 
In Chapter 11 a new approach to presenting the coefficient-of-performance Cp is 
outlined. It will be seen that by using the coefficient-of-performance map presented 
herein that for the case of the bare cylinder the inertia ratio of the system I*, the 
Reynolds number and the damping ratio are clearly the parameters governing the 
efficiency performance. Two distinct coefficient-of-performance regimes are 
identified in the Cp-Q
* space, wherein the response is largely characterised by either 
low-magnitude–high-frequency angular vibrations or by high-magnitude–low-
frequency vibrations. The combined effect of these two factors is inherently 
accounted for in the Q* term given that both the angular magnitude of the response 














Chapter 10 System modelling and energy extraction optimisation 
The method of multiple linear regression was performed on the experiment data of 
the bare cylinder configuration to obtain model equations for the average magnitude 
of the cylinder angular vibrations θ/θcyl, the oscillation frequency in nondimensional 
form f˜, the energy extraction efficiency εfr and the coefficient-of-performance Cp. 
Overall, the adopted approach consisted of repeating the regression procedure 
until the final form of the model equation was obtained. Initially, the full set of 
structural and geometric parameters that constitute the system were included in the 
regression formulation. At the end of the initial regression ‘run’ variables associated 
with an ‘a’ term approximately equal to zero were eliminated from the subsequent 
repetition of the regression procedure (see 5.5 Multiple linear regression for the 
meaning of the ‘a’ terms). If necessary, elimination was again performed after a 
second regression run, however, in most instances a first-run/variable 
elimination/second-run process was sufficient to obtain the final form of the model 
equation. 
Before considering the outcomes of the multiple linear regression procedures, the 
Frequency-stiffness Fs parameter is first discussed which collapses the frequency 
response of all the cylinder cross-sections considered as part of the present work 
(i.e. bare cylinder and cylinder with 1-sided splitter-plate or 2-sided splitter-plate). 
The parameter is a composite of other parameters used throughout this work for 
quantifying the structural properties of the pivoted cylinder system. 
Following on from the Frequency-stiffness parameter and the multiple linear 
regression method applied to the experiment data of the bare cylinder is an 
overview of the parameter settings of the pivoted cylinder system that lead to 
enhanced efficiency of energy extraction from cross-flows.  
10.1 Frequency-stiffness Fs 
In this section, it will be seen that for the bare cylinder and cylinder with 1- and 2-
sided splitter-plates the frequency response of the cylinder is appropriately 
expressed in terms of the same general parameters. More specifically, at the 




using the Frequency-stiffness parameter Fs and the torque ratio T*, both of which 
are terms developed as part of the present work. The Fs-T* relationship is equally 
valid for the bare cylinder, the cylinder with 1-sided splitter-plate and the cylinder 
with 2-sided splitter-plate.  
First, the frequency responses coinciding with the peak efficiency operating 
point, respectively, of all the different configurations of the pivoted cylinder cross-
section tested are presented in Fig.10-1 in terms of the reduced frequency parameter 






Figure 10-1: Reduced-frequency f˜ versus torque ratio T* at the operating point of 
peak energy extraction efficiency for the bare cylinder and the cylinders with 1-
sided and 2-sided splitter-plate configurations of pivoted, rigid, circular cylinders. 
Various I*, T* and ζ. Note: For 1-sided splitter-plate configurations the oscillation 
frequency f is constant at fnw irrespective of Ur. 
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R² = 0.87117
y = -0.02554x2 + 0.31217x - 0.06234
R² = 0.98418
y = -0.00071x2 + 0.10881x + 0.06005
R² = 0.98796










VIV: M*=0.21,I*=0.69,T*=1.5 VIV: M*=0.21,I*=0.69,T*=4.0
VIV: M*=0.21,I*=0.86,T*=5.5 VIV: M*=0.49,I*=1.17,T*=6.5
VIV: M*=0.21,I*=0.69,T*=8.0 VIV: M*=0.49,I*=1.17,T*=9.3
SP 1-sided 0.5D: M*=0.19,I*=0.29,T*=1.3 SP 1-sided 0.5D: M*=0.31,I*=0.62,T*=1.6
SP 1-sided 0.5D: M*=0.31,I*=0.62,T*=1.7 SP 1-sided 0.5D: M*=0.31,I*=0.62,T*=1.8
SP 1-sided 0.5D: M*=0.15,I*=0.61,T*=2.0 SP 1-sided 0.5D: M*=0.31,I*=0.62,T*=2.0
SP 1-sided 0.5D: M*=0.20,I*=0.66,T*=2.4 SP 1-sided 0.5D: M*=0.34,I*=0.85,T*=2.5
SP 1-sided 0.5D: M*=0.15,I*=0.61,T*=2.8 SP 1-sided 0.5D: M*=0.15,I*=0.61,T*=2.9
SP 1-sided 0.5D: M*=0.15,I*=0.61,T*=3.6 SP 1-sided 0.5D: M*=0.24,I*=0.63,T*=3.6
SP 1-sided 0.5D: M*=0.24,I*=0.63,T*=4.2 SP 1-sided 1.0D: M*=0.42,I*=0.96,T*=1.9
SP 1-sided 1.0D: M*=0.22,I*=0.40,T*=2.1 SP 1-sided 1.0D: M*=0.04,I*=0.44,T*=2.8
SP 1-sided 1.0D: M*=0.01,I*=0.45,T*=3.4 SP 2-sided 0.4D: M*=0.46,I*=2.53,T*=3.2
SP 2-sided 0.4D: M*=0.90,I*=5.02,T*=3.4 SP 2-sided 0.4D: M*=0.42,I*=1.04,T*=4.7
SP 2-sided 0.4D: M*=0.46,I*=2.53,T*=5.9 SP 2-sided 0.4D: M*=0.90,I*=5.02,T*=5.9
SP 2-sided 0.4D: M*=0.46,I*=2.53,T*=7.8 SP 2-sided 0.4D: M*=0.90,I*=5.02,T*=8.4
SP 2-sided 0.4D: M*=0.46,I*=2.53,T*=8.6 SP 2-sided 0.5D: M*=0.39,I*=0.98,T*=5.2
SP 2-sided 0.6D: M*=0.41,I*=0.97,T*=3.4 SP 2-sided 0.9D: M*=0.46,I*=1.07,T*=5.2
SP 2-sided 1.0D: M*=0.49,I*=1.14,T*=5.2 Poly. (All data, l/D=0.4)
Poly. (All data, l/D=0.5) Poly. (All data, l/D=0.6)







As plotted in Fig.10-1 the data exhibits reasonably consistent trends. Notably, 
however, some instances fall markedly outside the apparent trends. This 
inconsistency is attributable to differences in the rotational inertia about the cylinder 
pivot of the fluid displaced by the cylinder Id and/or the radius-of-gyration of the 
displaced fluid rgy and/or the angular-stiffness kθ. 
For example, consider the 2-sided l/D = 0.4 cylinder cases. For these 8 
experiment regimes some of the details of particular relevance to the present 
discussion are presented in Table 10-1. 
Table 10-1: Nondimensional parameters and structural properties of the 2-sided l/D 
= 0.4 experiments. 
Case M* I* T* Id (kg.m
2) rgy (m) kθ (N.m/rad) 
1 0.42 1.04 4.69 0.672 0.751 30.7 
2 0.46 2.53 8.64 0.149 0.512 21.3 
3 0.46 2.53 5.91 0.149 0.512 13.7 
4 0.46 2.53 3.19 0.149 0.512 6.09 
5 0.90 5.02 3.41 0.104 0.476 5.05 
6 0.90 5.02 5.91 0.104 0.476 10.3 
7 0.90 5.02 8.42 0.104 0.476 15.6 
8 0.46 2.53 7.75 0.149 0.512 18.8 
To correct the inconsistencies of the data in Fig.10-1 requires, firstly, an 
additional term that expresses the angular stiffness in a nondimensional manner. To 
this effect a term has been formulated as part of the present work, referred to from 
this point forward as the reduced angular-stiffness kθ
*. The kθ
* term relates the 
overall stiffness of the system (i.e. the net effect of the moments about the pivot 
associated with cylinder mass, buoyancy and any additional stiffness from springs) 
to the moment associated solely with the distribution of the cylinder mass relative to 





 .   (10-1) 
where 𝑘𝜃 is the angular-stiffness about the cylinder pivot (N.m/rad), 




g is gravitational acceleration (m/s2), and 
𝐼𝑑 is the rotational-inertia about the cylinder pivot of the fluid displaced by 
the cylinder (kg.m2). 
Secondly, the reduced-frequency f˜ and reduced angular-stiffness 𝑘𝜃
∗  are 


















.  (10-2) 
where f is the cylinder oscillation frequency at the operating point at which peak 
energy extraction efficiency occurs (Hz). 
The f˜, 𝑘𝜃
∗  and Fs values for the 8 test regimes of the 2-sided l/D = 0.4 splitter-
plate cylinder (see Table 10-1) are tabulated in Table 10-2. 
Table 10-2: Nondimensional parameters and the reduced-frequency, reduced 
angular-stiffness and Frequency-stiffness parameter of the 2-sided l/D = 0.4 
experiments. 
Case M* I* T* f˜ 𝑘𝜃
∗  Fs 
1 0.42 1.04 4.69 0.891 3.50 3.12 
2 0.46 2.53 8.64 1.195 7.45 8.90 
3 0.46 2.53 5.91 1.100 4.79 5.27 
4 0.46 2.53 3.19 0.798 2.13 1.70 
5 0.90 5.02 3.41 0.644 2.36 1.52 
6 0.90 5.02 5.91 0.953 4.82 4.60 
7 0.90 5.02 8.42 1.175 7.29 8.56 
8 0.46 2.53 7.75 1.075 6.59 7.08 
Now, using the Frequency-stiffness parameter the data of the 2-sided l/D = 0.4 








Figure 10-2: Frequency-stiffness parameter Fs versus torque ratio T* at peak energy 
extraction efficiency operating point for bare cylinder and 1-sided and 2-sided 
splitter-plate configurations of pivoted, rigid, circular cylinders. Various I*, T* and 
ζ. Note: For 1-sided splitter-plate configurations the oscillation frequency f is 
constant at fnw irrespective of Ur. 
y = 0.0610x2 + 0.6360x - 1.1564
R² = 0.9919
y = 0.1055x2 + 0.2140x - 0.3899
R² = 0.9989
y = 0.1090x2 - 0.0737x - 0.0248
R² = 0.9995














VIV: M*=0.21,I*=0.69,T*=1.5 VIV: M*=0.21,I*=0.69,T*=4.0
VIV: M*=0.21,I*=0.86,T*=5.5 VIV: M*=0.49,I*=1.17,T*=6.5
VIV: M*=0.21,I*=0.69,T*=8.0 VIV: M*=0.49,I*=1.17,T*=9.3
SP 1-sided 0.5D: M*=0.19,I*=0.29,T*=1.3 SP 1-sided 0.5D: M*=0.31,I*=0.62,T*=1.6
SP 1-sided 0.5D: M*=0.31,I*=0.62,T*=1.7 SP 1-sided 0.5D: M*=0.31,I*=0.62,T*=1.8
SP 1-sided 0.5D: M*=0.15,I*=0.61,T*=2.0 SP 1-sided 0.5D: M*=0.31,I*=0.62,T*=2.0
SP 1-sided 0.5D: M*=0.20,I*=0.66,T*=2.4 SP 1-sided 0.5D: M*=0.34,I*=0.85,T*=2.5
SP 1-sided 0.5D: M*=0.15,I*=0.61,T*=2.8 SP 1-sided 0.5D: M*=0.15,I*=0.61,T*=2.9
SP 1-sided 0.5D: M*=0.15,I*=0.61,T*=3.6 SP 1-sided 0.5D: M*=0.24,I*=0.63,T*=3.6
SP 1-sided 0.5D: M*=0.24,I*=0.63,T*=4.2 SP 1-sided 1.0D: M*=0.42,I*=0.96,T*=1.9
SP 1-sided 1.0D: M*=0.22,I*=0.40,T*=2.1 SP 1-sided 1.0D: M*=0.04,I*=0.44,T*=2.8
SP 1-sided 1.0D: M*=0.01,I*=0.45,T*=3.4 SP 2-sided 0.4D: M*=0.46,I*=2.53,T*=3.2
SP 2-sided 0.4D: M*=0.90,I*=5.02,T*=3.4 SP 2-sided 0.4D: M*=0.42,I*=1.04,T*=4.7
SP 2-sided 0.4D: M*=0.46,I*=2.53,T*=5.9 SP 2-sided 0.4D: M*=0.90,I*=5.02,T*=5.9
SP 2-sided 0.4D: M*=0.46,I*=2.53,T*=7.8 SP 2-sided 0.4D: M*=0.90,I*=5.02,T*=8.4
SP 2-sided 0.4D: M*=0.46,I*=2.53,T*=8.6 SP 2-sided 0.5D: M*=0.39,I*=0.98,T*=5.2
SP 2-sided 0.6D: M*=0.41,I*=0.97,T*=3.4 SP 2-sided 0.9D: M*=0.46,I*=1.07,T*=5.2
SP 2-sided 1.0D: M*=0.49,I*=1.14,T*=5.2 Poly. (All data, l/D=0.4)
Poly. (All data, l/D=0.5) Poly. (All data, l/D=0.6)







The 2nd-order polynomial trendline curves fitted to the data of Fig.10-2 are: 
Bare cylinder:  𝑦𝑜 = 0.1137𝑇
∗2 + 0.7938𝑇∗ − 1.179 
1- and 2-sided cylinder, splitter-plate l/D = 0.4: 
   𝑦1 = 0.06100𝑇
∗2 + 0.6360𝑇∗ − 1.156 
1- and 2-sided cylinder, splitter-plate l/D = 0.5: 
   𝑦2 = 0.1055𝑇
∗2 + 0.2140𝑇∗ − 0.3899 
1- and 2-sided cylinder, splitter-plate l/D = 1.0: 
       𝑦3 = 0.1090𝑇
∗2 + 0.07365𝑇∗ − 0.02484 
The ratios of these equations with the no splitter-plate case base equation (i.e. 
with equation yo) are presented in Table 10-3 at selected T
* values. In addition, 
Table 10-3 also compares the y-ratios to the value of el/D for the l/D corresponding 
to the trendline equation e.g. for equation y2 l/D = 0.5. 
Table 10-3: Ratios of Frequency-stiffness polynomial trendline curves. 
T* 3.5 4.0 4.5 Average T* = 3.5-4.5 el/D % absolute error 
yo/y1 1.647 1.614 1.597 1.619 1.492 8.55 
yo/y2 1.812 1.771 1.733 1.772 1.649 7.46 
yo/y3 2.843 2.679 2.537 2.686 2.718 1.18 
The relations of indicate the frequency response of the various cylinder 
configurations can be appropriately scaled by el/D. Accordingly, the y-axis term 















.  (10-3) 
The data of Fig.10-2 are reproduced using the scaled y-axis term 𝐹𝑠 ∙
𝑒𝑙/𝐷/√1 − 2. As a result, the various cylinder cross-section configurations (i.e. bare 
cylinder and cylinder with 1-sided and 2-sided splitter-plate) are seen to collapse 





Figure 10-3: Scaled Frequency-stiffness parameter Fs versus torque ratio T* at peak 
energy extraction efficiency operating point for bare cylinder and 1-sided and 2-
sided splitter-plate configurations of pivoted, rigid, circular cylinders. Various I*, T* 
and ζ. Note: For 1-sided splitter-plate configurations the oscillation frequency f is 
constant at fnw irrespective of Ur.  














VIV: M*=0.21,I*=0.69,T*=1.5 VIV: M*=0.21,I*=0.69,T*=4.0
VIV: M*=0.21,I*=0.86,T*=5.5 VIV: M*=0.49,I*=1.17,T*=6.5
VIV: M*=0.21,I*=0.69,T*=8.0 VIV: M*=0.49,I*=1.17,T*=9.3
SP 1-sided 0.5D: M*=0.19,I*=0.29,T*=1.3 SP 1-sided 0.5D: M*=0.31,I*=0.62,T*=1.6
SP 1-sided 0.5D: M*=0.31,I*=0.62,T*=1.7 SP 1-sided 0.5D: M*=0.31,I*=0.62,T*=1.8
SP 1-sided 0.5D: M*=0.15,I*=0.61,T*=2.0 SP 1-sided 0.5D: M*=0.31,I*=0.62,T*=2.0
SP 1-sided 0.5D: M*=0.20,I*=0.66,T*=2.4 SP 1-sided 0.5D: M*=0.34,I*=0.85,T*=2.5
SP 1-sided 0.5D: M*=0.15,I*=0.61,T*=2.8 SP 1-sided 0.5D: M*=0.15,I*=0.61,T*=2.9
SP 1-sided 0.5D: M*=0.15,I*=0.61,T*=3.6 SP 1-sided 0.5D: M*=0.24,I*=0.63,T*=3.6
SP 1-sided 0.5D: M*=0.24,I*=0.63,T*=4.2 SP 1-sided 1.0D: M*=0.42,I*=0.96,T*=1.9
SP 1-sided 1.0D: M*=0.22,I*=0.40,T*=2.1 SP 1-sided 1.0D: M*=0.04,I*=0.44,T*=2.8
SP 1-sided 1.0D: M*=0.01,I*=0.45,T*=3.4 SP 2-sided 0.4D: M*=0.46,I*=2.53,T*=3.2
SP 2-sided 0.4D: M*=0.90,I*=5.02,T*=3.4 SP 2-sided 0.4D: M*=0.42,I*=1.04,T*=4.7
SP 2-sided 0.4D: M*=0.46,I*=2.53,T*=5.9 SP 2-sided 0.4D: M*=0.90,I*=5.02,T*=5.9
SP 2-sided 0.4D: M*=0.46,I*=2.53,T*=7.8 SP 2-sided 0.4D: M*=0.90,I*=5.02,T*=8.4
SP 2-sided 0.4D: M*=0.46,I*=2.53,T*=8.6 SP 2-sided 0.5D: M*=0.39,I*=0.98,T*=5.2
SP 2-sided 0.6D: M*=0.41,I*=0.97,T*=3.4 SP 2-sided 0.9D: M*=0.46,I*=1.07,T*=5.2







Therefore, a set of parameters exists that when combined appropriately govern 
the frequency response of the pivoted rigid cylinder system, with and without 
splitter-plates. Furthermore, a scaling parameter for the frequency response based 
on the splitter-plate length has been found that enables all frequency responses to be 
plotted according to a single curve. By utilising Eq.10-3 it is straightforward to 
accurately predict the frequency response that will occur at the operating point of 
peak efficiency εfr. For the application of the pivoted cylinder structure to the 
problem of extracting useful energy from cross-flows the capacity for predicting the 
cylinder oscillation frequency at the operating point of peak efficiency provides a 
solid basis for the system design process.  
10.2 Multiple linear regression applied to the bare cylinder vibration 
response and energy extraction efficiency 
In this section the linear regression technique as outlined in 5.5 Multiple linear 
regression is applied to the experiment data of the pivoted bare cylinder to gain 
insight into the dependence of the system response and efficiency performance on 
the various parameters that constitute the system of the pivoted cylinder undergoing 
vortex-induced vibration. 
10.2.1 Average angular peak: θ/θcyl = f(I*, Re, ζ) 
In regard to the angular response of the pivoted bare cylinders both observation of 
the experiments and assessment of the results indicated the response to be 
dependent on the mass properties of the cylinder I*, the level of the applied damping 
ζ and on the Reynolds number (see Fig.8-7–Fig.8-10).  
With the preceding observations in mind, multiple linear regression was carried 
out to test this assessment in more detail and to quantify the degree to which each 
parameter influences the angular magnitude of the VIV response. In doing so an 
equation for the magnitude of the angular oscillations θ/θcyl coinciding with the 
operating point of peak efficiency was subsequently formulated.  
The regression formulation and solution equation are 
log / 𝑐𝑦𝑙 = a1log 𝐼
∗ + a2log 𝑅𝑒 + a3log +log 𝑐 








 , (10-4) 
respectively. The experiment data for the 6 different bare cylinder configurations 
tested are presented in Fig.10-4 together with the predictions obtained by using 
Eq.10-4 with the values for I*, Re and ζ particular to each experiment. 
 
Figure 10-4: Average angular response magnitude θ/θcyl at operating point of peak 
frontal-area efficiency εfr for the pivoted cylinders undergoing vortex-induced 
vibration. Various I* and T*. Reynolds number range of data: I* = 0.69: T* = 1.50: 
3.8x103  Re  4.0x103, T* = 4.00: 7.4x103  Re  8.3x103, T* = 8.00: 1.1x104  Re 
 1.2x104; I* = 0.86: T* = 5.50: 9.1x103  Re  9.2x103; I* = 1.17: T* = 6.50: Re = 
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θ/θcyl
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1. I*=0.69, T*=1.5 2. I*=0.69, T*=4.0
3. I*=0.86, T*=5.5 4. I*=1.17, T*=6.5
5. I*=0.69, T*=8.0 6. I*=1.17, T*=9.4
Regression eq. system [1] Regression eq. system [2]
Regression eq. system [3] Regression eq. system [4]
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The structure of the regression solution Eq.10-4 verifies the initial assessment 
that the magnitude of the angular response is governed by the cylinder mass 
properties, the damping level and the Reynolds number. As the indices 
corresponding to each of the parameters in Eq.10-4 indicate, the dominant 
parameter in regard to the magnitude of the angular response is the inertia ratio I*. 
10.2.2 Frequency response: f˜ = f(I*, T*, rgy/D, kθ*, ζ) 
In the preceding section (10.1 Frequency-stiffness Fs) concerned with the frequency 
response of the cylinders with and without splitter-plates it was demonstrated 
through Eq.10-2 and Fig.10-3 that the frequency is dependent on Id, T
*, rgy, kθ and ζ 
(and l/D for the cylinders with splitter-plates). For the bare cylinder this dependency 
is now verified by multiple linear regression analysis, identifying the independent 
parameters I*, T*, rgy/D, kθ
* and ζ to govern the frequency response, where I*, rgy/D 
and kθ
* are the nondimensional ‘parent’ parameters, respectively, of Id, rgy and kθ. 




 = a1log 𝐼
∗ + a2log 𝑇
∗ + a3log(𝑟𝑔𝑦 𝐷⁄ ) + a4log𝑘𝜃
∗ + log 𝑐 





0.120 √1 − 2.  (10-5) 
The experiment data for frequency of the 6 different bare cylinder configurations 





Figure 10-5: Frequency response f˜ at operating point of peak frontal-area 
efficiency for pivoted cylinders undergoing vortex-induced vibration. Various I* 
and T*. Data points ‘-’ are predictions of Eq.10-5 using the experiment values for 
the parameters I*, T*, rgy/D, kθ
* and ζ. 
In Eq.10-5 there is present the combined product of the inertia ratio I* and ratio 
of radius-of-gyration to the cylinder diameter rgy/D, both raised to respective 
powers. The values of I*0.200(rgy/D)
0.120 for the bare cylinder tests conducted are 
tabulated in Table 10-4. Excepting the three experiments set to I* = 1.17 the product 
I*0.200(rgy/D)
0.120 remained at an almost constant value (the potential influence of this 
combined parameter was not foreseen prior to planning the experiment testing 









0.00 0.05 0.10 0.15 0.20 0.25 0.30 0.35
ζ
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Table 10-4: Values of the combined parameter I*0.200(rgy/D)
0.120 for the tested bare 
cylinders. 
M* I* T* rgy/D I*0.200(rgy/D)0.120 
0.21 0.69 1.50 19.5 1.326 
0.21 0.69 1.50 19.5 1.326 
0.21 0.69 1.50 19.5 1.326 
0.21 0.69 1.50 19.5 1.326 
0.21 0.69 1.50 19.5 1.326 
0.21 0.69 1.50 19.5 1.326 
0.21 0.69 1.50 19.5 1.326 
0.21 0.69 1.50 19.5 1.326 
0.21 0.69 4.00 19.5 1.326 
0.21 0.69 4.00 19.5 1.326 
0.21 0.69 4.00 19.5 1.326 
0.21 0.69 4.00 19.5 1.326 
0.21 0.69 4.00 19.5 1.326 
0.21 0.69 4.00 19.5 1.326 
0.21 0.69 4.00 19.5 1.326 
0.21 0.69 8.00 19.5 1.326 
0.21 0.69 8.00 19.5 1.326 
0.21 0.69 8.00 19.5 1.326 
0.21 0.69 8.00 19.5 1.326 
0.21 0.69 8.00 19.5 1.326 
0.21 0.69 8.00 19.5 1.326 
0.21 0.69 8.00 19.5 1.326 
0.21 0.86 5.50 19.4 1.385 
0.21 0.86 5.50 19.4 1.385 
0.49 1.17 9.34 25.2 1.520 
0.49 1.17 6.47 25.2 1.520 
0.49 1.17 6.47 25.2 1.520 
 
value of I*0.200(rgy/D)
0.120 only changed between the limits of 1.33 < I*0.200(rgy/D)
0.120 
< 1.52 a dependency on these two parameters, although slight, is still apparent in 
the outcome of the regression analysis (Eq.10-5). Additional experimental work that 





0.120 is recommended as a means of testing the predictive 
capacity of Eq.10-5. 
The functional dependency of the frequency response can be viewed in two 
ways: both are equivalent, with the second form differing from the first only 
through expansion of the 𝑘𝜃
∗  term. 
Firstly, in terms of the parameter set as used to express Eq.10-5 𝑓 =
𝑓(𝐼∗, 𝑇∗, 𝑘𝜃
∗ , 𝑟𝑔𝑦 𝐷⁄ , ). However, in its expanded format 𝑘𝜃






 (𝑇∗ − 1). 
Hence, the alternative and equivalent form is 𝑓 = 𝑓(𝐼∗, 𝑇∗, 𝑟𝑑 𝑟𝑔𝑦⁄ , 𝑟𝑔𝑦 𝐷⁄ , ). When 
considered in this way it becomes apparent that not only is the frequency a function 
of the more fundamental parameters 𝐼∗, 𝑇∗and ζ but also is dependent on the 
location of the displaced fluid volume centroid, scaled relative to the radius-of-
gyration of the fluid volume displaced by the cylinder. For a uniform diameter 
cylinder 𝑟𝑑 = 
1
2

















.  (10-6) 






0.120  √1 − 2.  (10-7) 
10.2.3 Energy extraction efficiency: εfr = f(I*, Re, U/D, ζ) 
In the preceding section 10.2.1 Average angular peak: θ/θcyl = f(I
*, Re, ζ) the 
angular response of the pivoted bare cylinder was determined through the 
application of the multiple linear regression analysis to be dependent on the mass 
properties of the cylinder I*, the level of the applied damping ζ and on the Reynolds 
number (see Eq.10-4). Given the dependency of the extracted power on the 
magnitude of the angular vibrations (see Eq.9-9) the efficiency must also be 
influenced by the set of parameters that govern the magnitude of the cylinder 
oscillations i.e. I*, ζ and the Reynolds number. As can be seen in Eq.9-9 the 
efficiency is also additionally dependent on the frequency with which the cylinder 




cross-flow a useful way to express the oscillation frequency–particularly for system 
design–is in terms of the velocity of the cross-flow and the characteristic dimension 
of the cylinder, by the parameter U/D. This arises due to a given combination of 
cylinder diameter and Reynolds number at the operating point of peak efficiency 
corresponding to a specific U/D value. 
For the pivoted bare cylinder in the present work the peak in the efficiency was 
consistently found to occur at a reduced-velocity of U* = U/(fD) ~ 5.8, regardless of 
the cylinder mass and structural properties (note: Reynolds number and damping 
ratio were found to alter this U* value slightly, see 8.3 Reynolds number 
dependency, Fig.8-7 & Fig.8-8). As a consequence, the necessary design frequency 
of oscillation for a given cylinder diameter and cross-flow velocity of the source 
flow is easily ascertained through f = (U/D)/U*, where in the present context U* 
accords to the reduced-velocity at the peak efficiency operating point. Through 
inspection of the experiment results, there exists a clear link between the frequency, 
characterised through the magnitude of the U/D term, and the efficiency of energy 
extraction (see Table 11-2 for example results). The significance and application of 
the U/D term is discussed in more detail in 10.3 Parameter settings for improving 
energy extraction efficiency. 
In the regression procedure for the energy extraction efficiency εfr the term 
√1 − 2 has been included in the formulation. The use of the √1 − 2 term is 
somewhat arbitrary and was employed to force a self-limiting profile on the 
regression solution, such that it would reach a maximum at some arbitrary value of 
ζ and, thereafter, decrease. It should not be inferred that the value of the damping 
ratio that corresponds to the optimally damped power-take-off setting can in any 
way be obtained from Eq.10-8 that resulted from the regression analysis. However, 
with regard to the outcomes of the regression procedure, the adoption of the square-
root term, although arbitrary in nature, is of negligible significance. Trials of the 
regression procedure were followed through with and without the √1 − 2 term 
included and in either case the values of the indices for the respective parameters 
were not different by any amount that would be deemed significant; the largest 
variation of the indices between the two cases was no more than ±5%. More 




locations in either the numerator or denominator) of the solution equation was 
identical in each case. 
The regression formulation for the efficiency of energy extraction and the 
corresponding solution equation obtained from the regression procedure are, 
respectively, 
log ( 𝑓𝑟/√1 − 2) = a1log 𝐼
∗ + a2log 𝑅𝑒 + a3log(𝑈/𝐷) + a4log +log 𝑐 
and   
𝑓𝑟 = 0.665 
 (𝑈/𝐷)0.739
𝐼∗0.475𝑅𝑒0.110
 0.609√1 − 2.  (10-8) 
The experiment data is presented in Fig.10-6 together with the predictions 







Figure 10-6: Comparison of the experiment data and the regression equation for the 
energy extraction efficiency εfr of the pivoted cylinders undergoing vortex-induced 
vibration. Various I* and T*. Reynolds number range of data: I* = 0.69: T* = 1.50: 
3.8x103  Re  4.0x103, T* = 4.00: 7.4x103  Re  8.3x103, T* = 8.00: 1.1x104  Re 
 1.2x104; I* = 0.86: T* = 5.50: 9.1x103  Re  9.2x103; I* = 1.17: T* = 6.50: Re = 
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10.2.4 Coefficient-of-performance: Cp = f(I*, Re, U/D, ζ) 
A procedure identical to that of section 10.2.3 is now used for the regression 
analysis for the coefficient-of-performance Cp of the pivoted bare cylinder; this 
includes the adoption of the square-root term √1 − 2 in the regression formulation. 
As is the case for the efficiency, the coefficient-of-performance has been found to 
also be dependent on the mass properties of the cylinder I*, the damping ratio ζ, 
Reynolds number and the ratio of the cross-flow velocity to the cylinder diameter 
U/D. 
The regression formulation for the efficiency of energy extraction and the 
corresponding solution equation obtained from the regression procedure are, 
respectively, 
log (𝐶𝑝/√1 − 2) = a1log 𝐼
∗ + a2log 𝑅𝑒 + a3log(𝑈/𝐷) + a4log +log 𝑐 
and   
𝐶𝑝 = 0.245 
 (𝑈/𝐷)0.537
𝐼∗0.150𝑅𝑒0.0221





Figure 10-7: Comparison of the experiment data and the regression equation for the 
coefficient-of-performance Cp of the pivoted cylinders undergoing vortex-induced 
vibration. Various I* and T*. Reynolds number range of data: I* = 0.69: T* = 1.50: 
3.5x103  Re  4.0x103, T* = 4.00: 7.0x103  Re  7.9x103, T* = 8.00: Re = 1.1x104 
(all points); I* = 0.86: T* = 5.50: 9.1x103  Re  9.2x103; I* = 1.17: T* = 6.50: 
5.0x103  Re  5.4x103, T* = 9.35: Re = 6.1x103. 
10.3 Parameter settings for improving energy extraction efficiency 
In the earlier part of this chapter consideration was given to the Frequency-stiffness 
Fs parameter as a means of predicting the oscillation frequency of the different 
cross-section pivoted cylinders at the operating point of peak efficiency. This was 
then followed by the outcomes of the multiple linear regression analyses applied to 
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In this section a brief discussion is given in regard to optimisation of the pivoted 
cylinder systems for energy extraction from cross-flows. The focus is on the bare 
cylinder configuration given that the only parameter identified in the present work 
as influencing the energy extraction efficiency of the cylinder with 1-sided splitter-
plate is the power-take-off setting i.e. the damping ratio (see e.g. Fig.9-7 & Fig.9-8). 
For the cylinder with 1-sided splitter-plate, consideration of the mass and structural 
properties is only required from the perspective of ensuring the peak efficiency 
operating point occurs at a cross-flow velocity equal to that of the flow source. For 
the cylinder with 2-sided splitter-plate additional experiment data is required in 
order for detailed comment regarding the optimisation of this configuration to be 
made. 
As reference for the present section the equations obtained from the regression 
analysis of the experiment data of the bare pivoted cylinder configuration are 
provided in Table 10-5. 
Table 10-5: Model equations for the vibration response and efficiency performance 
of the pivoted bare cylinder. 









0.120 √1 − 2 
3.  εfr 0.665 
 (𝑈/𝐷)0.739
𝐼∗0.475𝑅𝑒0.110
 0.609√1 − 2 
4.  Cp 0.245
 (𝑈/𝐷)0.537
𝐼∗0.150𝑅𝑒0.0221
0.700√1 − 2 
 
Inspection of the model equations of Table 10-5 makes apparent the sensitivity 
of the bare cylinder vibration response and energy extraction performance to the 
mass and structural properties of the system and to those that relate to the operating 
condition i.e. to the cross-flow velocity. Targeting change in the value of the 
parameter (e.g. I* or T*) that most affects a particular outcome (e.g. f˜ or Cp) is, from 
an analytic perspective alone, the most effective means of bringing about a change 




practical limits imposed by a real device the values of the parameters can only be 
pushed so far. For example, given the I* value is associated with the mass of the 
structure, values of I* << 1 are unachievable for a manufactured cylinder structure. 
With regard to the energy extraction efficiency there are two parameters based 
on the cross-flow velocity U and the cylinder diameter D: U/D and the Reynolds 
number. Owing to their shared components these are interdependent parameters for 
the system (it is important to keep in mind that for a given system characterised by a 
particular value of I* and damping setting an increase in the Reynolds number was 
found to result in larger θ/θcyl). If the velocity of the flow source is larger for a given 
cylinder diameter, then by Eq.3 of Table 10-5 the efficiency is greater. In this 
scenario both the magnitude of the vibrations and the oscillation frequency have 
increased. Recall from section 10.2.3 Energy extraction efficiency: εfr = f(I
*, Re, 
U/D, ζ) the relations U* = U/(fD) ~ 5.8 (the value ~5.8 is for the bare pivoted 
cylinder, different for cylinder with 1-sided splitter-plate, etc.) and f = (U/D)/U*. 
If now the cylinder diameter is reduced for a given flow velocity of the source 
the Reynolds number decreases with an associated loss in the magnitude of the 
vibrations (Eq.1 of Table 10-5). However, the effect of the associated increase in the 
cylinder oscillation frequency (U/D increases) surpasses the diminishing effect the 
lower magnitude of vibration and the efficiency still increases (Eq.3 of Table 10-5). 
The worst-case scenario is that of larger cylinder diameter for a given velocity of 
the source. Under these circumstances the efficiency is decreased owing to the 
reduction in oscillation frequency, despite the larger oscillation magnitude that 
results. This last scenario is of much importance when considering the application 
of large-scale devices i.e. D = 𝒪(1m). It can easily be seen how operating at a 
Reynolds number value within the range noted for greater fluctuating lift on a fixed 
cylinder (i.e. within the upper-subcritical, see Fig.2-5) while ensuring at the same 
time the design criterion U/(U*D) ≥ 1 is satisfied (see Table 11-2 for example 
values of the present experiments) can constrain the system to a small cylinder 
diameter. Therefore, a likely requirement for the bare cylinder is to design for 
operation at the highest values of the upper-subcritical i.e. Re ~ 1x105. Clearly, 
operation at moderate to high oscillation frequency is necessary in order to obtain 




cylinder in water cross-flow, as cylinder diameter is increased large corresponding 
Reynolds numbers (i.e. Re > 105) are quickly reached. Before large-scale devices 
can be employed, extensive knowledge of the energy extraction performance, in 
addition to the vortex-induced vibration response more generally, at larger 
Reynolds numbers beyond the upper-subcritical (i.e. Re > 1x105) is necessary. 
As mentioned above, for the cylinder with 1-sided splitter-plate only the power-
take-of setting (i.e. the damping ratio) influences the efficiency performance. The 
influence of the structural properties and the length of the splitter-plate length is 
limited to the cross-flow velocity at which the operating point of peak efficiency 
occurs. Accordingly, appropriate values of these parameters are necessary when 
designing a system for operation at a target velocity of a source flow. An optimal 
value of the damping ratio for the cylinder with 1-sided splitter-plate was not 
observed to fall within the range of values 0  ζ  ~0.2 tested in the present 
experiments (see e.g. Fig.9-7 & Fig.9-8); the upper limit of ζ ~ 0.2 being due to the 
maximum damping capacity of the laboratory apparatus. Judging by the trends of 
Fig.9-7 and Fig.9-8 further improvement in the efficiency performance can be 
expected if the damping ratio is further increased beyond ζ ~ 0.2. Of course, this 
anticipated behaviour is expected only up to an eventual limiting point at which the 
damping setting will correspond to the maximum possible efficiency the cylinder 
with 1-sided splitter-plate system can achieve. 
The dimensionless oscillation wavelength U* = U/(fD) at the peak efficiency 
operating point for the cylinder with 1-sided splitter-plate is governed only by the 
splitter-plate length l/D. The mass properties of the system were found to have no 
influence in this regard. From a design perspective it is necessary to obtain a 
combination of frequency f and cylinder diameter D that satisfies the relation fD = 
U/U*, where U* in the present context is taken to be the reduced-velocity at the peak 
efficiency operating point that corresponds to the particular splitter-plate length 
considered (see e.g. Fig.6-8 & Fig.6-14, respectively, for U* values coinciding with 
the peak in efficiency for the l/D = 0.5 and l/D = 1.0 cases). Unlike the varying 
frequency exhibited throughout the operational range of reduced-velocity by the 
pivoted bare cylinder cases (see e.g. Fig.8-2), the frequency of the galloping-type 




all U*. Consequently, this reduces complexity in the design process. As an example, 
for the l/D = 0.5 splitter-plate the dimensionless wavelength at the operating point 
of peak efficiency is U* ~ 16. Hence, if a cross-flow velocity U = 1m/s of an 
environmental source is assumed, then for the l/D = 0.5 splitter-plate U/U* ~ 1/16 
with the corresponding period of oscillation 16D ~ 1/f = T that must be met by the 
design. 
In Table 10-6 the effects of the system parameters on the pivoted cylinder 
response and efficiency performance are summarised. The descriptions correspond 
to the parameter of the respective column being made larger, all other parameters 
remaining unchanged in value. Where terms are enclosed in brackets additional 
testing is required to establish whether the response is dependent, and if so, to what 
degree, on the bracketed parameters.  









































10.4 Self-governing VIV system in tidal flows 
The parameter settings discussed in the preceding section are a means of enhancing 
the efficiency for a target cross-flow velocity. However, at cross-flow velocities 
greater or less than the ‘design’ velocity the energy extraction efficiency will be 
significantly diminished. In the present section, a method is outlined for 
maintaining the operation at the operating point of peak energy extraction efficiency 
when the cross-flow velocity is variable, as is the case for the flow of tidal streams. 
Although the bare cylinder configuration is used in this discussion the principle is 
also generally applicable to the cylinder with 1-sided or 2-sided splitter-plates. The 
important point is to ensure operation at the U* specific to the cross-section 
considered that coincides with the occurrence of peak efficiency. 
A conceptual means to address this issue for the pivoted circular cylinder 
systems is self-governing control of the system natural frequency. The objective is 
to design the system such that it ‘self-tunes’ the system stiffness T* with regard to 
the cross-flow velocity, thereby ensuring the system is functioning at the peak 
efficiency operating point. That is, the operating point of the bare cylinder system 
would be maintained at U* ~ 5.8, at least throughout the higher range of the cross-
flow velocities (noting flow power ∝ U3) of the tidal stream e.g. applying T* tuning 
in the region 1
2
Umax ≤ U ≤ Umax, where Umax is the peak velocity of the tidal flow. 
The relevant equations for assessing the effect of change in the system stiffness 
(i.e. the torque ratio T*) are: 






2),  (10-10) 










 ,  (10-12) 
where  𝐼𝑎 = 𝐶𝑎𝐼𝑑. 
As an example, the laboratory apparatus used in the present work (see Fig.5-1) 
is considered and the means of adjusting T* restricted to changing the offset of the 




Eq.10-12 and substituting the condition fnw ~ U/(5.8D) (which exists at the peak 

















 ,  (10-13) 





The effect of applying Eq.10-13 to the I* = 0.69, T* = 8.0 cylinder configuration 
was calculated analytically and is presented in Fig.10-8. Note that the data points of 
the figure are the actual efficiency values of the I* = 0.69 experiments at T* = 4.0 
and T* = 8.0 and the solid line is the calculated curve for efficiency using T* control.  
For the T* = 8.0 experiment cθ = 2.61N.m.s/rad (which corresponded to ζ = 0.10), 
the offset of the springs was rs = 0.335m and the cross-flow velocity at which peak 
efficiency of εfr ~ 0.28 occurred was U ~ 0.28m/s. Using then these same settings 
values and starting with U = 0.28m/s the necessary spring offset rs for operation at 
the point of peak efficiency was calculated for reducing cross-flow velocities, up 
until a calculated torque ratio value of T* = 4.0 was reached. For the purpose of 
example this point was treated as a physical limit for the reduction in angular 
stiffness for a real system. Accordingly, at lower cross-flow velocities than that 
corresponding to the peak efficiency point of the T* = 4.0 setting (i.e. at U ~ 
0.18m/s) the calculated efficiency curve then follows that of the experiment data for 






Figure 10-8: Tuning effect of decreasing T* (all other properties maintained) for a 
constant value of the angular damping coefficient cθ = 2.61N.m.s/rad. I
* = 0.69. 
Curves shown for T* = 4.0 and 8.0. ζ(T* = 4.0) = 0.19, ζ(T* = 8.0) = 0.10. 
The data set calculated for the section of the analytic curve (i.e. the solid curve of 
Fig.10-8) in the region 8.0 ≥ T* ≥ 4.0 is presented in Table 10-7. The increase in ζ as 
T* reduces from 8.0 down to 4.0 is due to the dependence of the damping ratio on 
the stiffness of the system (see Eq.10-12). 
Table 10-7: Data set of values for the solid curve of Fig.10-8 in the region 8.0 > T* 
> 4.0.   
U (m/s) rs (m) ζ T
* εfr 
0.271 0.335 0.110 8.01 0.279 
0.257 0.320 0.116 7.32 0.277 
0.244 0.305 0.122 6.67 0.276 
0.230 0.290 0.130 6.05 0.274 
0.217 0.275 0.138 5.48 0.273 
0.203 0.261 0.147 4.93 0.272 
0.190 0.246 0.158 4.42 0.271 
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Chapter 11 Coefficient-of-performance map for the different cylinder cross-
sections 
In previous chapters addressing the energy extraction efficiency performance of the 
pivoted cylinder structures some consideration of the efficiency dependence on the 
parameters that constitute the system was made and the efficiency was generally 
presented plotted against the damping ratio. 
In this chapter, a novel approach to presenting the efficiency of energy extraction 
is outlined. It will be seen that by using the coefficient-of-performance Cp map 
presented herein that for the case of the bare cylinder the inertia ratio of the system 
I*, the Reynolds number and the damping ratio ζ are clearly the parameters 
governing the efficiency performance. In this Cp map, the x-axis parameter is given 
the notation Q*. The Q* term is a measure of the dimensionless volume of water that 
would pass through the swept-area of the cylinder every oscillation cycle in the 
absence of the cylinder disturbing the path of the flow; it is conceptually similar to 
the (inverse of the) tip-speed ratio TSR employed for wind turbines. For the bare 
cylinder at a given damping ratio value, larger coefficient-of-performance values 
are obtained when the system is made to operate at larger Q*, this being achieved 
through increase of the Reynolds number or reduction of the inertia ratio I*. 
However, only by both increasing Re and reducing I* are can the best possible Cp 
values for the bare pivoted cylinder structure be reached. 
For the cylinder cross-sections investigated in the present work (i.e. bare 
cylinder, cylinder with 1-sided splitter-plate and cylinder with 2-sided splitter-
plate), two distinct coefficient-of-performance regimes are identified in the Cp-Q
* 
map, wherein the response is either characterised by low-magnitude–high-
frequency angular vibrations or one of high-magnitude–low-frequency. These two 
factors are inherently accounted for in the Q* term given that the angular magnitude 
of the response and, through the dimensionless oscillation wavelength U*, the 
vibration frequency are both included in its composition. 
Owing to its accordance with the bare cylinder, the first regime of the Cp-Q
* map 
is considered associated with vortex-driven cylinder vibrations. The second regime 




the highest values of Cp were obtained within the vortex-driven regime. Although 
the maximum Cp values reached in the galloping-type regime were significantly 
less, the trends of the εfr-s vs ζ data (noting that the value of Cp is the peak in εfr-s for 
a given test) corresponding to this regime (i.e. cylinder with 1-sided splitter-plate) 
do point to the optimal damping ratio that would maximise Cp being significantly 
larger than the upper limit of the damping ratio tested (see e.g. Fig.9-7 & Fig.9-8). 
The coefficient-of-performance values for all of the tests (i.e. bare cylinder and 
cylinder with 1- and 2-sided splitter-plates) of the present work are presented in 
Fig.11-1 along with approximate constant damping ratio curves corresponding to 
the vortex-driven and galloping-type regimes. In addition, Cp-Q
* data points have 
been calculated by the present author for the efficiency results of the uniform 
spanwise amplitude cylinder of Lee & Bernitsas (2011). These are included in 
Fig.11-1 as ‘+’ markers of differing colour indicating the different damping ratio 
values and with legend references L&B (2011) (the inputs necessary to calculate the 
Cp-Q
* data points that correspond to the outcomes of Lee & Bernitsas (2011) were 
sourced from their tabulated data and through careful reading off their figures). 
In the discussion that follows in regard to the coefficient-of-performance map 
sections 11.4 Inertia ratio I* effect and 11.5 Reynolds number effect and U/D ratio 
are specific to the bare cylinder configuration. 
11.1 Meaning of Q* 
The x-axis parameter Q* of the Cp plot accounts for the cylinder oscillation 
magnitude and the wavelength of the cylinder oscillations. It is a measure of the 
dimensionless volume of fluid (water in the present case) that would effectively 
pass through the swept-area of the cylinder every oscillation cycle in the absence of 
the cylinder disturbing the path of the flow (averaged over a per unit cylinder length 
basis). In other words, it is a relative measure of the amount of water being ‘used’ 
every oscillation cycle by the energy extraction device expressed in numbers of 
cylinder diameters cubed per unit cylinder length. For example, for an operating 
point corresponding to Q* = 300 during each oscillation cycle the device is using a 
total volume of water in units of metres-cubed (i.e. m3) equal to 300DDD((Lend 




calculating Q* owing to the small diameter and length of the stem relative to those 
of the main cylinder. 
The following equations are used for the pivoted cylinder (Eq.11-1) and for the 

















where Lend and Lsh are, respectively, the distances from the cylinder pivot location to 







+ 1),  (11-2) 
where  L is the overall length of the cylinder (m), and 
A is the amplitude of cylinder oscillations (m). 
Note that Eq.11-1 for the pivoted cylinder is a small-angle approximation, valid 
up to approximately θ = π/12. 
11.2 The vortex-driven regime and the galloping-type regime 
It can be seen that the different cylinder cross-sections generally occupy different 
regions of the Cp map and are distinguished by completely differing trends in regard 
to the effect of the damping ratio (see Fig.11-1). The first region is narrow Q*-
banded, located at small values of Q* and owing to the presence of the bare cylinder 
case throughout this region, is referred to herein as the vortex-driven regime; the 
cylinder with 2-sided splitter-plate also inhabits this area of the Cp plot. Throughout 
this region the map is characterised by steeply increasing constant damping ratio 
curves. Within the range of the data obtained in the present work, neither a turning 
point or maximum Q* cut-off point was observed for the constant damping curves. 
In regard to the second regime of the Cp map, Q
* is typically much larger than for 
the vortex-driven regime and, unlike the vortex-driven regime, the constant 
damping curves are lines at constant values of Cp. This regime accords to the 
cylinder with 1-sided splitter-plate and therefore is referred to from this point on as 
the galloping-type regime. 
For the vortex-driven regime, the coefficient-of-performance value obtained is, 
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number. However, this is not the case for the galloping-type regime. In the 
galloping-type regime the damping ratio is the sole parameter governing the value 
of Cp obtained. Note that at Reynolds numbers below Re ~ 8x10
3 and Re ~ 5x103 
for the l/D = 0.5 and l/D = 1.0 1-sided splitter-plate cases, respectively, improved 
lift (i.e. torque) performance of the sections was detected, and as explained in 6.2.1 
Angular response is considered attributable to vortex formation length-scale effects. 
However, in the experiments of the present study the operating points coinciding 
with Cp for the 1-sided splitter-plate cases had a corresponding Reynolds number, in 
all instances, greater than either of the aforementioned values. 
The bare cylinder and the cylinder with 2-sided splitter-plate are considered to be 
part of the same low-magnitude–high-frequency family given their similar location 
and profile in the Cp map. Accordingly, the mode of flow-induced vibration for the 
cylinder with 2-sided splitter-plate is also suspected to be one predominantly driven 
by the vortex shedding from the cylinder and the associated pressure field acting on 
the cylinder body. 
For the vortex-driven regime of the Cp-Q
* plot a general feature is the 
nonlinearity of the constant damping ratio curves. All the damping ratio curves of 
this particular regime follow the general expression 
Cp = a(Q
*)3, (11-3) 
where the value of the coefficient a is dependent on the value of the damping ratio. 
Table 11-1: Values of coefficient a for the curves of constant damping ratio (Eq.11-3) 
of Fig.11-1. 
ζ 0.02 0.05 0.10 0.15 0.20 
a 2.3x10-10 1.3x10-9 2.4x10-9 4.0x10-9 6.0x10-9 
 
Thus, within the vortex-driven regime Cp is a highly nonlinear function of Q
*, for 
any given value of ζ. As a consequence, the magnitude of the change in Cp that 
occurs for a given change in inertia ratio or Reynolds number is absolutely 
dependent on the original value of Q* prior to any modification of the I* or Re 
values being made. Note that the starting value of Q* is itself a function of the 




Re cause migration of the Cp operating point along the ζ curve. The Eq.11-4 









∗   (11-4) 
𝐶𝑝o
′ − 𝐶𝑝𝑜 < 𝐶𝑝1
′ − 𝐶𝑝1  
 
Figure 11-2: Sensitivity of Cp to the Q
* operating point. 
From a standpoint of system design for energy extraction efficiency, configuring 
the system–when using the bare cylinder or cylinder with 2-sided splitter-plate–such 
that the response accords to larger Q* is absolutely essential given that for any 
damping ratio value the coefficient-of-performance is dependent on Q* in a highly 
nonlinear fashion. For the vortex-driven regime the Q* value at operation is 
governed by the Reynolds number (up to a limit) and the inertia ratio values, and at 
operating points corresponding to larger dCp/dQ
* even modest reduction in I* or 
increase in Reynolds number can bring about significant improvement in the Cp 
value. The influence of inertia ratio and the Reynolds number on the coefficient-of-

























A useful way to gain a deeper appreciation of the significance of the Cp plot is to 
consider the single wake splitter-plate from the perspective of why it is generally 
employed–for the prevention or mitigation of vortex-induced vibrations. This was 
discussed earlier in 4.1.2 As vortex-induced vibration suppressor. Throughout the 
Cp region corresponding to the galloping-type oscillations, as exhibited by the 
cylinder with a single attached wake splitter-plate, the coefficient-of-performance 
value for a given damping ratio is constant, irrespective of the splitter-plate length. 
As already outlined, the Cp value obtained for the galloping-type regime is 
independent of the inertia ratio of the system and (at least over the range of 
Reynolds numbers tested during the present work) the Reynolds number. If the 
splitter-plate length is reduced below the lower limit for which a galloping-type 
response was observed to occur in preliminary testing (l/D ~ 0.4) the form of the 
cylinder vibration response then switches to the vortex-driven mode. 
Simultaneously, the coefficient-of-performance now becomes a function of both the 
inertia ratio I* and the Reynolds number with the exact location adopted by the 
system on the vortex-driven branch of the Cp plot being dictated by the values of I
* 
and Re. 
11.3 Damping ratio effect 
It was seen in Chapter 9 that increased damping in the bare cylinder case both 
reduces the magnitude of the cylinder oscillations and increases slightly the 
dimensionless oscillation wavelength (see e.g. Fig.9-38–Fig.9-40). However, for a 
given degree of increase in damping ratio the percentage change in θ/θcyl is greater 
than for U*. Overall, these two effects combine to marginally reduce the 
dimensionless volume of fluid Q* passing the cylinder swept-area each oscillation 
cycle. 
 For the I* = 0.69, D = 0.044m bare cylinder, examples of the effect of damping 
ratio on the coefficient-of-performance are shown in Fig.11-3 at two different 
Reynolds numbers, Re = 7.9x103 and Re = 1.1x104. Also included in Fig.11-3 are 





For the pivoted bare cylinder case an optimal value of the damping ratio for 
energy extraction efficiency is expected at roughly ζopt ~ 0.20-0.30. This judgement 
is based on the trends of the Cp data as shown in the earlier section 9.4.1  Efficiency 
results of the laboratory experiments. This estimated range for the optimal damping 
ratio value for the pivoted cylinder is somewhat larger than that obtained by Lee & 
Bernitsas (2011) for a cylinder with uniform spanwise motion and a single degree-
of-freedom perpendicular to the flow direction. In their vortex-induced vibration 
energy extraction study the optimal power envelope reported was achieved using an 
overall damping ratio in the range 0.136 < ζ < 0.153. By the calculations conducted 
herein the Cp values of their results conducted in the range 0.136 < ζ < 0.153 are 
similar to those of their more highly damped tests at ζ ~ 0.18 (see Fig.11-1). It is 
possible that the origin of these different optimal damping ratio values of ζopt ~ 
0.20-0.30 and ζopt ~ 0.14-0.18, respectively, for the pivoted cylinders of the present 
work and that of Lee & Bernitsas (2011) is to be traced to the different form of the 
cylinder motion (i.e. pivoted or uniform spanwise amplitude) and the influence this 
has on the characteristics of the interaction of the fluid with the cylinder along its 
span (see 3.10.2 Vortex shedding modes associated with the vibrating pivoted 
cylinder). 
In the work of Sun et al. (2016) employing the uniform spanwise amplitude 
single degree-of-freedom (transverse to the flow direction) circular cylinder to 
energy extraction from a cross-flow the optimal damping was identified to lie 
within the range ζopt ~ 0.22-0.26 (overall damping). However, in this case roughness 
strips were added to the cylinder surface at strategic locations. This approach 
modifies the boundary layer flow and thereby the vortex-shedding characteristics 
and the associated fluid forcing on the cylinder. In addition, through careful tuning 
the use of the strategically applied surface roughness achieved the intended effect of 
causing galloping-type vibrations to follow on from the vortex-driven response. 
Therefore, comparing the optimal damping identified in Sun et al. (2016) with that 
predicted herein for the bare pivoted cylinder must be exercised with caution given 
the cylinder with strategically placed surface roughness is, as a consequence of the 




smooth cylinder. Furthermore, the cylinder constraints are also different; Sun et al. 
(2016), uniform spanwise amplitude, and present work, pivoted cylinder. 
Based on the present results the optimal damping ratio for the smooth, rigid, 
pivoted cylinder is expected to be ζopt ~ 0.20-0.30. Irrespective of how accurate this 
forecast may ultimately prove to be there must be an optimally damped condition 
which represents a ceiling beyond which any further increase in the damping will 
result in poorer energy extraction efficiency i.e. lower Cp. The effect of increasing 
the damping ratio in the present experiments was to shift the operating point up and 
slightly to the left in Cp-Q
* space (Fig.11-3); this pattern is expected to be reversed 
if the damping ratio is raised to values beyond the optimal setting ζopt. 
As will be seen in the sections 11.4 and 11.5, the values of the inertia ratio and 
the Reynolds number affect the operating point Q* value for the bare cylinder. 
Accordingly, I* and Re, for a given ζ, shift the operating point in Cp-Q
* space to 
higher or lower points along the curves of constant damping ratio. The magnitude of 
Cp at the optimal damping condition (predicted value of ζopt ~ 0.20-0.30) is 
unavoidably limited if operating at combinations of I* and Re that correspond to low 






Figure 11-3: Effect of damping ratio ζ on the coefficient-of-performance Cp. 
11.4 Inertia ratio I* effect  
A necessary measure if significant values of Cp are to be obtained is to operate at 
low inertia ratio, such that I* < 1. Within this inertia ratio range even modest 
reduction in I* results in notable improvement in the coefficient-of-performance. 
The improvement in Cp is related to the increased oscillation magnitude that 
occurs as a consequence of lowered inertia ratio. This effect on the magnitude of the 
vibration response can be seen in Fig.8-10 which clearly shows that for a given 
Reynolds number the oscillation magnitude is larger at a smaller value of I*. The 
influence of I* is limited to change in θ/θcyl and the dimensionless wavelength of 
cylinder oscillation remains unchanged. Accordingly, the increase in θ/θcyl brought 
about by lower I* combined with the unchanged U* value corresponds to a shift to 
the right along the Q* axis i.e. to larger Q*. Consequently, with reduction in I* the 
operating point in Cp-Q
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Figure 11-4: Influence of inertia ratio I* on the coefficient-of-performance Cp. Re = 
1.14x104. I* = 0.86 point obtained using trend of Fig.8-10 and Eq.9-8.  
As previously mentioned, within the vortex-driven regime the Cp value is a 
highly non-linear function of Q* and, hence, the absolute gain in Cp with reduction 
in I* depends on the original operating point in Cp-Q
* space (see Fig.11-2). That is, 
the same absolute increase in the oscillation magnitude (i.e. the area swept by the 
cylinder) brought about by changing I* from the original to a lower value results in 
a greater increase in Cp the greater the value dCp/dQ
* is at the original operating 
point. Again, the importance of the combined effects of Reynolds number and I* in 
respect to Cp is clear: for a given value of I
* the operating point is already at a 
greater dCp/dQ
* condition when operation is at larger Reynolds number (up to the 
expected limit of Re ~ 2-3x104, below which growth in the magnitude of the 
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11.5 Reynolds number effect and U/D ratio 
An important feature of the coefficient-of-performance plot is that the influence of 
the Reynolds number is inherently taken into account. That is, both the magnitude 
of the cylinder vibrations and the frequency at which they occur is accounted for, 
without any further adjustment for Reynolds number being necessary.  
Qualitatively, the effect of Reynolds number manifests in the Cp-Q
* plot in the 
same manner as change in the inertia ratio. For an assumed constant damping ratio, 
the operating point migrates along the constant damping ratio curve with change in 
Reynolds number. However, the direction of migration is conditional upon the 
cylinder diameter and the cross-flow values. For example, if the cylinder diameter is 
made larger (smaller) in a cross-flow of given velocity U the coefficient-of-
performance Cp is reduced (increased). 
Within the range of Reynolds numbers over which the bare cylinder tests were 
conducted in the present work (3.5x103 < Re < 1.5x104) the Reynolds number was 
found to strongly influence the magnitude of the angular oscillations of the bare 
cylinder (see e.g. 8.3 Reynolds number dependency, Fig.8-7–Fig.8-10). This is 
perhaps to be expected given this Reynolds number range corresponds to the mid-
subcritical throughout which significant growth in the fluctuating lift coefficient CL’ 
for a static cylinder is known to occur, as discussed in section 2.3 Fluid forces 
acting on a cylinder in steady flow. Other aspects of vortex-induced vibration also 
exhibit transition across this range of Reynolds number, such as critical mass ratio 
m*crit and the peak amplitude of vortex-induced vibrations of the cylinder with 
uniform spanwise amplitude of motion (see 3.8.1 Peak amplitude response and 





Figure 11-5: Influence of Reynolds number on the coefficient-of-performance Cp 
for constant cylinder diameter. 
For the pivoted cylinder undergoing vortex-induced vibration the improvement 
in Cp was not just a consequence of the increased magnitude of the cylinder angular 
oscillations that occurred at larger Reynolds number. It can be seen by the 
regression equation for εfr (Eq.3 of Table 10-5) that when the cylinder diameter is 
kept constant as Reynolds number changes the oscillation frequency changes 
significantly–as reflected in the U/D term–and this has a dramatic effect on the 
power extracted and, consequently, on the efficiency obtained (see e.g. Eq.9-9). The 
effect on the cylinder excitation frequency at the peak efficiency operating point, 
and thereby the efficiency, for different scenarios of U and D values is discussed in 
more detail in 10.2.3 Energy extraction efficiency: εfr = f(I
*, Re, U/D, ζ) and 10.3 
Parameter settings for improving energy extraction efficiency. 
At the Cp operating point the dimensionless oscillation wavelength for the bare 










0 100 200 300 400 500 600
Cp
Q*
Bare cylinder, Re = 3.8x10^3,  
I* = 0.69, D = 44mm, ζ = 0.096
Bare cylinder, Re = 7.4x10^3, 
I* = 0.69, D = 44mm, ζ = 0.098
Bare cylinder, Re = 1.1x10^4, 





operating point (and, indeed, the frequency at any given point throughout the 
overall response) increases linearly with increased Reynolds number when the 
diameter of the cylinder is unchanged, and output power is, of course, proportional 
to the oscillation frequency squared i.e. PRMS  f 
2. The implication of this is that 
regardless of the optimal Reynolds number range to target in order to obtain 
heightened lift performance (i.e. greater magnitude of the cylinder angular 
oscillations), the energy extraction efficiency achieved, as expressed through either 
the efficiency εfr or the coefficient-of-performance Cp, is critically dependent on the 
ratio of the cross-flow velocity to the cylinder diameter i.e. on U/D, a measure that 
scales with the excitation frequency. The highest values of efficiency performance 
possible will require U/D >> 1 ideally combined with a Reynolds number of a value 
that accords to heightened fluctuating lift resulting in greater magnitude of the 
cylinder angular vibration θ/θcyl. As discussed previously in section 10.3, a likely 
requirement for the bare cylinder is to design for operation at the highest values of 
the upper-subcritical i.e. at Re ~ 1x105 (for the fixed circular cylinder this regime is 
known to have high values of CL’, see Fig.2-5). In water cross-flow Re = 1x10
5 
corresponds to UD ~ 0.1. As an example of how these parameters relate, consider 
that if designing for a Reynolds number of Re ~ 1x105 in a cross-flow velocity of a 
source of U = 0.5m/s, the necessary cylinder diameter of D = 0.2m (to satisfy UD 
~ 0.1) would correspond to a reasonably high cross-flow to diameter ratio of U/D = 
5. Provided in Table 11-2 are the ratios of cross-flow velocity U to the cylinder 
diameter D for the example cases of the present work presented in Fig.11-5. 
Table 11-2: Cross-flow to cylinder diameter ratio U/D for the Fig.11-5 cases. 
I* D (m) ζ θ/θcyl Cp Re U/D (s-1) f = (U/D)/U
*
  (s-1) 
0.69 0.044 0.096 1.64 0.060 3.8103 1.97 0.33 
0.69 0.044 0.098 1.99 0.091 7.4103 3.82 0.67 
0.69 0.044 0.098 2.40 0.114 1.1104 5.90 1.04 
 
This concludes the main body of the study. In Part IV that follows, Chapter 12 
summarises the main outcomes and significance of the present work with a focus on 




general use of pivoted rigid cylinders as the basis for an energy extraction device. 
Then, to conclude, Chapter 13 provides suggestions for further work that the 
outcomes of the present study have indicated to be essential next steps towards 
improved understanding and the further development of rigid pivoted cylindrical 










PART IV SUMMARY, CONCLUSIONS AND RECOMMENDATIONS 
Chapter 12 Conclusions 
This inquiry has aimed to further understanding of the vibratory response behaviour 
of pivoted rigid circular structures excited into motion by fluid cross-flow 
perpendicular to their longitudinal axis and the efficiency with which this form of 
structure may extract energy from the fluid flow. The specific questions considered 
were: How is the structure appropriately defined in terms of system parameters? 
How does alteration to the cross section through addition of attached non-rotating 
wake splitter-plates affect the vibration response? Which parameters, if any, are 
dominant in governing the oscillation magnitude? Are any dominant in regard to the 
frequency? How do the system parameters feature in regard to the efficiency 
performance? Furthermore, is it possible to optimise parameter settings to maximise 
efficiency of energy extraction from the fluid flow? 
In regard to the frequency response generally, the Frequency-stiffness Fs and 
torque ratio T* parameters were formulated in order to systematically evaluate and 
understand the experiment data obtained. Through use of Fs and T* the 
interrelationships between the different system parameters that collectively govern 
the frequency response of the pivoted cylinder structure with and without attached 
splitter-plates are understood. 
The flow-induced vibration response of three different cylinder cross-sections 
i.e. bare cylinder, cylinder with 1-sided splitter-plate and cylinder with 2-sided 
splitter-plate has been investigated through experiment. In both the bare cylinder 
and 1-sided splitter-plate cases the vibration responses are seen to exhibit all the 
hallmarks typical of the vortex-induced vibration and galloping phenomena, 
respectively, of cylinders with uniform spanwise motion. The configuration of the 
cylinder with 2-sided splitter-plate is not addressed in the literature and therefore it 
is not possible to compare the response observed in the present experiments to other 
published results. Overall, however, owing to its relatively small-angle–high-
frequency behaviour (i.e. small angular oscillation magnitude–high oscillation 
frequency), the flow-induced vibration response of the 2-sided splitter-plate 




of the galloping-type vibrations exhibited by the cylinder with 1-sided splitter-plate 
case. The common region shared by the bare cylinder and the 2-sided splitter-plate 
cylinder in the Cp-Q
* map outlined herein is a consequence of their respective 
small-angle–high-frequency response behaviour. 
For the bare pivoted cylinder the response in regard to the magnitude of the 
angular oscillations has been found to exhibit the same general initial-branch–
upper-branch response as is established to exist for the cylinder with uniform 
amplitude of motion at every point along the cylinder span. In regard to the 
frequency, however, at no times in the pivoted cylinder experiments was there 
present the synchronisation frequency plateau as common to the uniform spanwise 
amplitude cylinder when characterised by significant mass ratios m* > 𝒪(1). To a 
close approximation the frequency response of the pivoted cylinders was linear with 
the cross-flow velocity (see Fig.8-4–Fig.8-6), and therefore similar to the frequency 
behaviour of the uniform spanwise amplitude cylinder at critical mass or less i.e. m* 
 m*crit. The inertia ratios of the pivoted bare cylinders were low in all test cases, 
within the range 0.69  I*  1.17. Consequently, at synchronisation (where the 
established definition applies, fvs ~ fnw ~ f) of the pivoted cylinder response the 
capacity of the cylinder structure to control and regulate the frequency of the 
vortex-shedding from the cylinder and to thus constrain it to closely match the 
cylinder natural frequency over a broad range of cross-flow velocity was 
exceedingly limited. Overall, therefore, at any given operating point in the 
frequency responses of the pivoted cylinders the vibration frequency was controlled 
by the frequency of the dominant spanwise mode of vortex shedding with which the 
net fluctuating fluid force acting on the pivoted cylinder would be associated. 
In the case of the pivoted cylinder with 1-sided splitter-plate the observed linear 
growth in the magnitude of the angular vibration with increased reduced-velocity 
and at relatively constant oscillation frequency throughout is as to be expected for 
structures undergoing galloping-type vibrations; in the present cases, however, as 
observed for a cylinder constrained to pivoted motion. 
With the addition of a second splitter-plate to the cylinder (on the upstream side) 
the nature of the flow-induced vibration was no longer so descriptively 




longer was the linearity in the growth of the peak oscillation angle evident with 
increased reduced-velocity and, in addition, the frequency was observed to change 
in response to change in the velocity of the cross-flow. Overall, and somewhat 
surprisingly, the response for the cylinder with 2-sided splitter-plate is similar to 
that of the bare cylinder case in a number of ways: in the magnitude of the vibration 
angle at the operating point coinciding with Cp; the general profile of the angular 
response over the range of reduced-velocities within which significant vibrations 
occur (including what appears to be a self-limiting behaviour in regard to the 
maximum angular vibration); and the near-linear increasing frequency across the 
cross-flow velocities tested. The highly similar nature of the response 
characteristics of the cylinder with 2-sided splitter-plate to that of the bare cylinder 
case is the basis for the viewpoint put forward in this work that the hydrodynamic 
mechanism associated with the fluid forcing of the cylinder with 2-sided splitter-
plate is the vortex shedding from the cylinder structure. Perhaps, most noteworthy 
in this regard is the linearity in the oscillation frequency which is indicative of the 
frequency of vortex shedding dictating the frequency at which the cylinder 
oscillates. 
A key objective was to evaluate the various parameters that constitute the rigid 
pivoted cylinder system in regard to their influence on the cylinder vibration 
response and efficiency extraction performance. The particular parameters that 
influence the system and to what degree are specific to the type of cylinder cross-
section adopted. For example, the inertia ratio I* is found to have a marked effect on 
the peak oscillation magnitude of the bare cylinder undergoing vortex-induced 
vibration but its effect is limited in the cylinder with 1-sided splitter-plate case to 
influencing the flow velocity at which the galloping-type vibrations begin. For all 
the cross-section types considered herein (i.e. bare cylinder, cylinder with 1-sided 
splitter-plate and cylinder with 2-sided splitter-plate) I* influences the oscillation 
frequency, as does the system stiffness, which is characterised by the torque ratio T* 
parameter. 
Given the efficiency of energy extraction is directly related to the magnitude of 
the angular vibrations and the frequency at which they occur, different settings of 




the cylinder cross-section) are therefore required for each of the three different 
cross-sections considered in order to obtain enhanced efficiency. While for the bare 
cylinder, the length of the splitter-plate is obviously not an applicable parameter, for 
the cylinders with 1-sided and 2-sided splitter-plate configurations the splitter-plate 
length has a strong influence on the vibration response. However, this dependency 
does not extend in either case to the value of the coefficient-of-performance Cp 
obtained. 
As mentioned, the influence that the various system parameters have on the 
cylinder response is different for each of the three cylinder cross-sections 
considered in this work. Accordingly, designing the system for good efficiency 
performance requires tuning of the parameters towards ideal target values which are 
generally unique for each cross-section. The values targeted as part of the parameter 
tuning process also need to account for the flow velocity U of the source and, in the 
case of the bare cylinder, the necessity to design to a target Reynolds number range. 
For the bare cylinder, important considerations and steps identified for system 
design for energy extraction efficiency are: 
i. Design to operate in the upper-subcritical flow regime ~1x104 < Re < ~1x105 
(corresponds to the high fluctuating lift region for a static cylinder). This is 
achieved by appropriately selecting the cylinder diameter D. 
ii. Minimise the inertia of the cylinder system i.e. inertia ratio I* as small as 
possible. 
iii. Taking into account the value of I* in ii. and the necessity to operate at 
optimal power-take-off settings (i.e. optimal damping ratio ζopt) set the 
stiffness T* to a value that forces the operation of the system when subjected 
to the cross-flow velocity U of the source flow to be at the operating point of 
VIV peak efficiency. That is, set T* to ensure that the condition f = U/(U*D) is 
satisfied, where in the context of the preceding expression for f the reduced-
velocity U* is the dimensionless oscillation wavelength at the peak efficiency 
operating point (see Chapter 8 for details of the Reynolds number dependency 
of U* within the mid-subcritical regime) and D is the size of the cylinder 





There is an imperative to operate the bare cylinder energy extraction device 
within the upper-subcritical flow regime, and in so doing the diameter of the 
cylinder is scaled in accordance with the magnitude of the velocity of the flow 
source being utilised. For the typical velocities exhibited by environmental flows 
(i.e. ocean currents, tidal streams, rivers, etc.), operating within the upper-
subcritical corresponds to mid-scale devices with diameter 𝒪(0.1m). Adopting a 
design diameter above this approximate upper limit risks operating at Reynolds 
numbers corresponding to the critical flow regime (and beyond), within which the 
strength of the fluctuating lift coefficient acting on a static cylinder is known to be 
negligible, or weak. This is important given the transitions in vortex-induced 
vibration generally, such as the magnitude of the vibration response for translating 
cylinders (see section 3.8.1), the critical mass (see section 3.8.2) and, as found 
during the course of the present work, the magnitude of the vibration response of 
the pivoted cylinders, appear to share the Reynolds number dependency as 
exhibited by the fluctuating lift coefficient for static cylinders (see Fig.2-5). 
However, if this line of reasoning based on the connection between the magnitude 
of the vortex-induced vibration response and the Reynolds number dependency of 
the fluctuating lift coefficient for a fixed cylinder is extended to even larger 
Reynolds numbers, it may be anticipated that larger-scale cylinder diameters that 
accord to Reynolds numbers greater than 4x106 may also be feasible due to the 
return to significant strength in the vortex shedding that follows on from the 
preceding weak shedding of the supercritical range of Reynolds numbers. 
Owing largely to difficulties and cost associated with producing the test 
conditions, knowledge of the flow-structure interaction, including the cylinder 
forcing, at very large Reynolds numbers is limited (one such example is the large-
scale wind tunnel test performed at NASA, see e.g. Cincotta et al. (1966)). As large 
Reynolds number vortex-induced vibration knowledge grows with time, however, 
the findings will be of particular interest when considering the application of the 
vortex-induced mode of flow-induced vibration to extracting energy from naturally 
occurring flows. It is the hope of the author that cylinder diameters of D ~ 1m will 





For the cylinder with 1-sided attached wake splitter-plate the influence of the 
structural properties and that of the splitter-plate length was found to be limited to 
the cross-flow velocity at which the Cp operating point occurs and does not extend 
to the value of Cp itself. The dimensionless oscillation wavelength U
* = U/(fD) of 
the cylinder at the Cp operating point is governed only by the length of the splitter-
plate l/D. Hence, from a design perspective the requirement is to arrive at a 
combination of frequency f and cylinder diameter D that accords to operation at the 
Cp operating point when the system is subjected to cross-flow at the velocity of the 
flow source. That is, the design must satisfy the criterion fD = U/U*Cp, where U
*
Cp is 
the dimensionless wavelength of the cylinder oscillations at the Cp operating point 
for the particular splitter-plate length considered. Unlike the frequency response of 
the bare cylinder, the frequency of the galloping-type vibrations of the cylinder with 
1-sided splitter-plate is approximately constant at all U*, somewhat simplifying the 
design procedure. For the l/D = 0.5 splitter-plate, which was found to be the shortest 
length that would deliver a consistent galloping-type response, the dimensionless 
wavelength coinciding with Cp was U
*
Cp ~ 16, and the value increased for the larger 
l/D cylinders. Hence, if a cross-flow velocity U = 1m/s of an environmental source 
is assumed, then for the l/D = 0.5 splitter-plate U/U*Cp ~ 1/16 with the 
corresponding relationship for the oscillation period T = 1/f  ~ 16D that must be met 
by the design. Generally speaking, for any splitter-plate length for which galloping 
of the cylinder does occur, the absence of satisfying (U/U*Cp)D = 1/f will not, of 
course, prevent the system from operating and extracting energy from the flow. 
However, the extracted power at the Cp operating point will be less than could have 
otherwise been obtained. The dependency of the energy extraction performance on 
the mass properties of the system in the case of the cylinder with 2-sided splitter-
plate is possibly similar to that exhibited by the bare cylinder. It is suspected that it 
is for this reason that the cylinder with 2-sided splitter-plate is located within the 
same region of the Cp-Q
* map as the bare cylinder case. Confirmation of this will 
require inquiry over a range of inertia ratios and system stiffness of the cylinder 
with 2-sided splitter-plate that were outside the scope of the present work. In terms 




splitter-plate lengths tested l/D = 0.4-1.0 no influence of the length of the splitter-
plate on the value of the coefficient-of-performance was apparent.  
Overall, an inherent tendency for response oscillation at higher frequency has 
been identified as a desirable trait when applying the flow-induced vibration of 
cylinder structures to the task of extracting energy from flows. The importance of 
this point is well appreciated when one considers that the time-averaged energy E of 
the cylinder vibrations is proportional to the cylinder oscillation frequency squared 
i.e. E ∝ f 2. This is largely the reason why the cylinder with the single splitter-plate 
attached to the downstream side of the cylinder (i.e. 1-sided splitter-plate), which 
characteristically exhibits a vibration response of low frequency, was identified as 
an energy extractor of low efficiency. 
For the pivoted cylinder undergoing vortex-induced vibration the identified 
influence of the Reynolds number on the magnitude of the oscillations, although 
beneficial given that higher Reynolds number led to increased angular sweep of the 
cylinder (to an expected maximum once some point in the upper-subcritical regime 
is reached), adds an additional consideration to the design process. The 
dimensionless oscillation wavelength for the bare cylinder configuration at the 
operation point coincident with Cp (and peak εfr) is U
* = U/(fD) ~ 5.8. Hence, for a 
given cylinder diameter the frequency at the Cp operating point linearly increases as 
the Reynolds number is increased in accordance with f = U/(5.8D); and the output 
power is proportional to the oscillation frequency squared. The implication of this is 
that the energy extraction efficiency is critically dependent on the ratio of the cross-
flow velocity U to the cylinder diameter D. Obtaining high values of Cp (and εfr) for 
the bare cylinder requires U/D >> 1 combined with operation at a Reynolds number 
that results in large magnitude of cylinder oscillations, such as the upper-subcritical; 
the trend in the fluctuating lift coefficient CL’ with Reynolds number is considered 
to be a useful guide i.e. design to operate at a Reynolds number within the range 
over which CL’ is at its peak value (see Fig.2-5). It can easily be seen how operating 
at a Reynolds number value within the range noted for greater fluctuating lift while 
ensuring at the same time the condition U/D >> 1 is satisfied can constrain the 
system to small cylinder diameter. Therefore, recommended design is for operation 




diameter to be as large as practicable. With the above considerations in mind, when 
specifying the structural properties of a bare pivoted cylinder for use in extracting 
energy from a cross-flow a sensible design criterion to adopt is U/(U*D) > 1, where 
U* is set equal to 5.8.  
In addition to the already stated importance of tuning the system parameters in 
order to enhance efficiency, the fundamental factor found to govern the efficiency 
when using the pivoted cylinder structure to extract energy from a cross-flow is the 
particular mode of flow-induced vibration that the cylinder is undergoing, which is 
directly a consequence of the cross-sectional geometry of the cylinder. 
The effect that the mode of flow-induced vibration response has on the energy 
extraction performance is mapped in regard to the coefficient-of-performance Cp 
when it is expressed as a function of both the dimensionless oscillation magnitude 
θ/θcyl (or A/D for the cylinder with uniform spanwise amplitude) and the 
dimensionless oscillation wavelength U* =U/(fD) combined into an expression for 
the dimensionless volume of fluid that effectively passes the swept-area of the 
cylinder during each oscillation cycle. For the cylinder cross-sections investigated 
in the present work, two distinct coefficient-of-performance regimes are identified. 
Owing to its accordance with the bare cylinder, the first regime, covering a broad Cp 
range, is considered associated with vortex-driven cylinder vibrations. The second 
regime corresponds to vibrations of the galloping-type. To realise high levels of 
efficiency performance for the vortex-driven regime it is necessary for system 
design to ensure operation in the steep sections of the constant damping ratio curves 
(see Fig.11-1). 
In the Cp plot, the Q
* term is equally determinable for the case of cylinders with 
uniform spanwise amplitude of motion (i.e. the translating cylinder), just requiring 
the oscillation magnitude component in Q* to be written in terms of A/D as opposed 
to θ/θcyl (see Eq.11-1 & Eq.11-2). Included in Fig.11-1 are Cp-Q
* data points 
calculated from the energy extraction results for the uniform spanwise amplitude 
cylinder of Lee & Bernitsas (2011). 
An important feature of the Cp-Q
* plot is that the influence of Reynolds number 
is inherently taken into account. For example, within the vortex-driven regime, at a 




operating point in Cp-Q
* space upwards along a constant damping ratio curve to a 
location coinciding with higher Cp. No further adjustment for Reynolds number is 
necessary given its influence in respect to the x-axis is to increase Q* when, due to 
the larger Reynolds number, the magnitude of the vibration response is increased. In 
this way, the Cp-Q
* plot is self-mapping. 
A useful way to gain a deeper appreciation of the significance of the Cp-Q
* plot 
is to consider the single (wake) splitter-plate from the perspective of why it is 
generally employed–for the mitigation of vortex-induced vibrations (see 4.1.2). In 
the Cp-Q
* plot, throughout the Cp branch corresponding to the galloping-type 
oscillations of the pivoted cylinder with a single attached wake splitter-plate the 
coefficient-of-performance value is relatively constant, irrespective of the splitter-
plate length. If the splitter-plate length is reduced below the lower limit for which a 
galloping-type response was observed to be possible (i.e. less than l/D ~ 0.5) the 
form of the cylinder vibration response will then switch to the vortex-driven mode. 
Simultaneously, the Cp value and the corresponding Q
* operating point become 
dependent on the values of the inertia ratio I*, the ratio of cross-flow velocity to 
cylinder diameter U/D and the Reynolds number. It is anticipated that bluff bodies 
with different cross-sectional geometry to the three cross-sections explored in this 
work or those with surface features that modify the boundary layer behaviour will 
occupy different regions of the Cp-Q
* map to the vortex-driven and galloping-type 
regimes identified to correspond, respectively, to the bare cylinder and cylinder 
with 2-sided splitter-plate and to the cylinder with 1-sided splitter-plate. 
For the three different cross-sections of pivoted cylinder tested the torque 
performance (which is equivalent to the lift performance of a cross-section for a 
system with uniform spanwise amplitude) was quantified based on the lift 
parameter b1 of Sorribes-Palmer & Sanz-Andres (2013) when modified into a form 
appropriate to the pivoted cylinder constraint (after modification the notation b1 of 
Sorribes-Palmer & Sanz-Andres (2013) was retained). In the results of the present 
work, the value of b1 for the bare cylinder was roughly six times greater than the 
highest value obtained for the cylinder with 1-sided splitter-plate and three times 
that of the highest obtained for the cylinder with 2-sided splitter-plate. In addition, 




corresponded to the shortest splitter-plate length tested, and b1 was lower at all 
longer splitter-plate lengths. These differences in the value of the torque parameter 
are a reflection of the differences in the efficiency obtained by the different cross-
sections. Thus, there exists a solid link between the torque performance (or lift 
performance, where appropriate) of a given cross-section and the magnitude of the 
efficiency that will be obtained.  
Consequently, in the context of extracting energy from cross-flows the torque 
parameter b1 is a useful metric for system design and results interpretation: 
efficiency performance is enhanced at larger b1, and vice versa. With knowledge of 
its link to efficiency, through inspection of the b1 parameter definition (see Eq.9-13) 
clear guidance is obtained in regard to the operational objectives of any flow-
induced vibration device applied to extracting energy from cross-flows. The 
efficiency of a FIV system will be improved by using cross-section modification 
that results in:  
i. Larger magnitude of vibration at the same reduced-velocity, or 
ii. Maintained magnitude of vibration with shifting of the peak efficiency 
operating point to a lower reduced-velocity, or 
iii. Ideally, larger magnitude of vibration at lower reduced-velocity. 
The b1 parameter is therefore considered an important basis for the evaluation of 
a given cross-section for application to energy extraction from cross-flows. It 
highlights the importance of the geometric form of the cross section (including 
surface features such as strategically placed roughness) in regard to the efficiency 
that will be obtained. Accordingly, consideration of the cross-section geometry with 
regard to b1 should be included in the early design stages for structures intended to 
extract energy from cross-flows through the mechanism of flow-induced vibration.  
The overall assessment of the present work is that the energy extraction 
performance of the pivoted rigid circular cylinder is compatible with it being used 
as the basis for a renewable energy technology device. Research is necessary, 
however, to determine whether the identified capacity of the laboratory-scale 
pivoted cylinders to extract energy from cross-flows at reasonable efficiency will 
also be seen for larger-scale devices. In practice, a device will always be 




only ever be executed to within some limiting range of ideal values. Nevertheless, 
the outcomes of the present study suggest that the likely values of the structural 
parameters realisable in construction would be satisfactory for achieving useful 
energy extraction performance provided appropriate measures in design and build 
are taken. For the bare cylinder generally, there is a need for the ratio of the cross-
flow velocity to the cylinder diameter U/D to be significantly greater than unity if 
the energy extraction efficiency the system manifestly can provide are to be 
achieved. For the flow velocities typical of marine currents (i.e. U ~ 1m/s) this 
constrains the cylinder diameter to the small-scale (i.e. cylinder diameter, D < 
~0.1m) for Reynolds numbers up to the upper-subcritical i.e. to Re ~ 1x105. To 
ascertain whether large diameter (i.e. 𝒪(1m)) bare cylinders are feasible in cross-
flows of U ~ 1m/s, thorough investigation of the pivoted bare cylinder behaviour at 
Reynolds numbers well beyond Re ~ 1x105 is necessary. For the cylinder with 1-
sided splitter-plate case, tested between 5x103 < Re < 2x104, no Reynolds number 
dependency of the coefficient-of-performance was identified. If this also holds true 
at Reynolds numbers beyond Re ~ 1x105 it may enable large-scale pivoted cylinder 
devices to be practicable for energy extraction from cross-flows if the outcomes of 
future higher Reynolds number studies find the bare cylinder configuration to be 











Chapter 13 Recommendations for further work 
The purpose of this final chapter is to briefly provide suggestions for further inquiry 
that the results of the present work have highlighted to be important next stages of 
investigation. The outcomes of the suggested avenues of inquiry would contribute 
to understanding the performance and thereby the necessary approaches to design of 
the pivoted circular cylinder structure as a renewable energy technology. 
A vital element to be determined for the pivoted cylinder applied to extracting 
energy from cross-flows is the optimally damped setting, at which the best possible 
efficiency will be obtained for a given setup (i.e. the structural and geometric 
properties of the cylinder system). As the results of this work indicate, each of the 
three different cylinder cross-sections investigated (see Fig.5-3) is likely to have a 
damping ratio value at the optimally damped operating condition specific to that 
particular cross-section. This can be seen by comparing, for example, the trends of 
efficiency versus damping ratio obtained herein for the bare pivoted cylinder 
against that for the pivoted cylinder with 1-sided splitter-plate. The optimal 
damping ratio of the pivoted bare cylinder appears to be approximately 25% of 
critically damped. This is based on the trends of the bare cylinder efficiency results 
that were obtained, tested up to a maximum damping ratio value of ζ ~ 0.20. The 
trends exhibit significant curvature with a profile that can be reasonably expected to 
reach a limiting value within the range ζ ~ 0.20-0.30. In the case of the cylinder 
with 1-sided splitter-plate, however, the efficiency curve has a highly linear 
relationship to the damping ratio (over the range tested) and consequently an 
estimate of what the optimal damping ratio for this particular pivoted cylinder 
cross-section may be is not possible. A key goal of suggested additional work is to 
determine the actual optimal damping ratio values, respectively, for the pivoted 
cylinder both with and without splitter-plates. 
It is clear that for the bare cylinder significant magnitude in the angle of the 
vibration response was a feature at all the damping ratio values tested up to and 
including the maximum tested of ζ ~ 0.20 (as expected, the magnitude of the 
angular vibrations was progressively reduced with increased damping ratio). This 




as just discussed, of ζ ~ 0.20-0.30. In this regard the bare cylinder undergoing 
vortex-induced vibration is a robust energy extraction oscillator i.e. it inherently has 
significant magnitude of vibration at close to optimal damping. Further work is 
necessary to develop the efficiency versus damping ratio curves more fully for the 
cylinder with 1-sided and with 2-sided splitter-plate cases in order to establish 
whether the vibration response of these cases possibly undergoes sudden severe 
attenuation prior to the damping ratio value being reached that the trends of the 
efficiency curves obtained in this work would suggest to be the optimally damped 
setting. In other words, if for either of these cylinder with splitter-plate cases a 
damping ratio is reached that results in sudden attenuation of the vibration response 
at a point where the efficiency versus damping ratio curve is still increasing, an 
optimal damping setting for power-take-off in the usual sense could not be said to 
exist. Operation would by necessity then have to be at a damping ratio less than 
(but as close as practicable to) the value corresponding to the operating point at 
which attenuation occurs. It was mentioned at the end of the conclusion section 
that at Re > ~105 the pivoted cylinder with 1-sided splitter-plate may be a necessary 
alternative to the bare cylinder. With this in mind, it is particularly important 
therefore to understand the flow-induced vibration response and energy extraction 
performance of this particular cylinder configuration at values of the damping ratio 
beyond the upper limit of ζ ~ 0.20 obtained in the present experiments. 
The effect of the inertia ratio I* on the efficiency should be explored at I* values 
less than the lowest values achieved in the present work. From the experiments the 
efficiency has been identified to improve for the pivoted bare cylinder undergoing 
VIV as the inertia ratio of the system is reduced; the efficiency improvement is 
linked to the increase in the angular magnitude of the vibration that results from 
lower inertia ratio. The smallest tested inertia ratio value of the bare cylinder in the 
present work of I* = 0.69 was found to be an approximate lower limit obtainable for 
the cylinder diameter used in the laboratory tests, which generally employed 
cylinders of diameter D = 44mm. In practice though, smaller inertia ratio is more 
easily obtained when the cylinder diameter is made larger–this is advantageous for 
cylinders of larger-scale–and is the approach recommended by the present author 




artefact size increases blockage effects in laboratory testing tend to become an 
issue, and the avoidance of blockage ratio effects at larger diameter may necessitate 
a wider fluid test chamber (and cost) in laboratory facilities. If larger cylinder 
diameter is employed as a means of obtaining smaller inertia ratio this has the added 
benefit of allowing larger Reynolds numbers to be reached for a given towing/cross-
flow velocity limit of laboratory equipment. 
There are two principal reasons why the efficiency performance of the pivoted 
cylinder at large Reynolds numbers must be tested: 1) Within the range tested 
herein i.e. 3.5x103 < Re < 1.3x104 the efficiency and coefficient-of-performance of 
the bare cylinder system exhibited strong Reynolds number dependence; and 2) The 
efficiency of the cylinder with 1-sided splitter-plate was independent of Reynolds 
number within the limits tested for this configuration i.e. 5.0x103 < Re < 2.3x104. 
For the bare cylinder case the effect of the Reynolds number is manifest in its 
influence on the magnitude of the peak-to-peak angular magnitude of the cylinder 
vibration response. The Reynolds number influence is fundamentally viewed, 
therefore, for the bare cylinder case, as affecting the magnitude of the fluctuating 
lift coefficient CL’. It is vital that the character (i.e. angular magnitude and 
frequency) of the angular vibration response and the energy extraction efficiency 
performance at Re > 1.3x104 (and particularly beyond the upper-subcritical regime) 
is explored for the pivoted cylinder undergoing vortex-induced vibration. 
It was discussed in the conclusion section that the need to operate at U/(U*CpD) > 
1 (i.e. at moderate to large cylinder excitation frequency) constrains the cylinder to 
small-scale diameters. For example, even at the upper limit of the subcritical regime 
(i.e. Re ~ 1x105) a cylinder diameter of D ~ 0.10-0.20m cannot be exceeded if 
worthwhile efficiency of energy extraction is to be obtained. For the fixed cylinder, 
it is known that beyond the upper-subcritical the fluctuating lift coefficient is 
severely diminished in magnitude throughout the critical and supercritical regimes 
but does eventually recover somewhat when Reynolds number is sufficiently 
increased to the transcritical regime Re > ~4x106 (see Figure 2-5). Accordingly, the 
approximate range 105 < Re < 106 may represent a Reynolds number band within 
which the application of the bare cylinder undergoing vortex-induced vibration to 




show that a bare cylinder energy extraction system could successfully function 
at Re ~ 106 (and greater) the diameter of the cylinder corresponding to the flow 
velocities typically encountered in nature (i.e. U = 𝒪(1m/s)) would be of a size 
D ~ 1m. Therefore, research efforts are needed to assess the efficiency 
performance, and the vibration response more generally, of the pivoted bare 
cylinder at Reynolds numbers beyond the upper-subcritical to establish whether or 
not the bare cylinder energy extraction device can obtain efficiencies when 
operating in the large Reynolds number range (that for velocities typical of 
environmental flows corresponds to D ~ 1m) that would warrant commercial 
investment and deployment.  
For the above reasons the bare cylinder may be limited in operation to less than 
Re ~ 1x105 and therefore not suited to use as a large-scale device. An option for 
device of scale D > ~100mm may possibly be the cylinder with 1-sided splitter-
plate configuration for which no Reynolds number dependency was detected across 
the Reynolds number range tested in the present work. An important undertaking 
therefore is to investigate the vibration response and efficiency performance of the 
cylinder with 1-sided splitter-plate at Reynolds numbers beyond the upper-
subcritical Re > 1x105. If the independence from Reynolds number observed in the 
present experiments (excepting the low Reynolds number region, see section 6.2.1) 
is also maintained at Reynolds numbers beyond Re ~ 1x105 this cross-sectional 
form may then make employing large-scale pivoted cylinder structures for 
extracting energy from cross-flows possible if the bare cylinder is shown to be 
inoperable in the high Reynolds number ranges. 
The higher efficiencies obtained in the present experiments are fundamentally 
related to relatively high frequency of cylinder oscillation at the operating point at 
which peak efficiency occurred. Based on this understanding, using cylinder 
vibrations in the streamwise direction (for which, fundamentally, the fluid forcing 
of the cylinder occurs twice each vortex shedding cycle) for extracting energy from 
cross-flows should also be explored. In the present work, all the experiment 
cylinders used to investigate the energy extraction potential were constrained to a 
single degree-of-freedom, free to motion in the plane perpendicular to the incident 




undergoing oscillations within this plane. For the bare cylinder cross-section, flow-
induced vibrations inline with the incident flow direction are well known to occur 
when the cylinder is afforded freedom to oscillate in this direction. Owing to the 
lower cross-flow velocities that the inline vibrations typically occur at for a given 
structure there is the possibility that the energy extraction efficiency of a system 
based on vibrations in the inline direction may exceed that based on the transverse 
vibrations. 
Using now Eq.9-13 (with Ur instead of U
*) and Eq.9-14 together with the 
assumption that the cylinder possesses equal stiffness in both the transverse and 
inline direction the condition at equal efficiency of energy extraction based on a 































.  (13-2) 
Then, assuming the relationships U|x ~ ½U|y and Ur|x ~ ½Ur|y for U and Ur, 
respectively, between the response points at which peak streamwise and transverse 
oscillation magnitude occurs for two degree-of-freedom cylinders, Eq.13-2 can be 






 ~ 0.35.  (13-3) 
Based on the preceding analysis, if the criterion θx/θy > 0.35 can be satisfied the 
efficiency of energy extraction from the cross-flow for the case of freedom to inline 
motion only will exceed that obtained for the cylinder constrained to oscillation in 
the transverse direction only (provided the frequency of the streamwise oscillations 
is at least double that of the transverse vibrations). 
At comparable Reynolds numbers to the present work, streamwise-to-transverse 
amplitude ratios of approximately one (1) (i.e. equivalent to θx/θy ~ 1) have been 




for a rigid cylinder constrained in the hanging pendulum orientation with natural 
frequency in the streamwise direction set to double that in the transverse direction 
(Assi et al., 2014). In other work, in this case on the vibration response of a 
translating two degree-of-freedom cylinder, a ratio of Ax/Ay ~ 0.5 is apparent 
(Someya et al., 2010). However, blockage effects may have influenced the results 
of Someya et al. (2010), particularly the transverse amplitude, and in addition it is 
possible that even larger transverse amplitude may have been observed had the 
scope of the experiments included reduced-velocity values greater than 4. Overall, 
the outcomes of these works are encouraging for the prospect of realising better 
energy extraction efficiency from the streamwise oscillations. Questions that could 
be asked include: What might be the overall energy extraction efficiency if energy 
could be harnessed simultaneously from the cylinder oscillations in both the 
transverse and streamwise directions? Would the optimal damping for energy 
extraction performance be the same in each direction of the cylinder motion, or 
related in some way? Is there a ratio of the transverse to streamwise stiffness that 
maximises the energy extraction performance? 
As a final note, in the Conclusions chapter the identified link between the 
efficiency and the torque performance of the pivoted cylinder, as measured by the 
b1 parameter, was discussed. An important topic for investigation is therefore the 
geometric (and surface feature) design of the cylinder cross-section with the goal of 
maximising the torque performance of the cylinder, and in so doing enhancing the 
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Examples of systematic standard uncertainty estimate equations. 
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